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This work presents a numerical and experimental investigation of the nacelle aerodynamics

for high bypass ratio aero-engines. A conventional nacelle that is broadly representative of

a current standard, and a compact design that is envisaged for future aero-engines, were

optimized with an existing computational method. Both nacelles were tested in a large-scale

transonic wind tunnel. For the first time, the aerodynamic benefits of compact nacelles are

demonstrated through an experimental test campaign. Measurements and CFD simulations

confirmed the drag reduction of compact configurations across a wide range of operating

points with different flight Mach numbers, massflow capture ratios and angles of attack. For

mid-cruise conditions with a Mach number of 0.85, this was a drag reduction of 8.5% and

8.8% for the measurements and the numerical simulations, respectively. These benefits are

similar to an isolated optimisation, i.e. not installed in the wind tunnel, which confirmed the

capabilities of the design method to identify the drag benefit of compact designs. Relative to the

measurements, the main aerodynamic characteristics on the nacelles were captured by CFD

in terms of isentropic Mach number distributions and shock location. This work provides a

quantitative evaluation for the use of CFD within an industrial setting for nacelle design and

analysis.
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Nomenclature

Roman

A = Area, [𝑚2]

𝐶𝐷 = Nacelle drag coefficient, [-]

D = Drag, [𝑁]

L = Length, [𝑚]

M = Mach number, [-]

P = Pressure, [𝑃𝑎]

q = Dynamic head, [𝑃𝑎]

r = Radius, [𝑚]

Re = Reynolds number, [-]

T = Temperature, [𝐾]

U = Uncertainty, [-]

Greek

𝛼 = Angle of attack, [𝑑𝑒𝑔]

𝜙 = Force, [𝑁]

𝜓 = Azimuthal location, [𝑑𝑒𝑔]

Superscripts and Subscripts

0 = Total conditions

∞ = Free-stream conditions

𝑏𝑠 = bounding streamline

ℎ𝑖 = Highlight

𝑖𝑠 = Isentropic

𝑚𝑎𝑥 = Maximum

𝑛𝑎𝑐 = Nacelle

𝑝𝑟𝑒 = Pre-entry

𝑠𝑡 = Static conditions

𝑠𝑡𝑖𝑛𝑔 = Sting

𝑠𝑡𝑖𝑛𝑔, 𝑝 = Sting (pressure term)

𝑠𝑡𝑖𝑛𝑔, 𝑣 = Sting (viscous term)

𝑡𝑒 = Trailing Edge

Acronyms
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ACARE = Advisory Council for Aviation Research and Innovation in Europe

AGARD = Advisory Group for Aerospace Research and Development

ARA = Aircraft Research Association

BC = Boundary Condition

BPR = Bypass Ratio

CFD = Computational Fluid Dynamics

FF = Farfield

HBPR = High Bypass Ratio

MFCR = Mass Flow Capture Ratio

RANS = Reynolds Averaged Navier Stokes

SST = Shear Stress Transport

TWT = Transonic Wind Tunnel

I. Introduction

R
elative to year-2000 aircraft, the aerospace performance targets defined by ACARE in Flightpath 2050 aim for a

reduction in fuel-burn, landing/take-off NOx emissions, and perceived noise of 75%, 80%, and 65%, respectively

[1]. This may be realised through a mix of different technologies such as fuel-efficient and more environmentally

friendly turbofan engines [2], sustainable aviation fuels [3], hydrogen powered [4], hybrid [5] or all electric aircraft

[6]. Independently of the technology level, the design and optimization of integrated propulsion systems will be a key

element in improving efficiency and reducing emissions [7–9] . In this respect, aspects such as the overall sizing, weight,

installation and drag of the powerplant can have a significant impact on the overall aerodynamic performance [10].

Within the context of civil aero-engines for podded under-wing configurations, there is a tendency of increasing the

bypass ratio (BPR) and reducing the fan pressure ratio to reduce the engine specific fuel consumption and to improve

propulsive efficiency [7, 11]. Relative to current in-service architectures that operate at BPR of approximately 10, future

turbofans might use bypass ratios above 15 [12]. This large change in engine configuration will require new designs

of the intake, nacelle and exhaust system [13, 14]. If traditional design rules are applied, and are simply scaled to

accommodate the larger fan diameters, the increase in wetted area and weight may erode the aerodynamic benefits from

the low specific thrust cycles. Motivated by these requirements, it is expected that future civil aero-engines will use

short and compact housing components [11, 15].

Over the last years, different computational studies have been conducted to understand the aerodynamic feasibility

of high bypass ratio (HBPR) aero-engine nacelles. This includes the development of methods to identify the limits of

the feasible design space [15], the assessment of nacelle drag trade-off studies between the intake and nacelle [11],

3



the investigation of the aerodynamic characteristics of compact configurations at off-design conditions [16, 17], and

the evaluation of the effect of aircraft integration for these new propulsion systems [9, 18–20]. Tejero et al. [15]

developed a novel method for the multi-point, multi-objective optimization of compact aero-engine nacelles. As part

of the design process, several operating conditions within the cruise segment were considered. The work was based

on short configurations in which the ratio of nacelle length (𝐿𝑛𝑎𝑐) to highlight radius (𝑟ℎ𝑖) varied from 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 =

3.0 to 2.4. In addition, the exhaust compactness ranged from a normalised trailing edge (𝑟𝑡𝑒) of 𝑟𝑡𝑒/𝑟ℎ𝑖 = 1.0 to 0.89.

Across this design space, the nacelle drag varied by approximately 40% which highlighted the large sensitivity of short

configurations. The trade-off between intake and nacelle design has been investigated by Peters et al. [11]. A range of

nacelle lengths were considered, which resulted in changes in the ratio of intake length (𝐿𝑖𝑛𝑡 ) to fan diameter (𝐷 𝑓 𝑎𝑛)

from 𝐿𝑖𝑛𝑡/𝐷 𝑓 𝑎𝑛 = 0.19 to 0.5. Whilst shortening the length had a benefit on nacelle drag, intakes with 𝐿𝑖𝑛𝑡/𝐷 𝑓 𝑎𝑛 <

0.25 were unfeasible due to the reduction in fan efficiency. Previous work identified that short nacelles are more sensitive

to off-design windmilling conditions, and these operating conditions should be included during the design process [21].

The requirements for multi-point aerodynamic design have been also highlighted by Silva et al. [22]. The optimisation

process considered crucial conditions of the flight envelope such as mid-cruise, low speed at high angle of attack or

crosswind. Relative to a baseline geometry with inlet separation in crosswind conditions, the redesign of the intake and

external cowl to avoid boundary layer separation resulted in a 5.1% penalty in nacelle drag at mid-cruise. Similarly, Tao

et al. [23] also developed a multi-objective optimization capability for short nacelle optimization under different flight

conditions. As part of the design process, the nacelle drag at mid-cruise was minimized and the intake pressure recovery

at take-off was maximized. The optimization was driven with a multi-fidelity method based on co-kriging, where

the low-fidelity and high-fidelity refers to RANS computations with coarse and fine meshes, respectively. Relative

to a reference configuration, the mid-cruise nacelle drag was reduced by approximately 23% and the intake pressure

recovery was increased by 1.6%. Within the context of novel aircraft concepts and the associated design challenges for

airframe-propulsion integration, Yildirim et al. [24] developed an adjoint-based method for multi-point optimisation.

The work was based on maximising cruise performance subjected to a fan-face distortion constraint at rolling take-off

conditions. Relative to a single-point optimisation for mid-cruise conditions, the multi-point approach resulted in a

new design with cruise power penalty of around 0.1% but a 37% reduction in fan face distortion at the off-design

operating point. Overall, the work highlighted the importance of multi-point optimisation as part of integration design

studies. Natural laminar flow nacelles were investigated by Yan et al. [25]. The work focused on a conventional 3D

non-axisymmetric configuration with 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 ≈ 3.5. For transonic conditions with a freestream Mach number of 0.85,

it was demonstrated that the nacelle could be redesigned to maintain laminar flow over 30% of the nacelle length. This

resulted in a nacelle drag reduction of 5.4% relative to a baseline geometry.

Other key research for compact aero-engine nacelles has been the quantification of the effects of aircraft integration

[9, 18–20]. Tejero et al. [9] evaluated the changes in the aerodynamic performance of compact and conventional
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nacelles for a range of installation positions. It was concluded that, relative to the conventional configuration, there is

approximately a 1.2% improvement in the net vehicle force for the compact powerplant when installed in a forward

location relative to the wing leading edge. This aligns with the aerodynamic benefits identified for the nacelle in

isolation. However, for close-coupled installation positions, the aerodynamic benefit in net vehicle force reduces to

0.44% due to the greater effects of aircraft integration on compact nacelles. The thrust-drag bookkeeping approach

was based on the method developed by Goulos et al. [18] to calculate the aerodynamic performance of combined

airframe-engine architectures. Similar accounting and findings were subsequently reported by Magrini et al. [26]. To

quantify the aerodynamic effect of the powerplant on the aircraft, Lei et al. [27] performed an adjoint optimisation with

462 wing shape variables and 3 engine position variables. Relative to the baseline configuration, the aircraft drag was

reduced by 2.7%. Silva et al. [19] conducted a comparison of the aerodynamic performance between over-wing and

under-wing mounted compact nacelles. For the same aircraft lift coefficient, the over-wing configuration required a

greater angle-of-attack compared to the under-wing arrangement. It was highlighted that this has an impact on the

nacelle design as its drag increases with the incidence angle. Moreover, it was quantified that for the trimmed condition

the overall aircraft drag for the over-wing design was 2% larger than the baseline under-wing arrangement.

There is no open source experimental aerodynamic data for compact HBPR nacelles. Previous wind tunnel tests have

been based on relatively long configurations that are not representative of this new design space. The prior experimental

work mainly focused on three configurations that were measured at the Aircraft Research Association (ARA) Transonic

Wind Tunnel (TWT) [28, 29]. Nacelle-1 was a long nacelle with 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 ≈ 6.7 and was designed to assess alternatives

to the conventional NACA series 1 type forebody designs [28]. It was axisymmetric with a cylindrical centrebody, a

simple circular arc and a conical section for the afterbody. The other two test campaigns for Nacelle-2 and Nacelle-3

were based on nacelles with 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 ≈ 3.6. Nacelle-2 was also an axisymmetric configuration without the centrebody

section and the conical afterbody. Nacelle-3 was a three-dimensional design with a conventional cylindrical centrebody

and a 3D intake with scarf and offset. A summary of the operating conditions for the three TWT tests is provided

in Table 1. This experimental data was used by Robinson et al. [29] to establish the current state-of-the-art for the

validation of RANS CFD methods in nacelle applications. It was concluded that numerical simulations typically predict

the nacelle drag within 4% at Mach numbers below the drag rise Mach number. It is important to emphasize that this

work was based on nacelles with 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 > 3.6, which are longer than the expected short HBPR aero-engine nacelles

with 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 ≈ 3.0 [15].

There is a clear need to design compact aero-engine nacelles that will not erode the benefits obtained from the new

engine cycles. It is required to determine the possible aerodynamic benefits with respect to conventional configurations.

The existing literature is predominantly focused on developing computational methods to design HBPR aero-engine

nacelles. The aerodynamic feasibility of these new designs has been claimed following the outcomes of numerical

optimizations. However, this has never been confirmed with measurements. Therefore, there is a clear research gap to
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Nacelle Mach number [-] MFCR [-] 𝛼𝑛𝑎𝑐 [◦] 𝑅𝑒𝑟𝑚𝑎𝑥 [-]

1 0.4-0.95 0.3-1.0 0 1.5 ×106 - 2.4 ×106

2 0.8-0.89 0.45-0.7 0-4 4.0 ×106

3 0.8-0.88 0.75 4-6 4.0 ×106

Table 1 Summary of flow conditions for previous nacelle experimental data [29]

measure the possible uncertainty of the overall computational design processes. The novelty of this work lies in the

demonstration of the aerodynamic benefits of compact nacelles, that are designed and optimized by CFD methods,

through wind tunnel testing in an industrial scale transonic facility. The main contribution is that this study provides for

the first time a quantitative assessment of the CFD ability to predict the nacelle aerodynamic characteristics of these

new configurations. Besides, it validates the optimization system to deliver drag reduction through compact nacelles,

and provides a quantitative evaluation for the use of CFD within an industrial setting for design and analysis. In this

respect, the numerical uncertainty on the prediction of nacelle drag as well as on the associated flow characteristics are

quantified by detailed comparisons with experimental data.

II. Methodology

As part of this work, a nacelle test rig (Section II.A) was recommissioned to undertake state-of-the-art measurements

for aero-engine nacelle applications. The experiments mainly involved determining nacelle drag across various operating

conditions and mapping pressure distributions along the nacelle to provide insights into the main flow characteristics.

Two configurations were designed with an existing multi-point, multi-objective optimization tool [15], and measured in

a transonic wind tunnel. One was a long nacelle with a conventional 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.6. This was established to benchmark

the aerodynamic benefits of the second optimized configuration that is representative of an HBPR design with a short

𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.1 [9, 18]. Computational analyses were carried out for the rig arrangement to validate the CFD approach

that is usually used within an industrial design setting (Section II.B).

A. Experimental approach

The high speed wind tunnel measurements were performed using the ARA large scale nacelle test rig (Figure 1).

This rig was installed in the ARA 8’ × 9’ (2.4m × 2.7m) transonic wind-tunnel (TWT). The nacelle drag was determined

with a wake momentum survey and derived from pressure measurements (Figure 1). Overall, five traversing pressure

rake arms with 29 total pressure Pitot heads and 7 static pressure radial measurement positions were used in each arm.

The location of the Pitot heads was biased towards the nacelle support sting to enhance the resolution in the boundary

layer (Figure 1). The rake arm was rotated to provide a total of 15 azimuthal positions, which equates to 24◦ resolution.

This ensures that non-axisymmetric flow features induced by the nacelles can be measured. The nacelle and sting
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were instrumented with static pressure tappings to provide detailed measurements of the nacelle flow characteristics as

well as to enable drag corrections due to the additional viscous drag terms generated on the sting [30]. Five azimuthal

locations around the nacelle surface were instrumented at 𝜓 = 0◦, 45◦, 90◦, 135◦ and 180◦ with 30, 26, 27, 18 and 22

axially-distributed static pressure taps, respectively. The sting was instrumented at the aero-lines of 𝜓 = 0◦, 90◦ and

180◦ with 17 axially-distributed taps each. It is important to note that the sting begins with a contraction just after the

nacelle’s trailing edge. This was designed to mimic the initial streamtube of an equivalent isolated aero-engine nacelle.

As a result, the pressure distribution on the nacelle afterbody and the initial contraction is similar to the isolated case.

The sting’s shape was defined for mid-cruise conditions and remained unchanged throughout all measured operating

points. This approach represents an improvement over previous nacelle wind tunnel campaigns, where the sting had a

cylindrical shape [28], which is less accurate in representing post-exit forces.

A wide range of operating conditions were evaluated. Although the main focus was on mid-cruise, the sensitivities

to the key aerodynamic parameters of freestream Mach number (M), massflow capture ratio (MFCR) and angle of attack

(𝛼𝑛𝑎𝑐) were also investigated. The massflow capture ratio (MFCR in Eq. 1) is a function of massflow through the

intake (𝑚𝑖𝑛𝑡𝑎𝑘𝑒), the nacelle highlight area (𝐴ℎ𝑖) and the free-stream density (𝜌) and velocity (𝑉). An overview of the

operating conditions is presented in Section III.B. The freestream Mach number was derived from the measured total

and static pressures in the settling chamber and working section plenum chamber, respectively. The uncertainty on the

static and total pressures takes into account the measurement system calibration which includes error contributions due

to transducer non-linearity, hysteresis and non-repeatability [31, 32]. Bias and random uncertainty contributions were

combined by summation and quadrature using an Euclidean norm and assessed at the 2𝜎 level. The overall uncertainty

on the wind tunnel Mach number and isentropic Mach number was up to about ±0.002. The intake massflow was

controlled with a valve located between the rig and the suction source. It was measured using an in-line venturi installed

upstream of the throttle valve. The venturi was calibrated against an industrial standard airmeter [33]. Including the

terms from the calibration and the venture pressure measurements, the overall uncertainty on MFCR was ±00.004 at the

nominal cruise point and up to ±0.01 across the range of operating conditions. Nacelle incidence was set by means of a

turntable in the floor of the TWT working section (Figure 1). The overall uncertainty on incidence was 0.05◦ which

included the model support deflection, the port to starboard sidewash angle in the working section, and the stochastic

uncertainty in the turntable setting angle. Nacelle drag was determined from the wake rake survey and the uncertainty

assessment included the static and total pressure terms outlined above. For both nacelle configurations at mid cruise,

bias and random contributions were of order +0.5% and ±0.9%.

𝑀𝐹𝐶𝑅 =
𝑚𝑖𝑛𝑡𝑎𝑘𝑒

𝜌𝑉𝐴ℎ𝑖

(1)
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Fig. 1 Front view of the ARA Z30 large scale nacelle test rig

B. Numerical approach

1. Nacelle design and optimization

The nacelle optimization process was based on a well-established numerical method developed by Tejero et al. [15],

which has been successfully used in the past to evaluate the aerodynamic feasibility of compact aero-engine nacelles.

A thorough description of the method has been provided in previous work and, therefore, only a brief description is

presented here. The shapes of the aero-engine nacelles are parametrized with the intuitive class shape transformation

method [15]. The azimuthal definition is controlled with 5 aero-lines (𝜓 = 0◦, 45◦, 90◦, 135◦ and 180◦), and overall a

total of 20 geometric degrees of freedom are used during the optimization process. The geometry definition includes the

intake requirements of droop and scarf angle [11]. The computational approach is based on solving the Favre-averaged

Navier–Stokes equations with the 𝑘 − 𝜔 SST turbulence model. During the optimization process a range of flight

conditions are considered. This includes operating points within the cruise segment as well as off-design windmilling to

ensure the aerodynamic robustness of the designs [21]. The nacelle drag is extracted with the AGARD thrust-drag

bookkeeping method [34]. The multi-point, multi-objective optimization is carried out with the Non-Dominated Sorting

Genetic Algorithm II (NSGA-II) gradient-free algorithm [35]. The design process was based on an isolated arrangement

[15], without the different elements of the wind tunnel, e.g. sting or strut.

2. Computational approach for the rig arrangement

Although the nacelles were optimized as an isolated configuration (Section II.B.1), the wind tunnel tests used an

established sting mounted arrangement (Figure 1). Therefore, for the assessments of the wind tunnel configuration a

consistent CFD method was adopted. The viscous and compressible steady Favre-averaged Navier-Stokes equations

are solved in Ansys Fluent [36] with a double precision, density-based and implicit approach. This works uses the
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𝑘 − 𝜔 SST turbulence model. The Green-Gauss node-based method for the flow-field gradients was used with a

second-order accurate upwind scheme. The dynamic viscosity is calculated with Sutherland’s law [37] and the thermal

conductivity with kinetic theory. This is the same numerical method as the used for the isolated nacelle design and

optimization (Section II.B.1). The nacelle boundary layer was tripped using discrete roughness elements which were

placed approximately at 5% of the nacelle chord from the leading edge. The successful transition to fully turbulent flow

was proven using acenaphthene visualisation. The CFD simulations assumed fully turbulence flow. A far-field type

Boundary Condition (BC) was used to avoid the complexity of modeling the TWT wall porosity [17]. A spherical

domain was used with a diameter of 100 ×𝑟ℎ𝑖 , where 𝑟ℎ𝑖 refers to the nacelle highlight radius. The spherical boundary

was defined with a pressure far-field in which the Mach number (M), and static pressure (𝑃𝑠) and temperature (𝑇𝑠) are

imposed to match the operating conditions of the TWT. The intake massflow was controlled with a static pressure BC to

meet the required operating conditions. The intake, nacelle, sting and strut surfaces were modelled as adiabatic and

viscous no-slip walls (Figure 2b). The sting surface that was extended to the farfield was modelled with a slip wall

condition. A hybrid mesh was used with structured prism layers near the walls and tetrahedral elements in the remainder

of the domain. The first cell height was adjusted to satisfy a y+ of 1 for the no-slip walls. Mesh refinement zones

were added in the nacelle highlight and its body vicinity to capture the flow gradients and shock waves. The spatial

discretisation was based on a grid sensitivity study [38]. Overall, three different meshes with 4.4 ×106, 15.9 ×106 and

46.2 ×106 cells were considered. For typical mid-cruise conditions with M = 0.85, MFCR = 0.7 and 𝛼𝑛𝑎𝑐 = 4.5◦, the

grid convergence index of the medium mesh with 15.9 ×106 elements was 1.0% based on nacelle drag. This is similar

to the uncertainty of the measurements, and this grid was used for the investigation. The pressure outlet boundary

condition used a uniform static pressure. Whilst no experimental data was recorded to verify this assumption, a CFD

study assessed its impact on nacelle drag and isentropic Mach number along the nacelle. The difference in nacelle drag

between a reflective and non-reflective pressure-outlet condition was in the order of 0.01%. This is almost two orders of

magnitude lower than the experimental uncertainty. In addition, the changes in the isentropic Mach number distribution

on the nacelle were negligible.

C. Thrust-drag bookkeeping for the rig arrangement

The nacelle drag in the wind tunnel configuration (𝐷𝑛𝑎𝑐,𝑇𝑊𝑇 in Eq. 2) is defined as the sum of the pre-entry

streamtube force (𝜙𝑝𝑟𝑒), the pressure and viscous terms of the force exerted on the nacelle surface from the stagnation

point to the trailing edge (𝜙𝑛𝑎𝑐) and the pressure component on the sting up to the rake location (𝜙𝑠𝑡𝑖𝑛𝑔,𝑝) (Figure 3).

Dnac,TWT = 𝜙pre + 𝜙nac + 𝜙𝑠𝑡𝑖𝑛𝑔,𝑝 (2)

in which the term 𝜙 in the drag axis is expressed as in Eq. 3:
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(a) Overview (b) Boundary conditions (not to scale)

Fig. 2 Computational model of the ARA Z30 nacelle test rig

𝜙 =

∫

𝑆

(𝑝𝑠 − 𝑝∞)
−→𝑒𝐷 ·

−→
𝑑𝑆 +

∫

𝐴

𝜏−→𝑒𝐷 ·
−→
𝑑𝐴 (3)

where 𝑝𝑠 is the local static pressure, 𝑝∞ refers to the static pressure at infinity, 𝜏 is the wall shear stress, −→𝑒𝐷 is the

unit vector in drag direction and the terms
−→
𝑑𝑆 and

−→
𝑑𝐴 refer to the surface normal and tangential unit vectors, respectively.

As described above, the force acting on the nacelle surface comprises viscous and pressure terms. The viscous

component is mainly dominated by the nacelle wetted area and the boundary layer characteristics. The pressure term is

related to the pressure distribution along the nacelle and the projection of the nacelle area in the drag axis. For transonic

conditions, there is usually a shock wave which results in shock losses and wave drag. As such, the associated lift

distribution has a large impact on the nacelle drag. The pre-entry term (𝜙𝑝𝑟𝑒) is dictated by the MFCR. For example, it

increases as MFCR reduces. However, this also affects the forces on the nacelle surface. For a reduction of MFCR, the

pressure force reduces around the nacelle lip which is beneficial for the overall nacelle drag. However, it also results in a

stronger pre-shock Mach number, and a concomitant larger wave drag. Therefore, there is a trade-off between the initial

acceleration and the shock strength. For the wind-tunnel arrangement, the sting post-exist force is linked to the static

pressure at the nacelle trailing edge. Within a broader context, it is important to highlight that for isolated arrangements

with an exhaust system, the post-exit force is also a function of the exhaust pressure ratio.

The nacelle drag was calculated with a wake integration method. The mathematical derivation of the accounting is

provided below.

A control volume (CV in Figure 3) can be defined, which encloses the upper streamline (𝜙𝑏𝑠), and the contributions

on the lower side of 𝜙𝑝𝑟𝑒, 𝜙𝑛𝑎𝑐 and 𝜙𝑠𝑡𝑖𝑛𝑔 (Figure 3). These terms can be related to the gauge forces (𝐹𝐺) at sections 3

and 00 through a momentum balance (Eq.4):
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Fig. 3 Schematic of the thrust-drag bookkeeping method

−FG00 + 𝜙bs + FG3 + 𝜙pre + 𝜙nac + 𝜙sting = 0 (4)

where the gauge force (𝐹𝐺) in the drag axis is defined as in Eq. 5:

𝐹𝐺 =

∫

𝑆

(𝑝 − 𝑝∞)
−→𝑒𝐷 ·

−→
𝑑𝑆 +

∫

𝑆

(𝜌 | ®𝑈 | ®𝑈)−→𝑒𝐷 ·
−→
𝑑𝑆 (5)

and 𝜌 is the density and ®𝑈 is the velocity vector.

The force acting on the sting up to the rake location, i.e. 𝜙𝑠𝑡𝑖𝑛𝑔, encompasses both pressure and viscous terms.

Therefore, Eq. 4 can be rewritten to Eq. 6:

−FG00 + 𝜙bs + FG3 + 𝜙pre + 𝜙nac + 𝜙sting,p + 𝜙sting,v = 0 (6)

where 𝜙𝑠𝑡𝑖𝑛𝑔,𝑝 and 𝜙𝑠𝑡𝑖𝑛𝑔,𝑣 are the pressure and viscous terms acting on the sting, respectively.

Within the context of nacelle drag in the wind tunnel sting mounted configuration, the sting viscous term is a

spurious contribution, and its magnitude is primarily influenced by the location of the rake plane. Therefore, this term is

excluded in the drag accounting. This is consistent with isolated nacelle configurations, i.e. not installed in the wind

tunnel, where only the pressure term on the post-exist streamtube is accounted for.

The combination of Eq. 2 and 6 results in the definition of nacelle drag in the wind tunnel (Eq. 7):

Dnac,TWT = FG00 − FG3 − 𝜙bs − 𝜙𝑠𝑡𝑖𝑛𝑔,𝑣 (7)

It is important to note that the total pressure at the rake plane (Station 3 in Figure 3) is used to calculate the momentum

deficit from the freestream conditions with the Jones’ method [39]. For this purpose, the flow variables are isentropically

expanded to the Jones plane (Station J in Figure 3). The expansion assumes constant massflow, total temperature, total

pressure and expands to the free-stream static conditions. The expansion to the Jones plane is performed due to the
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sparse static pressure measurements in the rake plane, which are limited to 7 radial locations. Although the static

pressure could have been interpolated to match the radial locations of the total pressure measurements, allowing for

the calculation of the velocity as part of the gross force definition (𝐹𝐺3), the Jones plane approach is applied in this

work because it is a well-established method in wind tunnel testing and has been successfully used in previous studies

[28, 40, 41]. Due to this expansion, two additional terms are added in the thrust-drag bookkeeping accounting: 𝜙Jbs and

𝜙Jis (Figure 3). Therefore, the nacelle drag can be also expressed as in Eq. 8:

Dnac,TWT = FG00 − FGJ − 𝜙bs − 𝜙𝑠𝑡𝑖𝑛𝑔,𝑣 − 𝜙Jbs − 𝜙Jis (8)

The nacelle drag requires all the terms presented in Eq. 8. Due to the isentropic expansion to the Jones plane, the

term of 𝜙Jis is zero. The forces on the bounding streamlines, i.e. 𝜙bs and 𝜙Jbs cannot be measured in the experiments.

As such, a modified nacelle drag (Dmod
nac,TWT

in Eq. 9) is defined, and used in this work. Whilst this formulation neglects

the influence of the terms 𝜙bs and 𝜙Jbs, the values are several order of magnitude smaller than the infinity gauge force

term, i.e. 𝐹𝐺00. The magnitude was quantified with CFD. For typical mid-cruise conditions with M = 0.85, MFCR =

0.7 and 𝛼𝑛𝑎𝑐 = 4.5◦, the values of 𝜙bs and 𝜙Jbs were 0.02% and 0.1% relative to 𝐹𝐺00, respectively. For consistency, the

experimental and numerical results are reported with the same nacelle drag formulation (Eq. 9).

Dmod
nac,TWT = FG00 − FGJ − 𝜙𝑠𝑡𝑖𝑛𝑔,𝑣 (9)

For the experimental data, the term 𝜙𝑠𝑡𝑖𝑛𝑔,𝑣 is determined using the Green’s method [30]. However, for the numerical

results the Green’s tool is not applicable and 𝜙𝑠𝑡𝑖𝑛𝑔,𝑣 is extracted directly from the CFD solution. To calculate 𝐹GJ, the

CFD data was interrogated with the same radial and azimuthal resolution as the rakes to provide a direct comparison

between measurements and CFD.

The nacelle drag coefficient (Eq. 10) is obtained by normalising the modified nacelle drag (Eq. 9) with the dynamic

head and the nacelle highlight area (𝐴ℎ𝑖).

CD =

Dmod
nac,TWT

1
2
𝜌∞V2

∞Ahi

(10)

The gauge forces of 𝐹𝐺00 and 𝐹𝐺𝐽 were calculated with the data from the rake plane (Section 3). Whilst the

derivation below is for the experiments, the same approach was followed for the CFD results. For each probe, the

pressure ratio (𝑃𝑅𝐽 in Eq. 11) at the Jones plane was calculated as the ratio between the measured total pressure (𝑃0,rake)

at the rake plane and the measured static pressure in the settling chamber (𝑃𝑠,WT).

𝑃𝑅𝐽 =
𝑃0,rake

𝑃𝑠,WT

(11)
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This ratio was then used to derive the associated Mach number (𝑀𝐽 in Eq. 12) by applying isentropic relation for

compressible flow:

𝑀𝐽 =

√︄

2

𝛾 − 1

[

(𝑃𝑅𝐽 )
𝛾−1
𝛾 − 1

]

(12)

where 𝛾 is the specific heat ratio, and was set to 1.4.

Similarly, the static temperature in each rake location at the Jones plane (𝑇𝑠,𝐽 in Eq. 13) was obtained by:

𝑇𝑠,𝐽 =
𝑇0

1 +
𝛾−1

2
𝑀2

(13)

where 𝑇0 is the total temperature at the working section.

The velocity in each probe (𝑉𝐽 ) was calculated with Eq. 14:

𝑉𝐽 = 𝑀𝐽 ·
√︁

𝛾 · 𝑅 · 𝑇𝑠,𝐽 (14)

where 𝑅 is the specific gas constant for air.

Then, the gauge force at the Jones plane (𝐹𝐺𝐽 ) was calculated with an area-weighted of 𝑚3 × 𝑉𝐽 , where 𝑚3 was

estimated from the static pressure measurements at the rake plane. In addition, the term 𝐹𝐺00 was defined as 𝑚3 ×𝑉 ,

where 𝑉 is the measured velocity at the settling chamber.

III. Results and analysis

A. Isolated nacelle design and optimization

Two independent multi-point, multi-objective optimizations (MOO) were performed with the methodology described

in Section II.B.1. These were for a conventional nacelle with a 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.6 and a compact configuration with

𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.1. A set of conditions that include mid-cruise and 3 different off-design windmilling scenarios were

considered (Table 2). The estimation of MFCR values for windmilling was based on the ESDU method [42]. It is

acknowledged that this approach may yield lower MFCR values than those anticipated for ultra-high bypass ratio

aero-engines. Therefore, the operating conditions considered in this study are based on a conservative scenario, and a

more challenging aerodynamic design space. As part of the optimization process, regression functions were used, in

which the nacelle drag was minimised (Table 2). For each design, Pareto fronts were generated as part of the MOOs,

and one nacelle from each optimization was downselected [15]. For mid-cruise condition with 𝑀 = 0.85,MFCR = 0.7

and 𝛼𝑛𝑎𝑐 = 4.5◦, the nacelle drag for the compact design was 8.7% lower than the conventional configuration.

To provide an overview of the aerodynamics of both downselected nacelles, the isentropic Mach number (𝑀𝑖𝑠)

distribution at mid-cruise (Table 2) is presented in Figure 4. Both configurations have a stronger initial acceleration
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Name Mach number [-] MFCR [-] 𝛼𝑛𝑎𝑐 [◦]

Mid-cruise 0.85 0.7 4.5

Windmilling Diversion 0.65 0.33 4.5

Windmilling End-of-Runway 0.20 0.32 20

Windmilling Engine-out 0.85 0.35 4.5

Table 2 Operating conditions for the multi-point, multi-objective optimization

around the nacelle lip at the top (𝜓 = 0◦) and top-control (𝜙 = 45◦) aero-lines than for the other controlled ones

(𝜓 = 90◦, 135◦ and 180◦). This is caused by changes in the location of the stagnation point as well as the initial radius of

curvature as a function of the azimuthal position. For a nacelle at incidence and MFCR<1, the stagnation point will be

located inside the intake at the top aero-line. This results in a large acceleration of the flow due to its turning around the

lip. The stagnation point moves within the intake towards the lip as the azimuthal location increases. For the azimuthal

locations of 𝜓 = 135◦ and 180◦, the stagnation point is located on the outer nacelle aero-line, and therefore, there is a

reduction in the initial flow acceleration. For both nacelles, the initial radius of curvature decreases with azimuthal

location. The combination of both mechanisms makes that the top and top-control aero-lines have larger peak isentropic

Mach numbers. For all the azimuthal positions, the compact nacelle has a greater peak 𝑀𝑖𝑠 than the conventional one.

The largest difference arises at 𝜓 = 45◦ with a Δ𝑀𝑖𝑠 = 0.07 (Figure 4). This reduces to approximately Δ𝑀𝑖𝑠 = 0.02

at the top aero-line, i.e. 𝜓 = 0◦. For these two aero-lines of the top-quadrant (𝜓 = 0◦ and 45◦), the shock location is

similar between the compact and conventional architectures with a small difference of Δ𝑋/𝐿𝑛𝑎𝑐 = 0.01. For the bottom

quadrant, the nacelle aerodynamics are generally benign in both configurations with low peak and pre-shock isentropic

Mach numbers (Figure 4). Therefore, relative to the aero-lines 𝜓 = 0◦ and 45◦, the contribution of the bottom quadrant

to the overall nacelle drag is less. It is worth noting that the greatest aerodynamic changes between the 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.1

and 3.6 architectures arise at 𝜓 = 45◦, which has the largest impact on the drag reduction of the compact nacelle.

Figure 5 presents the side aero-line (𝜓 = 90◦) of both downselected nacelles. In the compact configuration, the

shortened length results in a reduced maximum nacelle radius and a smaller initial radius of curvature. It showcases the

required geometrical modifications for this design space relative to conventional architectures.

B. Overview of the experimental test campaign

The main objective of this research is to demonstrate that the aerodynamic benefits identified during the numerical

optimizations (Section III.A) are also met experimentally. The coverage of the measurements in the M-MFCR space

is presented in Figure 6. For all the operating points, two angles of attack that are expected for typical mid-cruise

conditions were measured: 𝛼𝑛𝑎𝑐 = 3.0◦ and 4.5◦. Within the available experimental budget, approximately 70% of the

experimental data was generated for the compact nacelle (𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.1). (Figure 6). This was to fully characterize the
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Fig. 4 Computed unwrapped surfaces of the nacelle: Compact configuration (left) and conventional configuration

(right)

Fig. 5 Comparison of the side aero-line (𝜓 = 90◦) of both downselected nacelles. The initial shape of the sting

for the wind-tunnel arrangement is also presented for reference

associated nacelle aerodynamics for future civil aero-engine nacelles, which is crucial for a better understanding of this

design space.

Fig. 6 Conditions measured during the transonic wind tunnel testing in the M-MFCR space. All points were

evaluated at 𝛼𝑛𝑎𝑐 = 3.0◦ and 4.5◦
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C. Nacelle aerodynamic characteristics: rig arrangement

1. Mid-cruise conditions

To provide an initial insight of the experimental and numerical flow aerodynamics of the installed nacelle in the

rig, the nominal mid-cruse condition with M = 0.85, MFCR = 0.7 and 𝛼𝑛𝑎𝑐 = 4.5◦ is considered. Figure 7 shows the

isentropic Mach number distributions in all the 5 controlled aero-lines for the compact and conventional nacelles. For

both designs, and across the different azimuthal locations (𝜓 = 0◦, 45◦, 90◦, 135◦ and 180◦), the agreement between the

measurements and CFD is excellent. The numerical results accurately predict the main flow characteristics of peak 𝑀𝑖𝑠 ,

pre-shock 𝑀𝑖𝑠 and shock location. For both nacelles, the difference between CFD and measurements in terms of peak

and pre-shock isentropic Mach number is within Δ𝑀𝑖𝑠 ≈ 0.003. In addition, the maximum shock location difference is

Δ𝑋/𝐿𝑛𝑎𝑐 ≈ 0.05, which is similar to the spatial resolution of the experimental static pressure tappings. This isentropic

Mach number distributions are traditional for transonic external aerodynamics, which are characterised by an initial

acceleration around the leading edge, a normal shock wave and a continuous flow deceleration towards the trailing edge

[22, 43]

The boundary layer at the downstream rake location (Figure 1) was measured in a total of 15 azimuthal rake positions

(Section II.A). Figure 8 compares the experimental and computational normalised total pressure at the rake location.

The larger momentum deficit appears in the azimuthal locations between 𝜓 = 0◦ and 96◦. As presented in Figure

7, the most challenging transonic flow aerodynamics are on the top quadrant (𝜓 = 0◦, 45◦ and 90◦) where the peak

and pre-shock isentropic Mach number are the greatest. Therefore, this aero-lines have the largest momentum deficit

within the boundary layer caused by shock-wave boundary layer interaction and the larger wave drag and losses. The

experimental data reveals a larger deficit in the aero-lines of +24◦ and -24◦ relative to 0◦, which is also captured by

the CFD simulations. Figure 9 shows a subset of the measured boundary layer profile for the azimuthal locations of

𝜓 = 0◦, 48◦ and 96◦. These are the closest positions to the design controlled aero-lines of 𝜓 = 0◦, 45◦ and 90◦ with the

available experimental rake resolution of 24◦. Overall, there is good agreement between the CFD and the measurements.

The simulations successfully predict the reduction in momentum deficit as the azimuthal location (𝜓) increases. This

can be observed by comparing the boundary layer thickness, which reduces by approximately 50% from 𝜓 = 0◦ to

96◦. Both, numerical and experimental results, show that the boundary layer profiles for the compact and conventional

designs are similar for the azimuthal locations of 𝜓 = 0◦ and 96◦. Therefore, at these locations the contribution to the

changes in the overall nacelle drag between both configurations is low. The main differences appear at 𝜓 = 48◦, where

there is a larger momentum deficit within the boundary layer for the conventional nacelle relative to the compact one.

This azimuth has the largest impact on the nacelle drag changes between configurations. For the lower nacelle quadrant,

the agreement between CFD and measurements is similar to those shown in Figure 9 and, therefore, it is not presented

here.
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(a) 𝜓 = 0◦ (b) 𝜓 = 45◦

(c) 𝜓 = 90◦ (d) 𝜓 = 135◦

(e) 𝜓 = 180◦

Fig. 7 Isentropic Mach number distribution along the compact nacelle (𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.1) and conventional nacelle

(𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.6) at mid-cruise conditions (M = 0.85, MFCR = 0.7 and 𝛼𝑛𝑎𝑐 = 4.5◦)
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Fig. 8 Azimuthal changes of total pressure ratio at the rake location for mid-cruise conditions (M = 0.85, MFCR

= 0.7 and 𝛼𝑛𝑎𝑐 = 4.5◦)

For this mid-cruise condition (M = 0.85, MFCR = 0.7 and 𝛼𝑛𝑎𝑐 = 4.5◦), the computed and measured nacelle drag

coefficient for the conventional nacelle (𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.6) was 𝐶𝐷 = 0.0403. Similar level agreement was found for the

compact design (𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.1) with a nacelle drag coefficient of 0.0368 and 0.0369 for the numerical results and

the measurements, respectively. As part of this work, the uncertainty of the measured nacelle drag was quantified.

Referencing all uncertainty estimates to the conventional configuration as datum, the bias uncertainties were then

differenced and the stochastic contributions summed by quadrature. This resulted in a measured drag reduction of the

compact nacelle relative to the conventional of 8.5%, with experimental bias and stochastic components of +0.2% and

±1.2%, respectively. This drag coefficient reduction slightly increases to 8.8% for the CFD results. This demonstrates,

for the first time, the measured nacelle drag coefficient reduction of HBPR compact nacelles relative to conventional

designs. In addition, it shows that RANS CFD methods can predict the drag benefits expected from compact civil

aero-engine nacelles, and verifies that the proposed multi-point, multi-objective optimization method has worked

(Section III.A).

2. Sensitivity to Mach number

For both nacelles, i.e. compact (𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.1) and conventional (𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.6), the nacelle drag sensitivity to

flight Mach number was investigated. For representative mid-cruise conditions with MFCR = 0.7 and 𝛼𝑛𝑎𝑐 = 4.5◦,

Figure 10 shows the drag changes for free-stream Mach numbers between 0.78 and 0.86. Across this range, the drag

coefficient predicted by CFD was typically within an average 2% of the experimental drag for both configurations, with
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(a) 𝜓 = 0◦ (b) 𝜓 = 48◦

(c) 𝜓 = 96◦

Fig. 9 Boundary layer profiles at the rake location for selected azimuthal locations at mid-cruise conditions (M

= 0.85, MFCR = 0.7 and 𝛼𝑛𝑎𝑐 = 4.5◦)

a maximum difference of 4.2% at M = 0.8 for the compact nacelle.

Changes in flight Mach number can significantly affect the nacelle aerodynamics (Figure 11). For transonic

conditions an increase in M usually results in a greater initial acceleration around the nacelle lip that increases the

peak isentropic Mach number (𝑀𝑖𝑠) along the nacelle. This is followed by a stronger pre-shock 𝑀𝑖𝑠 and a downstream

movement of the shock location. For a nominal mid-cruise MFCR = 0.7 and 𝛼𝑛𝑎𝑐 = 4.5◦, Figure 11 shows the

comparisons of isentropic Mach number between CFD and measurements for the five controlled aero-lines (𝜓 = 0◦, 45◦,

90◦, 135◦ and 180◦) of the compact aero-engine nacelle at M = 0.80, 0.85 and 0.86. Across the different Mach numbers

and azimuthal locations there is an excellent agreement between CFD and experiments in terms of peak 𝑀𝑖𝑠 , pre-shock

𝑀𝑖𝑠 and shock-wave location. Based on the numerical simulations, and relative to the flight condition with M = 0.8, the

peak 𝑀𝑖𝑠 increases by approximately +0.05 and +0.06 on the top-line (𝜓 = 0◦) when the Mach number increases to

0.85 and 0.86, respectively. There is also a change in the pre-shock Mach number of around +0.03 for M = 0.85 and
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Fig. 10 Nacelle drag coefficient as a function of Mach number at fixed MFCR = 0.7 and 𝛼𝑛𝑎𝑐 = 4.5◦

about +0.05 when M increases to 0.86 for this controlled aero-line. There are notable differences in the shock location

across the different Mach number values, with positions of 𝑋/𝐿𝑛𝑎𝑐 = 0.10, 0.30 and 0.35 at M = 0.80, 0.85 and 0.86,

respectively (Figure 11). Although the comparisons for the conventional design are not presented in this work, the level

of agreement between the numerical simulations and the experimental data was similar to the compact nacelle.

3. Sensitivity to massflow capture ratio

As the MFCR reduces, the stagnation point moves inside the inner intake aero-line. Therefore, there is a stronger

initial acceleration around the nacelle lip which results in larger peak and pre-shock Mach numbers. As a consequence

of the stronger shock-waves, the nacelle drag increases due to larger wave drag. The changes in the viscous term as a

function of massflow capture ratio are 2 orders of magnitude lower than the pressure term. Compact civil aero-engine

nacelles are more sensitive to changes in massflow capture ratio (MFCR) than conventional designs [16]. This is

typically caused by the greater curvatures on the nacelle lip for compact designs, and the resulting flow accelerations

that terminate in stronger shocks and a concomitant wave drag.

The nacelle drag characteristics of both nacelles are compared at fixed M = 0.84 and 𝛼𝑛𝑎𝑐 = 4.5◦ as a function of

MFCR (Figure 12). For the compact nacelle, experimental data was gathered for a range of MFCR between 0.7 and 0.3,

and MFCR = 0.7, 0.65 and 0.35 were measured for the conventional (Figure 6) . Across the range of considered MFCRs,

the drag gradients are reasonably well predicted by the numerical simulations. For an aerodynamically challenging

MFCR of 0.35, the numerical simulations overpredict by approximately 3.5% the nacelle drag for the 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.1

design. A similar overprediction was obtained for the 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.6 configuration (Figure 12). There is very good

agreement in the overall sensitivity to MFCR for both nacelles. For example, between the cruise condition (MFCR

= 0.7) and the low MFCR of 0.35, the experimental increase in drag is a factor of 3.0 and 1.8, for the compact and

conventional nacelles, respectively. These are very considerable changes in the nacelle drag aerodynamics, which are
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(a) 𝜓 = 0◦ (b) 𝜓 = 45◦

(c) 𝜓 = 90◦ (d) 𝜓 = 135◦

(e) 𝜓 = 180◦

Fig. 11 Isentropic Mach number distribution along the compact nacelle (𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.1) as a function of Mach

number at fixed MFCR = 0.7 and 𝛼𝑛𝑎𝑐 = 4.5◦
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well predicted by CFD with increments of 3.1 and 1.9.

Fig. 12 Nacelle drag coefficient as a function of MFCR at fixed M = 0.84 and 𝛼𝑛𝑎𝑐 = 4.5◦

A change in the operating massflow capture ratio usually results in significant differences in the nacelle aerodynamics.

As the MFCR reduces, the stagnation point moves further into the intake. This results in a larger acceleration around the

nacelle lip with a significant increase in peak isentropic Mach number and pre-shock 𝑀𝑖𝑠. For a nominal M = 0.84

and 𝛼𝑛𝑎𝑐 = 4.5◦, Figure 13 shows for the compact nacelle the comparison of isentropic Mach number for CFD and

measurements along the five controlled aero-lines (𝜓 = 0◦, 45◦, 90◦, 135◦ and 180◦) at MFCR = 0.70, 0.50 and 0.35.

The agreement between the numerical simulations and the experimental data is very good with peak isentropic Mach

number within Δ𝑀𝑖𝑠 = 0.03, pre-shock 𝑀𝑖𝑠 within Δ𝑀𝑖𝑠 = 0.02 and shock location within Δ𝑋/𝐿𝑛𝑎𝑐 = 0.04. Relative

to a nominal MFCR = 0.7, the reduction of MFCR to 0.50 and 0.35 results in an increase in the measured peak 𝑀𝑖𝑠

in the top aero-line (𝜓 = 0◦) of Δ𝑀𝑖𝑠 = 0.25 and 0.47, respectively. For this aero-line, there are significant changes

on the pre-shock Mach number as a function of massflow capture ratio. For the experimental data and relative to the

condition with MFCR = 0.7, there is an increase of Δ𝑀𝑖𝑠 = +0.14 and +0.22 when the MFCR is reduced to 0.50 and

0.35, respectively. The CFD predicted the same changes in 𝑀𝑖𝑠 . There is good agreement in the shock location in which

the difference between CFD and measurements is within Δ𝑋/𝐿𝑛𝑎𝑐 = 0.01 for the top aero-line (𝜓 = 0◦). There was a

similar level of accuracy in terms of peak and pre-shock Mach number as well as shock location across the different

aero-lines. Relative to the top aero-line (𝜓 = 0◦), the peak isentropic Mach number is increases by Δ𝑀𝑖𝑠 = 0.25 at the

top control aero-line (𝜓 = 45◦). This was found for both CFD and measurements. This variation is caused by the lower

nacelle initial radius of curvature of the nacelle at 𝜓 = 45◦, which has a large impact on the initial acceleration along

the lip. The same agreement on the 𝑀𝑖𝑠 distribution was obtained for the 𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.6 nacelle across the range of

massflow capture ratios.
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(a) 𝜓 = 0◦ (b) 𝜓 = 45◦

(c) 𝜓 = 90◦ (d) 𝜓 = 135◦

(e) 𝜓 = 180◦

Fig. 13 Isentropic Mach number distribution along the compact nacelle (𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.1) as a function of MFCR

at fixed M = 0.84 and 𝛼𝑛𝑎𝑐 = 4.5◦
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4. Sensitivity to incidence angle

Other key parameter that has an impact on the nacelle drag and aerodynamic characteristics is the angle of attack. To

provide an insight of how it affects the nacelle aerodynamics, the Mach number and massflow capture ratio were fixed to

a nominal mid-cruise condition with M = 0.85 and MFCR = 0.7, and two angles of attack were considered, 𝛼𝑛𝑎𝑐 = 3◦

and 4.5◦ . For both configurations, the sensitivity of nacelle drag to changes in 𝛼𝑛𝑎𝑐 from 3◦ to 4.5◦ is modest. For

the conventional nacelle, this is approximately 0.9% and 1.1% for the measurements and CFD, respectively. Similar

sensitivity was identified for the compact nacelle with increments of 0.7% for both methods. These variations are within

the experimental uncertainty.

Depending on the aero-line, a change in angle of attack has a different impact on the 𝑀𝑖𝑠 distribution (Figure 14).

For example, for the azimuthal locations of 𝜓 = 0◦ and 45◦ the peak and pre-shock Mach number increases with the

angle of attack due to the larger acceleration around the nacelle lip (Figures 14a and 14b). For the side aero-line with 𝜓

= 90◦, the 𝑀𝑖𝑠 distribution along the fan cowl is similar for the different angles of attack (Figure 14c). Lastly, for 𝜓 =

135◦ and 𝜓 = 180◦ the acceleration around the nacelle lip decreases with the increase of 𝛼𝑛𝑎𝑐 which results in lower

peak and pre-shock 𝑀𝑖𝑠 (Figures 14d and 14e). As for previous comparisons (Sections III.C.2 and III.C.3), there is also

a good agreement in the isentropic Mach number distribution for the different angles of attack considered. The key

characteristics of peak 𝑀𝑖𝑠 , pre-shock 𝑀𝑖𝑠 and shock location are well predicted by CFD with errors within Δ𝑀𝑖𝑠 =

0.02, Δ𝑀𝑖𝑠 = 0.03 and Δ𝑋/𝐿𝑛𝑎𝑐 = 0.01, respectively. For the nacelle aero-lines of 0◦, 45◦ and 90◦, which has a large

impact on the nacelle drag, the changes in isentropic Mach number as a function of angle of attack are modest. For

example, the pre-shock Mach number increases by 0.03 in the top aero-line when the angle of attack changes from 3◦ to

4.5◦ . Therefore, the nacelle drag only increases by 0.7%.

IV. Conclusions

A combined numerical and experimental investigation was carried out to quantify the aerodynamic characteristics

of civil large aero-engine nacelles. This included cruise conditions as well as the sensitivity to the key aerodynamic

parameters of Mach number, massflow capture ratio and angle of attack. Across the range of operating points, CFD

simulations were performed and the results have been compared with measurements in a transonic wind tunnel.

Two nacelles were designed with a multi-point, multi-objetive optimization method. These were representative

of a conventional configuration and a compact design that is expected for future civil aero-engines. Both nacelles

were studied in an industrial transonic wind tunnel where detailed measurements of the nacelle drag and its associated

isentropic Mach number distributions were performed. For the first time in the literature, the aerodynamic benefits of

compact nacelles relative to conventional is demonstrated through a detailed wind tunnel test campaign. The measured

nacelle drag reduction of the compact nacelle was 8.5% at mid-cruise conditions. This was in agreement with CFD that

predicted a reduction of 8.8%. These drag reductions are similar to those identified during the optimization process,
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(a) 𝜓 = 0◦ (b) 𝜓 = 45◦

(c) 𝜓 = 90◦ (d) 𝜓 = 135◦

(e) 𝜓 = 180◦

Fig. 14 Isentropic Mach number distribution along the compact nacelle (𝐿𝑛𝑎𝑐/𝑟ℎ𝑖 = 3.1) as a function of 𝛼𝑛𝑎𝑐 at

fixed M = 0.85 and MFCR = 0.7
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which establishes confidence in the proposed design approach that is usually used within an industrial context. Across

a wide range of operating conditions with different Mach numbers (M) and massflow capture ratios (MFCRs), the

predicted nacelle drag was typically within approximately 2% of the measurements at a representative incidence angle

(𝛼𝑛𝑎𝑐) of 4.5◦. Large changes in the nacelle drag were measured when the MFCR was reduced from 0.7 to 0.35 at

fixed M = 0.84 and 𝛼𝑛𝑎𝑐 = 4.5◦. For the compact nacelle, the drag increased by a factor of 3.0. This was successfully

predicted by CFD with an increment of 3.1. The capability of the computational approach has been also demonstrated for

the accurate prediction of the associated nacelle aerodynamic characteristics in terms of peak and pre-shock isentropic

Mach number and shock location. The main contribution of this work is the validation of the nacelle design and

optimization method, and the quantification of nacelle drag reduction for new compact designs with both numerical and

experimental methods. Overall, the potential impact of this is in the development of more fuel efficient aircraft.
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