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A B S T R A C T

Lightweight, dimensionally stable mirrors are essential for space-based laser communication, requiring con
current optimisation of mass, stiffness, and environmental stability. This study presents a novel design
–manufacture–validation framework that explicitly links variable-stiffness laminate design, manufacturing- 
induced effects, and experimentally validated optical performance under identical conditions. The novelty lies 
in providing the first experimentally validated, like-for-like comparison between conventional straight-fibre and 
Rapid Tow Shearing (RTS) laminates for precision composite mirrors under identical geometry, loading condi
tions, manufacturing assumptions, and validation procedures. The framework combines finite-element struc
tural, thermoelastic, and hygroscopic analyses with Cure Hardening Instantaneously Linear Elastic (CHILE)- 
based process modelling and demonstrator-level validation for a 0.50 m composite mirror. Both designs satisfy 
the > 140 Hz fundamental frequency requirement and exhibit large safety margins. The straight-fibre laminate 
achieves ~ 153 Hz and ~ 69 µm RMS, while the RTS laminate achieves ~ 145 Hz with comparable deformation 
and ~ 11% lower mass. Hygroscopic effects are modest, and cure-induced distortion is dominated by low-order 
modes. The results demonstrate that RTS enables mass-efficient stiffness tailoring without degrading first-order 
thermoelastic performance and establish a validated methodology linking modelling predictions, manufacturing 
variability, and measured surface figure for next-generation lightweight space optics.

1. Introduction

Lightweight, thermally stable mirrors are critical for space optical 
systems, including telescopes and laser communication payloads. As 
aperture and pointing requirements increase, conventional materials 
such as glass and beryllium provide excellent optical quality but impose 
mass penalties that scale unfavourably with size [1]. Carbon 
fibre–reinforced polymer (CFRP) laminates offer an attractive alterna
tive due to their high specific stiffness, low areal density, and tailorable 
coefficients of thermal expansion (CTE) [2]. These attributes are 
particularly important in low Earth orbit (LEO), where thermal cycling, 
support constraints, and moisture desorption drive out-of-plane defor
mation and optical wavefront error (WFE).

Beyond conventional straight-ply laminates, additional structural 
efficiency can be achieved using variable-stiffness designs, in which 
fibre orientations vary spatially to tailor stiffness distribution and 
deformation response [3,4]. Early approaches such as Tailored Fibre 

Placement (TFP) are limited in scalability, while Automated Fibre 
Placement (AFP) can introduce defects (e.g., wrinkling, bridging, tow 
gaps) when steering relatively wide tows along tight curvatures, typi
cally at steering radii on the order of a few hundred millimetres or below 
[5]. Continuous Tow Shearing (CTS) and, more recently, Rapid Tow 
Shearing (RTS) address these limitations by steering via controlled in- 
plane shear, enabling smooth orientation changes with reduced defect 
propensity. Additionally, RTS introduces shear–thickness coupling, 
providing a mechanism to tailor both stiffness and thickness simulta
neously [3,6]. Consequently, RTS enables spatially varying stiffness with 
improved manufacturability using aerospace-grade prepregs [7,8]. 
However, shear-induced thickness variation and fibre distortion can 
introduce local non-uniformities and increase process sensitivity, 
particularly at high shear angles [3].

Despite their demonstrated capabilities in structural applications, 
particularly with respect to buckling and vibration tailoring [9–11], the 
application of variable stiffness laminates to precision mirrors remains 
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unexplored. Optical performance is governed by thermoelastic, hygro
scopic, and process-induced deformation rather than ultimate strength. 
For reflective optics, micrometre-scale surface displacements translate 
directly into optical path difference and WFE, making dimensional sta
bility the primary design driver. Quantitative, like-for-like assessments 
of RTS for precision composite mirrors, under consistent geometry, 
boundary conditions, environmental loading, and manufacturing ef
fects, remain limited [12].

A key limitation in existing studies is the lack of integrated assess
ment linking laminate design, manufacturing-induced residual stress, 
and measured surface figure. Process-induced effects such as cure 
shrinkage, tool–part interaction, and thickness variations are known to 
significantly influence final part distortion and shape development [13], 
yet they are often analysed independently of structural optimisation 
frameworks, despite their strong coupling with laminate behaviour and 
final geometry. Experimental validation of variable-stiffness composite 
mirrors, particularly with full-field metrology and thermo-mechanical 
testing, remains scarce.

To address these gaps, this work introduces a like-for-like design
–manufacture–validation framework for CFRP composite mirrors, 
explicitly linking variable-stiffness laminate design, manufacturing- 
induced effects, and experimentally measured optical performance 
under consistent conditions. The framework combines finite-element 
structural, thermoelastic, and hygroscopic analyses, Cure Hardening 
Instantaneously Linear Elastic (CHILE)-based process modelling of cure- 
induced distortion, manufacturing assessment, and comprehensive 
demonstrator-level validation, including coordinate metrology, Zernike 
decomposition, thermo-mechanical testing, Differential Scanning Calo
rimetry (DSC), and flexural testing, to quantify the mass–stability trade- 
off between straight-fibre and RTS laminates. The framework is inte
grated by consistently linking these stages within a unified workflow; 
however, the individual analyses are not embedded within a single 
automated optimisation loop. The resulting contribution is a validated 
and transferable methodology for the design of lightweight composite 
mirrors, together with new insight into the extent to which stiffness 
tailoring can improve optical performance in space-based laser 
communication systems. The remainder of the paper summarises rele
vant prior work and optical stability considerations, describes the 
modelling and optimisation methodology, presents comparative results 
for process deformation and structural and environmental loading, and 
concludes with experimental validation and discussion of the key design 
drivers for composite mirrors.

2. Composite mirrors for space telescopes and laser 
communication

2.1. Structural and environmental requirements

Large-aperture space optical systems require mirror substrates that 
combine low mass with high static and dynamic stiffness, while main
taining dimensional stability across the operational thermal environ
ment. Segmented lightweight architectures, exemplified by the James 
Webb Space Telescope, demonstrate the system-level benefit of reducing 
mirror mass without compromising optical performance [14]. CFRP 
substrates are therefore attractive as they offer high specific stiffness and 
tailorable in-plane CTE, enabling substantial mass reduction relative to 
glass and metallic mirrors [15]. Previous studies have reported CFRP 
mirrors with areal densities of ~ 10–20 kg⋅m–2, with lower values 
achievable for reduced-stiffness applications [16,17]. In this work, mass 
is evaluated at the substrate level to ensure consistent comparison be
tween laminate concepts.

Laser communication payloads typically operate in the near-infrared 
(e.g., 1.55 µm), where surface-quality requirements are less stringent 
than diffraction-limited visible imaging. Dimensional stability remains 
the governing requirement, as surface deformation directly translates 
into optical path difference (OPD) and WFE [18]. The mirror considered 

in this work serves as the spherical primary in a Schmidt–Cassegrain 
configuration and includes a central aperture, which locally reduces 
bending stiffness and influences global deformation behaviour. Conse
quently, the design emphasis is on minimising areal density, environ
mental and process-induced out-of-plane deformation while satisfying 
launch stiffness and strength constraints.

Mirrors in LEO experience repeated thermal excursions and vacuum 
exposure. For polymer-matrix composites, these conditions drive ther
moelastic distortion, moisture desorption strain, and long-term property 
evolution [19]. Experimental evidence from the Materials International 
Space Station Experiment programme indicates that CFRP mirrors can 
maintain dimensional stability in orbit when designed and produced 
appropriately [20]. However, deformation is typically dominated by 
low-order global modes (e.g., focus and astigmatism) arising from 
laminate anisotropy, support conditions, and residual stresses. These 
modes are critical because low-order errors may be partially correctable, 
whereas higher-order distortions directly degrade optical performance. 
Accordingly, key performance drivers are areal density, first-mode fre
quency, and thermo-hygro-mechanical stability, with emphasis on 
controlling low-order deformation and manufacturing-induced residual 
shape.

2.2. Optical figure stability constraints in LEO

LEO mirrors must preserve surface figure under coupled thermal, 
mechanical, and environmental loads that exceed typical terrestrial 
conditions [18]. For this study, a representative sun-synchronous orbit 
(~570 km altitude) is assumed, implying frequent thermal cycling over 
the mission lifetime [21]. Temperature variations generate stress and 
deformation due to anisotropic laminate expansion and potential 
mismatch with reflective coatings, motivating low-CTE designs and 
sufficient in-plane thermal conductivity to limit gradients [22]. Launch 
survivability imposes an additional constraint where the fundamental 
frequency must exceed 140 Hz to avoid coupling with launch excitation, 
directly linking stiffness to laminate architecture and support configu
ration [23].

Optical performance is governed by WFE rather than absolute sur
face form. For reflective optics at near-normal incidence, an out-of-plane 
displacement δ produces OPD ≈ 2δ, such that a surface RMS of ~ 10 µm 
corresponds to ~ 20 µm OPD RMS after removal of piston, tilt, and 
defocus [24,25]. This places stringent requirements on RMS stability 
while emphasising the importance of deformation mode content. In this 
work, optical performance is therefore assessed using the RMS surface 
error after removal of piston, tilt, and defocus (i.e., best-fit sphere), as 
this metric represents the residual wavefront error relevant to beam 
quality in laser communication systems. For optical communication at 
near-infrared wavelengths (~1.55 µm), surface errors on the order of 
tens of micrometres RMS are acceptable due to the longer wavelength 
and relaxed diffraction requirements compared to imaging systems. 
Accordingly, the reported RMS values are interpreted as application- 
relevant indicators of optical performance rather than absolute 
optical-quality limits.

Low-order errors may be partially compensated at system level, 
whereas higher-order residuals directly degrade beam quality. Accord
ingly, this work focuses on substrate-level passive stability, minimising 
thermal- and moisture-driven deformation while accounting for cure- 
induced shape change under representative boundary conditions. Uni
form temperature fields are used to establish controlled, comparable 
baselines between laminate concepts, while recognising that in-orbit 
gradients may introduce additional non-axisymmetric deformation. 
Secondary effects (e.g., coating ageing and radiation exposure) are 
acknowledged but excluded from the present scope [26].
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3. Methodology

3.1. Structural modelling and dynamic analysis

The mirror substrate was analysed under load cases representative of 
launch and on-orbit operation, using boundary conditions that approx
imate the corresponding support configurations. The geometry consists 
of a 0.50 m diameter spherical dish with radius of curvature R = 8 m and 
a 50 mm central aperture (Fig. 1). For a spherical mirror, the paraxial 
focal length is f ≈ R/2, giving a nominal f-number of ~ 8.

Finite-element models were developed in Abaqus/Standard [27]
using reduced-integration quadrilateral shell elements (S4R). The 
laminate, which was made of IM7/8552 carbon/epoxy prepreg [28], 
was defined about the shell mid-surface, with ply orientations refer
enced to a global material coordinate system to ensure consistency 
across the aperture. A structured mesh of approximately 8370 elements 
(~5 mm nominal size) was selected based on a mesh refinement study; 
further refinement changed the computed surface RMS displacement by 
< 2%, indicating sufficient convergence. The laminate was modelled as 
a continuous stacking sequence over the full aperture, representing an 
idealised uniform substrate without local reinforcement. Orthotropic 
elastic properties for the IM7/8552 carbon epoxy system were taken 
from literature (Table 1) [29,30]. All plies were modelled as linearly 
elastic orthotropic laminae, as predicted stresses remained well below 
failure allowables.

Launch support was idealised as an eight-point whiffle-tree, with 
supports located on two concentric rings at radii r = 106 mm and r =
206 mm. Each support was implemented by coupling a rear-surface 
patch to a reference point positioned 50 mm along the local surface 
normal, distributing reactions to avoid local constraint artefacts. Quasi- 

static launch loads were applied as uniform body accelerations in the 
axial and lateral directions. Random vibration was represented using a 
static-equivalent acceleration derived from the Miles relation, based on 
the qualification spectrum and computed first-mode frequency [31]. 
This vibration screening is linked to the application-driven launch sur
vivability requirements, according to which spacecraft structures must 
withstand broadband dynamic excitation without resonance coupling. A 
linear perturbation eigenvalue analysis under launch boundary condi
tions was used to verify that the fundamental frequency exceeded the 
140 Hz requirement [23], ensuring consistency between the vibration 

Fig. 1. Mirror geometry: (a) spherical dish (RoC = 8 m); (b) aperture view (D = 0.50 m, central aperture = 50 mm); (c) forming simulation setup showing rigid tool, 
membrane, and laminate configuration used for forming analysis.

Table 1 
IM7/8552 lamina properties used in the thermoelastic FE model [29,30].

Parameter Symbol Value Unit

Mechanical Properties ​
Longitudinal modulus E11 162.1 GPa
Transverse moduli E22/E33 8.96 GPa
Major Poisson's ratio ν12 0.27 −

In-plane shear moduli G12/G13 4.69 GPa
Through thickness shear modulus G23 3.09 GPa
Longitudinal tensile strength ST

11 2211.8 MPa
Longitudinal compressive strength SC

11 1731.5 MPa
Transverse tensile strength ST

22 64.1 MPa
Transverse compressive strength SC

22 285.7 MPa
In-plane shear strength S12 53.5 MPa
Thermal Properties ​ ​ ​
In-plane CTE α11 −5.5× 10−6 K−1

Through thickness CTE α22/α33 25.8× 10−6 K−1

Other Properties ​
Density ρ 1.58 g/cm3

Cured ply thickness t 0.131 mm
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assessment and the design criteria defined by the launch environment. 
Ply-level strength was evaluated using the Tsai–Wu failure index 
computed from in-plane stresses and lamina allowables. The Tsai–Wu 
criterion was selected as a widely used interactive failure criterion for 
multidirectional composite laminates and was employed here as a 
conservative laminate-level screening metric for in-plane strength 
assessment under launch loading. As shell elements were used, the 
analysis is limited to laminate-level in-plane stresses and does not 
resolve interlaminar or transverse normal (peeling) stresses. This pro
vides a conservative first-level screening of in-plane failure risk under 
global loading. Interlaminar failure mechanisms (e.g., delamination), 
local contact effects at supports, and through-thickness stress concen
trations were not modelled, as these require detailed 3D or contact sub- 
modelling and are outside the scope of the present laminate-level 
comparison.

3.2. Thermomechanical analysis

Thermoelastic deformation under representative in-orbit tempera
ture extremes was evaluated using the same finite-element model and 
mesh as that used in structural analysis, with an operational three-point 
kinematic mount located at r = 177 mm. Each support was modelled by 
distributing constraints over a circular node set (20 mm radius) on the 
rear surface. This configuration restrains out-of-plane motion while 
allowing in-plane expansion, consistent with compliant mounting stra
tegies used in precision optical systems. The associated reference points 
were fully fixed to ensure global stability.

Uniform temperature fields were applied to represent bounding hot 
(+125 ◦C) and cold (−65 ◦C) conditions relative to a 25 ◦C reference 
state. Ply-level coefficients of thermal expansion for the IM7/8552 
carbon epoxy system were assigned at the lamina level (Table 1), and 
linear static analyses were performed to compute the resulting ther
moelastic deformation. The assumption of spatially uniform tempera
ture provides a controlled baseline for comparison, while neglecting in- 
orbit thermal gradients. Surface figure change was evaluated on the 
optical surface over the clear aperture using peak-to-valley (PV) and 
root-mean-square (RMS) out-of-plane displacement after removal of 
rigid-body motion. These metrics serve as first-order proxies for optical 
performance, enabling consistent comparison of deformation magnitude 
and spatial distribution between laminate concepts under identical 
conditions.

3.3. Hygrothermal analysis

Ground-to-orbit dimensional change due to moisture desorption was 
modelled as a worst-case transition from a moisture-saturated laminate 
to a fully dried state. For IM7/8552, the maximum equilibrium moisture 
uptake (0.39 wt% at 70 ◦C and 85% relative humidity) [32] was con
verted to an equivalent volumetric shrinkage using resin-dominated 
swelling/shrinkage relations, yielding an effective volumetric contrac
tion of ~ 0.45%. This conversion assumes that moisture-induced mass 
uptake produces volumetric expansion proportional to resin swelling, i. 
e. ΔV/V ≈ βΔM, where β is an effective swelling coefficient for the 
matrix-dominated response.

Shrinkage was applied as a uniform eigenstrain at the homogenised 
lamina level. Isotropic contraction within each ply was assumed, 
consistent with the predominantly isotropic nature of resin swelling/ 
shrinkage and its dominance over fibre response in moisture-driven 
volumetric change. Diffusion-driven gradients and transient effects 
were neglected to provide a controlled, comparable baseline between 
laminate concepts; this assumption isolates the influence of stiffness/ 
thickness non-uniformity (e.g., RTS) on deformation and represents a 
conservative upper-bound case in which fully developed moisture gra
dients are not resolved. The analysis was implemented in Marc [33], 
using the same finite-element framework described in the chemo- 
thermomechanical analysis section, where full model details are 

provided. A first-order sensitivity indicates that reducing the applied 
shrinkage by ± 20% leads to proportional changes in RMS deformation 
without altering the relative ranking between laminate concepts. To 
suppress rigid-body motion without introducing artificial constraint 
stresses, a statically determinate minimal constraint scheme was adop
ted: one node fixed in all translational degrees of freedom (u1 = u2 = u3 
= 0), a second node constrained in u2 = u3 = 0, and a third node con
strained in u3 = 0. This configuration permits free global contraction 
while ensuring numerical stability.

3.4. Forming analysis

A forming simulation was performed in AniForm [34] to assess 
whether vacuum-assisted draping over the shallow spherical tool alters 
fibre orientations or introduces forming-related defect indicators. The 
primary objective was to verify preservation of the designed ply orien
tations during preforming. A unidirectional prepreg model representa
tive of IM7/8552 was selected to capture the in-plane shear response 
governing drapability. The forming model comprised: (i) a rigid spher
ical tool extended to a rectangular clamping region; (ii) a deformable 
membrane; and (iii) an oversized circular 16-ply laminate correspond
ing to the structural stacking sequence (Fig. 1(c)). A single-membrane 
vacuum forming setup was assumed. Ply–tool and ply–ply contact in
teractions were defined, and forming loads included gravity, vacuum 
pressure, and prescribed membrane displacement toward the tool 
surface.

The primary outputs were fibre angle deviation and in-plane shear 
distribution, which were compared with the as-designed orientations to 
quantify forming-induced changes. Defect assessment was based on 
standard forming indicators (e.g., wrinkling, excessive shear, loss of 
contact), rather than explicit defect prediction. Given the shallow cur
vature of the mirror, the analysis focused on orientation preservation 
rather than forming limits. RTS-induced local thickness variations were 
not explicitly modelled, as drapability in such geometries is governed by 
in-plane shear deformation. Previous studies on tow-shearing processes 
have shown that shear deformation is the principal mechanism enabling 
fibre steering, while thickness variations arise as a secondary conse
quence of shear kinematics [6]. This represents a modelling simplifica
tion and should be interpreted as a limitation of the forming analysis.

3.5. Chemo-thermomechanical analysis

Manufacturing-induced residual stresses and geometric distortion 
arise during curing due to coupled heat transfer, cure kinetics, chemical 
shrinkage, and evolving resin stiffness [13]. In CHILE formulations, the 
composite is treated as incrementally linear elastic with properties 
evolving as functions of temperature and degree of cure. Although 
viscoelastic relaxation is not explicitly captured, CHILE has been shown 
to reproduce the dominant mechanisms governing cure-induced 
distortion in aerospace composites with good computational efficiency 
[35]. The coupled chemo-thermomechanical analysis was implemented 
in Marc [33] using user-defined subroutines. Cure kinetics, heat transfer, 
and cure-dependent material behaviour for IM7/8552 carbon/epoxy 
prepreg were incorporated through custom user subroutines, with full 
constitutive relations and parameters provided in Appendix A [36–39]. 
All model parameters were adopted directly from validated literature 
datasets for the IM7/8552 material system and were used predictively. 
This approach enables consistent coupling between thermal, chemical, 
and mechanical fields throughout the cure cycle.

A three-dimensional solid representation was adopted to resolve 
through-thickness gradients in temperature, degree of cure, and residual 
stress, which cannot be captured using shell elements. The Abaqus shell 
mesh used in thermomechanical and hypothermal analysis was con
verted into a layered solid mesh using a custom Python script (see Data 
Availability), with one solid layer per ply, consistent ply orientations, 
and thicknesses matching the structural model including RTS-induced 
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variation. The model employed eight-node composite brick elements 
(Marc element type 149 [40]) with two integration points per ply, 
providing adequate resolution of through-thickness behaviour. The cure 
simulation comprised two steps: (i) autoclave curing using the 
manufacturer-recommended IM7/8552 temperature cycle [27]; and (ii) 
constraint release (demoulding) implemented as a quasi-static step. The 
initial temperature was 25 ◦C, and the initial degree of cure was set to 
0.05.

During cure, tool–part interaction was modelled as fully constrained 
(no slip), providing an upper-bound estimate of residual stress. This 
assumption represents a conservative limit; in practice, partial slip may 
occur depending on tooling and release conditions, which would reduce 
the magnitude of predicted distortion due to interfacial stress relaxation 
[13]. The dominant deformation modes are governed primarily by 
global laminate behaviour and cure shrinkage and are therefore not 
expected to change for differing tool-part conditions. After cooling, the 
mould constraint was released and replaced with a minimal three-node 
constraint scheme to suppress rigid-body motion while allowing free 
distortion. Cure-dependent composite properties were obtained using 
the Chamis micromechanics model, with temperature and cure depen
dence introduced through the resin phase while fibre properties were 
assumed constant [41]. Chemical shrinkage was modelled as an incre
mental eigenstrain linked to degree-of-cure evolution, based on the 
Johnston–Hubert volumetric shrinkage model [36], and mapped to 
orthotropic composite strains using micromechanical relations (Ap
pendix A).

3.6. Optimisation and sensitivity analysis

A multi-objective optimisation framework was developed to mini
mise (i) areal density and (ii) surface deformation (RMS) of the mirror 
while satisfying launch and operational constraints. All candidate lam
inates were evaluated using identical finite-element models, boundary 
conditions, and load cases to ensure direct comparability. Design feasi
bility was enforced using three constraint sets. First, the fundamental 
frequency was required to exceed 140 Hz, consistent with typical 
spacecraft design practice to avoid coupling with launch vehicle exci
tation and to ensure sufficient dynamic stiffness [23]. Second, the 
maximum Tsai–Wu failure index across all plies and elements was 
limited to < 0.5, providing a conservative margin against in-plane fail
ure under combined launch loads and accounting for uncertainties in 
material properties and loading. Third, the total ground-to-orbit figure 
change was constrained by limiting the combined thermal and hygro
scopic distortion (RMS) within the allowable optical budget. Candidate 
solutions were evaluated in an FE-in-the-loop framework and ranked 
using non-dominated sorting to identify Pareto-optimal designs defining 
the mass–distortion trade space.

For straight-fibre laminates, designs were restricted to balanced and 
symmetric layups to eliminate membrane–bending coupling and ensure 
manufacturability. Two quasi-isotropic families, [0/90/±45] and [0/ 
90/±45/±30/±60], defined the initial design space. In an initial stage, 
cured ply thickness was treated as a continuous variable and different 
objective metrics (maximum, mean, and RMS displacement) were 
explored. Following this preliminary investigation, ply thickness was 
fixed and the optimisation focused on ply-angle selection within 
balanced symmetric layups. Candidate laminates were evaluated using 
the optimisation framework described previously and ranked according 
to the objective functions and design constraints. The resulting optimal 
laminate configurations and their performance are presented and dis
cussed in Section 4.2.

RTS optimisation was based on a quasi-isotropic baseline [45/−45/ 
90/0]S, with spatially varying fibre paths introduced as additional 
design variables. Each steered ply was defined along a 600 mm reference 
path with control points at 100 mm intervals, with fibre angles linearly 
interpolated between control points. Balance and symmetry were 
enforced by pairing each steered ply with its mirrored counterpart. RTS- 

induced thickness variation from shear–thickness coupling was retained, 
such that laminate mass emerged as an optimisation outcome rather 
than a prescribed parameter.

Five RTS configuration families (A–E), which are summarised in 
Table 2, were considered, differing in the set of plies allowed to steer. 
Configuration A did not satisfy the frequency constraint and was dis
carded. For the remaining families, increasing steering freedom reduced 
thermal distortion (RMS) but increased mass due to local tow thick
ening. Configurations B–D were therefore evaluated at multiple steering 
amplitudes, while configuration E prioritised steering in 0◦ and 90◦

plies. The resulting design space defines the mass–distortion trade-off 
used for selection of representative laminates for detailed analysis.

3.7. Manufacturing feasibility and process

A manufacturability assessment was conducted to verify that the 
optimised RTS fibre paths are compatible with practical placement 
constraints and do not require tight local steering. The mirror was 
manufactured from IM7/8552 carbon/epoxy prepreg [28], selected for 
its high specific stiffness and low in-plane CTE. Fig. 2 shows the spatial 
fibre-orientation fields for the steered plies and their mirrored coun
terparts. The orientation fields vary smoothly across the aperture, and 
through-thickness symmetry is maintained to avoid unintended bend
ing–extension coupling. Fibre orientation is defined relative to the 
global laminate coordinate system used in the structural model.

Manufacturability was quantified by extracting fibre angles along 
predefined reference paths (Fig. 3) and converting the spatial variation 
into equivalent steering radii. Steering radii were used as manufactur
ability indicators to assess compliance with RTS placement constraints. 
The resulting steering angles and radii are summarised in Table 3 and 
are evaluated in Section 4.2 as part of the design-selection process.

Mirrors were manufactured using an RTS process chain comprising 
flat preform deposition, vacuum-assisted forming, and autoclave curing. 
Preforms were deposited on a flat tool with typical placement tolerances 
of ± 2◦ in fibre angle and ± 1 mm in tow position. The central aperture 
was machined after deposition to avoid fibre discontinuities within the 
optical region. Placement quality was verified by image-based inspec
tion to confirm fibre-angle fidelity and absence of visible defects. 
Forming was performed by vacuum-assisted draping onto a precision 
Invar tool. Active forming was not required due to the shallow curva
ture, consistent with the results of forming simulations. The tool was 
manufactured with a nominal radius of 8001 mm with an approximate 
geometric deviation of ± 2 mm based on metrology measurements, an 
RMS figure deviation of ~ 13–15 µm after thermal cycling, and a surface 
roughness of Ra ≈ 0.8 µm [42].

Consolidation followed standard aerospace vacuum-bagging practice 
(Fig. 4). Autoclave curing followed the manufacturer-recommended 
IM7/8552 cycle [27], with slightly extended dwell times by approxi
mately 10 min to compensate for measured thermal lag. A pressure of 
6.5 bar and full vacuum were applied to ensure consistent compaction. 

Table 2 
Laminate configurations considered: straight-fibre (S1–S2) and RTS (A–E).

Configurations Stacking sequence (symmetric laminates)

S1 [60/−60/30/−30/0/90/45/−45]S

S2 [0/90/45/−45]2s

A [45/45*/¡45/¡45*/0/90/90/0/¡45*/¡45/45*/45]
B1 & B2 [45/45*/¡45/¡45*/0/90/0/90/90/0/90/0/¡45*/¡45/45*/ 

45]
C1 & C2 [45/45*/¡45/¡45*/90/0/0*/90/90/0*/0/90/¡45*/¡45/ 

45*/45]
D1 & D2 [45/45*/¡45/¡45*/90/0/0*/90*/90*/0*/0/90/¡45*/¡45/ 

45*/45]
E [45/45*/¡45/¡45*/0/0*/90/90/0*/0/¡45*/¡45/45*/45]

Boldface identifies RTS plies (plies where fibre paths are steered).
The asterisk (*) indicates duplicate plies used to maintain laminate symmetry.
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These parameters were selected to achieve repeatable consolidation and 
minimise process-induced variability. The manufactured straight-fibre 
and RTS mirrors are shown in Fig. 5.

3.8. Experimental characterisation

The structural and thermoelastic behaviour of the straight-fibre and 
RTS mirrors was evaluated using complementary techniques targeting: 
(i) global surface figure; (ii) local surface quality; (iii) thermally induced 
deformation; and (iv) material state and mechanical performance. 

Global surface geometry was measured using a Leica Absolute Tracker 
AT901 [43] with a T-Probe. Each mirror was supported on a rigid 
annular ring with a compliant silicone interlayer to minimise constraint 
influence. Measurements were acquired over the clear aperture using 
radial scanning paths, and point clouds were registered to the nominal 
spherical geometry. Surface deviations were quantified using RMS error 
and annular Zernike polynomial decomposition, after removal of piston, 
tilt, and defocus [44]. This approach enables separation of low-order 
(global) and higher-order surface errors relevant to optical perfor
mance. Local surface roughness was characterised at the centre and mid- 
radius using a Form Talysurf 120 L profilometer [45]. Multiple traces 
were acquired over a 40 mm evaluation length, and profiles were lev
elled and filtered to separate waviness from roughness. Roughness 

Fig. 2. Orientation distributions for RTS plies showing fibre paths (1-axis di
rection): (a) 45◦, (b) 45◦*, (c) –45◦, (d) –45◦*, (e) 0◦, (f) 0◦*.

Fig. 3. Spatial distribution of steering angles and radii for RTS plies: (a) 0◦ plies, (b) ± 45◦ plies.

Table 3 
Steering angles and radii for all RTS plies (0◦, ±45◦).

Control 
Point

0◦ Plies – 
Steering 
Angle (◦)

0◦ Plies – 
Steering 
Radius (mm)

±45◦ Plies – 
Steering Angle 
(◦)

±45◦ Plies – 
Steering Radius 
(mm)

θ0/R1 5.18 440.02 2.49 813.63
θ1/R2 18.78 207.79 9.33 164.85
θ2/R3 −9.52 371.96 −26.30 212.84
θ3/R4 5.90 262.72 1.18 220.16
θ4/R5 −16.46 948.32 −25.26 806.29
θ5/R6 −10.08 204.49 −16.25 173.20
θ6 18.31 — 17.55 —

Fig. 4. Autoclave curing of vacuum-bagged preform.
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parameters were evaluated in accordance with ISO 4287 [46].
Thermomechanical deformation was measured using a Hexagon 

Absolute Scanner AS1 [47]. Mirrors were heated from approximately 
20 ◦C to 120 ◦C using a hot plate with a copper powder interface 
(Polycraft copper powder, MB Fibreglass, UK; nominal purity ≥ 99%, 
fine particulate grade) to ensure uniform thermal contact while mini
mising constraint (experimental setup shown in Fig. 6). A measured in- 
plane temperature gradient of ~ 20 ◦C was present, introducing addi
tional deformation components not captured in the uniform- 
temperature simulations. Full-field surface scans were acquired at 
both temperature states, and datasets were processed through down- 
sampling, outlier removal, and sphere fitting. Zernike decomposition 
(up to radial order 6) was applied to quantify residual deformation. The 
measurement accuracy (on the order of tens of micrometres) is sufficient 
to resolve dominant deformation modes and support comparison with 
modelling trends. The measurement accuracy of the Leica AT901 and 
Hexagon AS1 systems is approximately 10–30 µm based on instrument 
specifications and repeatability assessments. This uncertainty is suffi
cient to resolve the dominant deformation modes and support compar
ison with modelling trends. To ensure robustness, three repeated scans 
were acquired at each thermal condition and averaged. Measurement 

uncertainty (≈10–30 µm) is small relative to the dominant global 
deformation (≈100–300 µm PV) but is comparable to higher-order re
siduals; therefore, the analysis focuses on trends in low-order modes and 
relative changes rather than absolute small-amplitude differences.

Following non-destructive evaluation, destructive testing was con
ducted to assess material quality and mechanical behaviour. Cure uni
formity was evaluated using DSC on samples extracted from multiple 
radial locations. Glass transition temperature (Tg) and residual enthalpy 
were measured, with spatial consistency indicating uniform cure across 
the aperture. Mechanical performance was assessed using three- and 
four-point bending tests (ASTM D7264, n = 5 per configuration) on 
coupons extracted from the mirrors. Tests were conducted with standard 
span-to-thickness ratios (32:1 for both three- and four-point bending), 
with load–displacement data obtained from crosshead displacement and 
properties calculated according to the standard. In addition, unidirec
tional IM7/8552 laminates (16 plies) were tested to provide a material 
baseline. Interlaminar shear strength (ILSS) was measured using short- 
beam testing (ISO 14130) [48] to characterise matrix-dominated 
behaviour. Microstructural analysis using optical microscopy was per
formed to identify failure mechanisms and potential defects. These tests 
provide material-level validation and enable comparison of stiffness and 
strength between straight-fibre and RTS laminates.

4. Results

4.1. Forming feasibility

A membrane-assisted vacuum forming simulation was performed to 
evaluate whether draping the straight-fibre laminate over the shallow 
spherical tool affects fibre orientation or introduces forming-related 
defects. Fibre reorientation across all plies was negligible, with a 
maximum deviation of 0.0052◦ and an average of 0.0045◦, which is 
orders of magnitude smaller than typical placement tolerances (±2◦), 
confirming that the designed fibre orientations are effectively preserved 
during forming. More than 85% of elements exhibited deviations below 
0.01%, indicating no significant reorientation. Forming simulations also 
indicated no evidence of defect indicators such as wrinkling, excessive 
shear, ply slippage, or loss of tool contact, with full contact maintained 
throughout the process. These results demonstrate that forming has a 
negligible influence on laminate architecture and does not affect the 
structural or thermoelastic response for the present shallow-curvature 
geometry. Given that forming-induced orientation changes are negli
gible relative to the designed fibre variations in RTS laminates, forming 
was not re-simulated for the RTS configuration. This assumption implies 
that RTS thickness variation has a negligible influence on drapability for 
the present shallow-curvature geometry and is treated as a modelling 
simplification.

Fig. 5. Manufactured composite reflectors: straight-fibre laminate (a1) optical 
side, (a2) non-optical side; RTS laminate (b1) optical side, (b2) non-optical side.

Fig. 6. Thermomechanical test setup: (a) mirror on hot plate; (b) copper powder interface for improved thermal contact and minimal constraint.
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4.2. Final design selection

The optimisation studies described in Section 3.6 showed that the 
straight-fibre design space consistently favoured near-quasi-isotropic 
laminate configurations. Continuous thickness optimisation produced 
only minor thickness variations and limited improvement in perfor
mance, indicating that thickness optimisation offered little practical 
benefit. Subsequent angle optimisation of balanced symmetric laminates 
identified [0/90/±45] and [0/±60]-type configurations as the most 
favourable solutions when thermoelastic and hygroscopic responses 
were considered simultaneously. Manufacturability assessment of the 
RTS configurations showed a minimum steering radius of approximately 
165 mm, with most steering radii exceeding 200 mm, confirming 
compatibility with RTS placement constraints. The final laminate se
lection was therefore based on these candidate configurations together 
with the RTS design families described in Section 3.6.

A trade-off study was conducted to select representative straight- 
fibre and RTS mirror laminates for detailed analysis. Candidate de
signs were compared using five attributes: ply count, mass, thermo
elastic distortion, hygroscopic distortion, and cure-induced distortion, 
as summarised in Table 4. Overall ranking was obtained using a 
weighted sum, where lower mass and distortion correspond to more 
favourable scores. Thermoelastic distortion was assigned the highest 
weight, as it acts continuously in orbit. Hygroscopic distortion was 
assigned a smaller weight, as moisture loss occurs primarily during early 
mission exposure and can be partially compensated. Cure-induced 
distortion was assigned the lowest weight, since it is dominated by 
low-order modes and can be mitigated through tool compensation and 
process optimisation. Ply count was included separately to reflect 
manufacturing complexity and risk.

For the straight-fibre baseline, two quasi-isotropic laminates (S1 and 
S2) were evaluated. Both exhibited identical mass (0.644 kg) and nearly 
identical thermoelastic distortion (~69 µm RMS), indicating that ther
moelastic response is insensitive to the stacking-sequence variations 
considered. S2 produced slightly lower hygroscopic distortion (16.7 µm 
vs 17.1 µm) but higher cure distortion. Based on the selected weighting, 
S2 ([0/90/45/–45]2S) was marginally preferred and selected as the 
baseline design.

RTS candidates (families B–E) exhibited thermoelastic distortion 
within a narrow range (~66–68 µm RMS), comparable to the straight- 
fibre designs despite the thickness variation. Consequently, ranking 
was primarily governed by mass and ply count. Configuration E ach
ieved the lowest mass (0.578 kg, 14 plies) while maintaining compa
rable thermoelastic performance. This reduction was accompanied by 
increased hygroscopic (22.7 µm RMS) and cure distortion (98.4 µm 
RMS), reflecting the influence of spatial stiffness and thickness variation 
introduced by fibre steering. Based on the ranking, the two designs 
selected for detailed evaluation were straight-fibre configuration S2 [0/ 
90/45/–45]2S and RTS configuration E [45/45*/¡45/¡45*/0/0*/90/ 
90/0*/0/¡45*/¡45/45*/45]. Here, steered (RTS) plies are identified 
in bold in Table 2, and “*” denotes the mirrored duplicate plies required 

to maintain laminate symmetry. Hereafter, these are referred to as 
“straight-fibre” and “RTS”, respectively.

4.3. Launch stiffness and strength performance

Both mirror designs achieve low areal density while satisfying the 
launch stiffness requirement of a first natural frequency above 140 Hz. 
The straight-fibre laminate has an areal density of 3.31 kg⋅m–2, whereas 
the RTS laminate achieves 2.97 kg⋅m–2, corresponding to an ~ 11% mass 
reduction. The straight-fibre mirror has a uniform thickness of approx
imately 2.10 mm (16 plies), while the RTS mirror exhibits a spatial 
thickness variation (≈1.83–1.96 mm) due to shear–thickness coupling 
(Fig. 7). Despite this non-uniformity, both designs satisfy the dynamic 
requirement, with first-mode frequencies of ~ 153 Hz (straight-fibre) 
and ~ 145 Hz (RTS). This demonstrates that RTS can reduce mass while 
maintaining sufficient global stiffness.

Strength under launch loading was evaluated using the maximum 
Tsai–Wu failure index as a first-level in-plane screening metric. Tsai–Wu 
was selected as a conservative interactive criterion suitable for laminate- 
level assessment, rather than detailed failure prediction. A limit of 0.5 
was adopted to provide a conservative margin relative to the nominal 
failure envelope. Under 15 g axial acceleration, peak indices were 0.011 
(straight-fibre) and 0.013 (RTS), indicating large safety margins relative 
to the allowable limit (0.5). Under 4 g lateral loading, indices were on 
the order of 10–4, confirming that lateral loading is non-critical. Peak 
values are localised near support regions (Fig. 8), while most of the 
aperture experiences low stress levels. Interlaminar stresses and local 
contact effects at supports were not considered and would require 
higher-fidelity 3D modelling; therefore, the results should be interpreted 
as laminate-level screening rather than a complete failure assessment.

Random vibration was approximated using a static-equivalent axial 
acceleration derived from the Miles relation [31], based on a repre
sentative NASA qualification PSD profile (0.026 g2/Hz at 20 Hz, 
increasing to 0.16 g2/Hz between 50–800 Hz, and decreasing to 0.026 
g2/Hz at 2000 Hz). A transmissibility factor of Q = 25 (≈2% damping) 
and dominant first-mode response were assumed. The resulting equiv
alent accelerations were ~ 93 g for the straight-fibre mirror and ~ 91 g 
for the RTS mirror, yielding maximum Tsai–Wu indices of ~ 0.07 and ~ 
0.08, respectively, indicating substantial strength margins relative to the 
allowable limit (Fig. 9). This static-equivalent approach is intended for 
preliminary screening rather than formal qualification. Overall, launch 
stiffness requirements govern the design, while in-plane strength is non- 
critical for both laminate concepts. It is noted that this assessment does 
not include interlaminar failure, transverse normal (peeling) stresses, 
local contact effects, or manufacturing defects, and should therefore be 
interpreted as a first-level in-plane screening rather than a complete 
qualification analysis.

4.4. Thermoelastic distortion

Thermoelastic deformation was evaluated under uniform tempera
ture excursions using a compliant three-point mount that allows in- 
plane expansion. The straight-fibre mirror exhibits RMS out-of-plane 
displacements of ~ 69.3 µm (hot) and ~ 62.4 µm (cold), while the 
RTS mirror shows comparable values (~67.8 µm and ~ 61.0 µm, 
respectively). These results indicate that both laminate concepts exhibit 
similar thermoelastic performance at the global (RMS) level.

In contrast, peak displacements in the hot case are higher for the RTS 
mirror, reaching ~ 121 µm compared to ~ 96 µm for the straight-fibre 
design (Fig. 10). These localised increased values arise from spatial 
variations in stiffness and thickness introduced by fibre steering, which 
generate additional non-axisymmetric curvature components. Despite 
these local differences, the RMS deformation remains similar to that of 
the straight fibre case, indicating that thermoelastic response is pri
marily governed by laminate-level properties, particularly effective CTE 
and global bending stiffness, rather than local stiffness tailoring. As a 

Table 4 
Trade study results for straight-fibre (S1–S2) and RTS (B1–E) mirror 
configurations.

Configuration Plies Mass 
(kg)

Thermal 
(µm)

Hygroscopic 
(µm)

Cure 
(µm)

Weighted 
score

S1 16 0.644 69.28 17.1 83.5 −11.711
S2 16 0.644 69.28 16.7 89.2 ¡11.696
B1 16 0.648 68.61 18.9 97.3 −11.751
B2 16 0.650 68.11 20.9 91.3 −11.797
C1 16 0.653 68.32 21.0 83.5 −11.819
C2 16 0.667 67.37 22.1 87.9 −11.797
D1 16 0.668 66.06 20.5 94.7 −11.594
D2 16 0.671 65.94 20.4 94.4 −11.579
E 14 0.578 67.81 22.7 98.4 ¡11.392
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result, RTS does not significantly reduce global thermoelastic distortion 
under uniform temperature loading. The deformation fields for both 
laminates are dominated by smooth, low-order modes, with maximum 
displacement occurring toward the outer annulus (Fig. 10). This 
behaviour is characteristic of thermally induced curvature change and 
suggests that figure error is governed by global deformation rather than 
high-frequency surface features. Overall, RTS achieves comparable 
thermoelastic stability at reduced mass but introduces increased local 
peak deformation due to stiffness non-uniformity, without altering the 

dominant deformation mechanisms.

4.5. Hygroscopic distortion

Moisture-related dimensional change was evaluated by applying a 
uniform volumetric shrinkage of 0.45%, representing moisture desorp
tion during the ground-to-orbit transition. The predicted hygroscopic 
distortion is smaller than the thermoelastic response, yielding ~ 16.7 µm 
RMS for the straight-fibre mirror and ~ 22.7 µm RMS for the RTS mirror. 

Fig. 7. Laminate thickness: (a) straight-fibre (uniform 2.096 mm); (b) RTS (1.834–1.958 mm due to tow shearing), shown as a colourmap in mm.

Fig. 8. Tsai–Wu failure index under launch quasi-static accelerations: (a) straight-fibre, 15 g axial; (b) straight-fibre, 4 g lateral; (c) RTS, 15 g axial; (d) RTS, 4 
g lateral.
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This indicates that hygroscopic effects are secondary but more sensitive 
to laminate non-uniformity. The straight-fibre laminate exhibits a 
smooth and largely axisymmetric deformation pattern, with a maximum 
displacement of ~ 23.8 µm (Fig. 11a). In contrast, the RTS laminate 
shows a more spatially non-uniform deformation field, with a higher 
peak displacement of ~ 36.5 µm (Fig. 11b). This increased non- 
uniformity arises from the interaction between uniform shrinkage 
strain and spatial variation in stiffness and thickness introduced by fibre 
steering.

Although the difference in RMS values is modest, the RTS laminate 
shows increased sensitivity to shrinkage-induced deformation, resulting 
in both higher RMS and peak displacement. This behaviour highlights 
that stiffness non-uniformity amplifies deformation under uniform 
eigenstrain loading. It is noted that this analysis represents a conserva
tive, instantaneous shrinkage case. In practice, moisture desorption is 
time-dependent and may introduce transient gradients and additional 
deformation modes, which are not captured in the present model.

4.6. Cure-induced distortion

Coupled CHILE-based chemothermal simulations predict significant 
cure-induced distortion for both designs, with maximum out-of-plane 
displacements of approximately 184 µm (straight-fibre) and 210 µm 
(RTS) (Fig. 12). The corresponding RMS values are approximately ~ 90 
µm for the straight-fibre laminate and ~ 98 µm for the RTS laminate, 
indicating comparable global deformation levels. The straight-fibre 
laminate exhibits predominantly axisymmetric deformation (global 
doming), whereas the RTS laminate shows increased non-axisymmetric 
warpage and slight tilt, consistent with spatial variation in stiffness and 
thickness introduced by fibre steering.

Despite the larger magnitude compared to thermoelastic deforma
tion, cure-induced distortion is dominated by low-order modes, pri
marily curvature change, and is reflected in both peak and RMS values. 
As a result, the deformation manifests mainly as a shift in radius of 
curvature rather than high-frequency surface error, meaning that low- 

Fig. 9. Random vibration (static-equivalent axial) strength assessment: (a) straight-fibre at 152.72 Hz with equivalent ~ 93 g (max Tsai–Wu ≈ 0.07); (b) RTS at 
145.02 Hz with equivalent ~ 90.55 g (max Tsai–Wu ≈ 0.08).

Fig. 10. Out-of-plane displacement (mm) under uniform temperature change: straight-fibre (a) hot, (b) cold; RTS (c) hot, (d) cold.

N. Yang et al.                                                                                                                                                                                                                                    Materials & Design 268 (2026) 116430 

10 



order errors can be mitigated through tool compensation or process 
optimisation. The RTS laminate exhibits slightly higher deformation due 
to its non-uniform stiffness and thickness distribution, which alters re
sidual stress development during cure and cool-down; however, the 
difference between the two designs remains modest, indicating that 
cure-induced distortion is governed primarily by global laminate 
behaviour and processing conditions rather than local fibre steering 
effects. It is noted that the modelling assumption of a fully constrained 
tool during cure represents an upper-bound condition for residual stress 
development. While RTS introduces increased asymmetry, cure-induced 
effects remain secondary to thermoelastic behaviour in determining in- 
service figure stability.

4.7. Experimental validation

To facilitate comparison between modelling and experimental ob
servations, Table 5 summarises the principal numerical predictions and 
corresponding experimental findings for the straight-fibre and RTS 
mirrors. The objective is not to provide a point-by-point quantitative 

validation, since the experiments include residual stresses, thermal 
gradients and support effects that are not represented in the thermo
elastic simulations, but rather to compare dominant deformation modes 
and relative trends. Experimental validation focused on surface geom
etry, thermo-mechanical response, and material properties to assess the 
consistency of the predicted deformation mechanisms. Surface figure 
was evaluated as out-of-plane deviation from a spherical reference after 
removal of rigid-body motion. Two fitting approaches were used: a 
fixed-radius sphere (tool radius) and a best-fit sphere with optimised 
radius (Table 6). This separation enables a distinction between global 
curvature change and higher-order residual deformation. To isolate non- 
spherical content, measured surfaces were decomposed into annular 
Zernike polynomials (up to radial order N ≤ 6) after removal of piston, 
tilt, and defocus (Fig. 13). The residual RMS was 49.1 µm for the 
straight-fibre mirror and 58.5 µm for the RTS mirror, representing 

Fig. 11. Moisture-desorption deformation fields (m): (a) straight-fibre; (b) RTS.

Fig. 12. Predicted post-demoulding distortion from CHILE simulations (m): (a) straight-fibre; (b) RTS.

Table 5 
Comparison between modelling and experiment.

Metric Model Experiment

Dominant mode Low-order Low-order
Straight-fibre RMS (µm) ~69 49
RTS RMS (µm) ~68 59
RTS effect Lower mass, similar RMS Increased asymmetry
Thermal response Global curvature change Residual-stress relaxation

Table 6 
Sphere-fitting results for measured mirror surfaces.

Metric Tool 
(reference)

Straight- 
fibre 
(fixed R)

Straight- 
fibre 
(best-fit)

RTS 
(fixed 
R)

RTS 
(best- 
fit)

Fitted sphere 
radius (mm)

8063.9 8063.9 8277.35 8063.9 8283.2

Peak-to-valley 
error (µm)

77.9 937 931 494 520

RMS error (µm) 14.9 180.0 178.3 104 99.7

Fixed R: radius constrained to tool value (8063.9 mm). Best-fit: radius optimised 
during fitting.
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higher-order and non-axisymmetric components. The straight-fibre 
mirror exhibits predominantly axisymmetric behaviour, whereas the 
RTS mirror shows increased non-axisymmetric contributions, particu
larly in astigmatism and related low-order asymmetric terms. This trend 
is consistent with modelling predictions and reflects stiffness and 
thickness variation introduced by fibre steering. The two mirrors exhibit 
comparable surface roughness (Table 7), with no evidence of high- 
frequency surface irregularities, indicating good manufacturing qual
ity. The RTS mirror shows a modest increase in roughness at mid-radius, 
but differences remain small relative to global deformation magnitudes.

To avoid ambiguity in interpretation, it is important to distinguish 
between the quantities evaluated by modelling and experiment. The 
finite element analysis quantifies the intrinsic thermoelastic response of 
an ideal, stress-free laminate under spatially uniform temperature 
change, governed primarily by laminate-level CTE and global stiffness. 
In contrast, the thermomechanical experiments measure the response of 

the as-manufactured mirrors, which include residual stresses from 
curing, a shifted stress-free temperature, non-uniform heating (≈20 ◦C 
in-plane gradient), and gravity/support effects. A fully coupled simu
lation including these effects was not considered here, as the objective is 
to isolate intrinsic laminate behaviour under controlled conditions and 
enable a direct, like-for-like comparison between laminate concepts. 
Consequently, the experimental observations do not represent a direct 
validation of intrinsic thermoelastic behaviour, but rather the sensitivity 
of the as-manufactured surface figure to thermal perturbation under the 
specific test conditions.

Thermomechanical testing shows that surface error decreases at 
elevated temperature, primarily due to relaxation of cure-induced re
sidual stresses. The straight-fibre mirror exhibits a significant reduction 
in RMS surface error from ~ 234.9 µm to ~ 152.2 µm (Peak to valley 
(PV): ~577.5 µm to ~ 359.7 µm), indicating substantial stress relaxa
tion. In contrast, the RTS mirror shows a smaller change (RMS: ~111.1 
µm to ~ 124.5 µm; PV: ~312.2 µm to ~ 299.7 µm), indicating reduced 
sensitivity of the as-manufactured shape to thermal perturbation under 
the imposed non-uniform heating conditions. Zernike decomposition (N 
≤ 6) confirms that these variations are dominated by low-order modes, 
consistent with the global deformation behaviour predicted by the 
models. Accordingly, the experimental results should be interpreted as 
demonstrating qualitative agreement in deformation modes and relative 
sensitivity, rather than quantitative validation of uniform-temperature 

Fig. 13. Residual surface after removing piston, tilt, and defocus: (a1) straight-fibre, (b1) RTS; dominant annular Zernike terms: (a2) straight-fibre, (b2) RTS.

Table 7 
Surface roughness of straight-fibre and RTS mirrors (mean ± SD).

Metric Straight-fibre 
(Centre)

Straight-fibre 
(Mid-radius)

RTS 
(Centre)

RTS 
(Mid-radius)

Ra(µm) 0.207 ± 0.004 0.308 ± 0.036 0.391 ± 0.010 0.513 ± 0.007
Rq(µm) 0.257 ± 0.004 0.388 ± 0.046 0.490 ± 0.013 0.636 ± 0.010
Rz(µm) 1.316 ± 0.06 2.036 ± 0.22 2.55 ± 0.07 3.286 ± 0.10
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thermoelastic predictions. Within this context, the smaller variation 
observed for the RTS laminate indicates improved stability of the 
residual-stress-driven shape, while the intrinsic thermoelastic response 
remains comparable between the two laminates, as predicted by FE 
analysis. Given the presence of thermal gradients and measurement 
uncertainty, differences at the level of tens of micrometres should be 
interpreted with caution, whereas the observed changes in global 
deformation and consistent trends across repeated measurements are 
considered reliable.

Differential scanning calorimetry confirmed a high and uniform 
degree of cure across both mirrors. An uncured IM7/8552 baseline 
yielded a total reaction enthalpy of ~ 250.5 J/g, used to quantify cure. 
The straight-fibre laminate showed a residual enthalpy of 16.5 ± 0.4 J/g 
(~93% cure), while the RTS laminate exhibited 12.2 ± 6.2 J/g (~95% 
cure) and a glass transition temperature of ~ 226.8 ◦C. Low residual 
enthalpy and limited spatial variation (centre, mid-radius, edge) indi
cate uniform cure in both cases. The slightly lower ΔHr and higher Tg for 
RTS suggest a marginally greater effective cure state, potentially linked 
to local thickness variation and thermal history. Overall, both laminates 
achieve near-complete and spatially uniform cure, supporting the 
assumption of homogeneous material properties and indicating that 
deformation is governed by global residual stresses rather than cure 
variability. The measured degree of cure and deformation trends are 
consistent with the assumptions and predictions of the CHILE-based 
process model, providing experimental support for the adopted model
ling framework.

Flexural testing was performed on coupons extracted from the 
demonstrators using three- and four-point bending (ASTM D7264, n =
5), with representative responses shown in Fig. 14 and properties sum
marised in Table 8. The straight-fibre laminate exhibits greater flexural 
modulus and strength, characterised by a steeper initial slope and higher 
peak stress, whereas the RTS laminate shows reduced stiffness and 
slightly lower strength, retaining approximately 85–90% of the value. 
This reduction is attributed to fibre steering and the associated thickness 
and orientation variations.

The two test configurations exhibit systematically different re
sponses due to their distinct stress states. In three-point bending, failure 
is dominated by maximum tensile and compressive stresses at the outer 
fibre layers under a localised loading point, resulting primarily in fibre- 
dominated failure mechanisms such as tensile fracture and compressive 
kinking (Fig. 15(a,b)). In contrast, four-point bending introduces a 
constant bending moment region with reduced stress gradients but 
increased interlaminar shear (τ13, τ23), promoting earlier interlaminar 
damage initiation and matrix/interface-controlled failure (Fig. 15(c,d)).

The transition in failure mode directly influences the measured 
stiffness. The lower apparent modulus observed in four-point bending 
arises from the increased contribution of interlaminar shear and 

progressive damage within the constant-moment region, leading to 
earlier stiffness degradation compared to the more fibre-dominated 
response in three-point bending. Consequently, three-point bending 
shows a well-defined linear elastic region, whereas four-point bending 
exhibits lower apparent modulus, greater deformation prior to failure, 
and increased scatter due to sensitivity to fixture compliance and 
distributed damage evolution. Therefore, flexural modulus values from 
the two methods are not directly comparable and should be interpreted 
in a relative sense. Despite differences in absolute values, both test 
methods consistently indicate the same trend (straight-fibre > RTS in 
stiffness and strength), confirming the reliability of the observed 
behaviour.

Reference testing on unidirectional IM7/8552 laminates produced 
strengths of ~ 1980 ± 256 MPa (three-point) and ~ 1290 ± 170 MPa 
(four-point), with interlaminar shear strength of ~ 60.1 ± 6.1 MPa. 
Compared with these values, both straight-fibre and RTS laminates 
exhibit substantially lower strengths as expected, reflecting their 
multidirectional layups and load redistribution. Interlaminar shear 
testing (short-beam) further confirms matrix/interface-dominated fail
ure (Fig. 15(e,f)), reinforcing that shear-driven mechanisms govern 
failure when through-thickness stresses are significant. Microscopy 
revealed typical fibre-dominated failure mechanisms together with 
interlaminar shear failure, with no evidence of voids, delamination, or 
process-induced defects. Overall, these results confirm that fibre steer
ing introduces a stiffness reduction without compromising structural 
integrity, supporting the suitability of RTS laminates for load-bearing 
precision mirror applications.

5. Conclusions

This study presents a design–manufacture–validation framework 
that links modelling, optimisation, manufacturing, and experimental 
validation for straight-fibre and Rapid Tow Shearing (RTS) composite 
mirror substrates for space-based laser communication systems. A 

Fig. 14. Flexural stress–strain response: (a) three-point bending; (b) four-point bending (thin lines: specimens; thick line: mean).

Table 8 
Flexural properties of straight-fibre and RTS coupons (mean ± SD).

Test method Laminate Flexural modulus 
(GPa)

Flexural strength 
(MPa)

Three-point 
bending

Straight- 
fibre

76.84 ± 2.66 1031.00 ± 36.7

Three-point 
bending

RTS 47.98 ± 0.99 917.1 ± 41.1

Four-point 
bending

Straight- 
fibre

27.39 ± 2.25 528.0 ± 20.7

Four-point 
bending

RTS 17.23 ± 1.19 446.7 ± 36.8
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consistent, like-for-like comparison was performed under identical ge
ometry, boundary conditions, and load cases, including launch, ther
moelastic, hygroscopic, and cure-induced effects. Both laminate 
concepts satisfy the launch stiffness requirement, with first natural fre
quencies of approximately 153 Hz for the straight-fibre design and 145 
Hz for the RTS design, while exhibiting large in-plane strength margins, 
indicating that stiffness rather than strength governs the design. RTS 
enables an approximately 11% reduction in areal density compared with 
straight-fibre mirrors while maintaining sufficient structural perfor
mance, demonstrating its effectiveness for mass-efficient stiffness 
tailoring. Thermoelastic deformation is identified as the dominant 
contributor to in-orbit figure change, with both laminates exhibiting 
similar RMS surface displacement in the range of 62 to 69 µm. This in
dicates that thermoelastic behaviour is governed primarily by laminate- 
level properties, particularly effective coefficients of thermal expansion 
and global bending stiffness, rather than local fibre steering. Hygro
scopic distortion is small but non-negligible, while cure-induced defor
mation is larger in magnitude but dominated by low-order modes and 
therefore potentially correctable through process or tooling strategies.

Experimental validation confirms high manufacturing quality, uni
form cure, and absence of significant defects. Surface metrology and 
Zernike analysis show that deformation is dominated by low-order 
global modes, consistent with modelling predictions. RTS introduces 
increased non-axisymmetric and higher-order residual components but 
does not generate high-frequency surface errors or compromise struc
tural integrity. Overall, RTS provides additional design freedom for mass 
reduction without degrading global thermoelastic stability but does not 
fundamentally alter the governing deformation mechanisms of com
posite mirrors. Instead, passive stability is primarily limited by the 
intrinsic thermal behaviour of the material system. The novelty of this 
work lies in the first experimentally validated, like-for-like comparison 

that explicitly links variable-stiffness laminate design, manufacturing- 
induced effects, and optical-scale deformation under consistent condi
tions. The primary contribution is the establishment of an integrated and 
traceable framework that combines process modelling, structural anal
ysis, and full-field experimental validation to quantify the mass–stability 
trade-off in composite mirror design. The resulting impact is the provi
sion of a validated design methodology that improves confidence in 
predictive modelling and demonstrates the practical viability of RTS for 
mass-efficient, dimensionally stable space optics, while also indicating 
that future gains in thermoelastic performance will depend on advances 
in material systems or hybrid architectures rather than stiffness tailoring 
alone.
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Fig. 15. Microscopy of failure modes in reference coupons: (a, b) three-point bending; (c, d) four-point bending; (e, f) interlaminar shear (short-beam).
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Appendix 

.

Appendix A. . Cure-dependent thermochemical and mechanical model

This appendix summarises the cure-kinetics, thermophysical, and cure-dependent mechanical relations used in the CHILE simulations for IM7/ 
8552. All models and parameters were adopted from established literature [36–39,41,49,50], without additional fitting. Degree of cure is denoted by 
α, temperature by T, and fibre volume fraction by vf .

A1. Cure kinetics.
Cure evolution follows the Johnston–Hubert autocatalytic–diffusion model [36]: 

α̇ =
Kαm(1 − α)n

1 + eC(α−αc0−[αcT*T] ) (A1) 

where the rate constant (K) follows an Arrhenius-type temperature dependence: 

K = Ae
−ΔE
RT (A2) 

The exothermic heat release per unit mass of composite (H) was defined as: 

H = HR⋅
(
1− vf

)
⋅
ρr

ρ (A3) 

with composite density (ρ) calculated as: 

ρ = vf ρf +
(
1− vf

)
ρr (A4) 

The corresponding kinetic parameters are presented in Table A1 [36].

Table A1 
Cure kinetics parameters for IM7/8552 [36].

Parameter Symbol Value Unit

Total resin heat of reaction HR 540× 103 J/kg
Pre-exponential factor A 1.528× 105 1/s
Activation energy ΔE 6.65× 104 J/mol
First exponential constant m 0.8129 −

Second exponential constant n 2.736 −

Diffusion constant C 43.09 −

Diffusion constant αcT 5.475× 10−3 1/K
Diffusion constant αc0 −1.684 −

Initial degree of cure α0 0.05 −

Resin density ρr 1301 kg/m3

Fibre density ρf 1790 kg/m3

Fibre volume fraction vf 0.577 −

A2. Cure-dependent thermophysical properties.
The temperature- and cure-dependent resin specific heat capacity (Cpr ) was modelled as [37,38]: 

Cpr = Cprb +
Cpg − Cprb

1 + ek[T−Tg−ΔTc]
(A5) 

where the limit specific heat capacities of the resin in the rubber and glass are: 

Cpi = (1 − α)Cpi0 +αCpi∞ (i = rb, g) (A6) 

Cpij = sijT+ cij(i = rb, g and j = 0,∞) (A7) 

The glass transition temperature (Tg) was determined using the DeBenedetto equation [39]: 
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Tg = Tg0 +
λα
(
Tg∞ − Tg0

)

1 − (1 − λ)α (A8) 

IM7 fibre specific heat capacity (Cpf ) was assumed linear with temperature: 

Cpf = 750+2.05T (A9) 

and the composite specific heat capacity (Cp) was determined through a rule of mixtures:
Cp = wf Cpf +

(
1−wf

)
Cpr,wf =

vf ρf
ρ (A10-A11)

The coefficients for the specific heat capacity and glass transition temperature are summarised in Table A2 [37,38].

Table A2 
Specific heat and glass transition parameters for IM7/8552 [37,38].

Parameter Symbol Value Unit

Glass coefficient (α = 0) sg0 3.775 J/
(
kgK2)

Glass coefficient (α = 0) cg0 730.0 J/(kgK)
Glass coefficient (α = 1) sg∞ 3.40 J/

(
kgK2)

Glass coefficient (α = 1) cg∞ 830.0 J/(kgK)
Rubber coefficient (α = 0) sr0 3.27 J/

(
kgK2)

Rubber coefficient (α = 0) cr0 1088.0 J/(kgK)
Rubber coefficient (α = 1) sr∞ 2.0 J/

(
kgK2)

Rubber coefficient (α = 1) cr∞ 1350.0 J/(kgK)
Transition rate k 0.278 1/

◦

C
Glass transition (α = 0) Tg0 −7 ◦ C
Glass transition (α = 1) Tg∞ 250 ◦ C
Fitting parameter λ 0.78 −

Transition offset ΔTc −1.5 ◦ C

A3. Thermal conductivity.
Anisotropic and temperature-dependent heat conduction was represented by polynomial functions for the resin and linear relations for the fibre. 

The resin thermal conductivity (kr) was defined as [38]:
kr = Akr + BkrT + Ckrα(A12)
while fibre conductivities along the longitudinal (klf ) and transverse (ktf ) directions were:
klf = Aklf + Bklf T,ktf = Aktf + Bktf T(A13-A14)
Composite conductivities followed parallel and series–parallel models [38]:
k11 = vf klf +

(
1−vf

)
kr(A15)

k22 = k33 = vf kr

(
ktf
kr
−1
)

+ kr

(
1
2−

ktf
2kr

)

+ kr

(
ktf
kr
−1
)

̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅

v2
f − vf +

(
ktf
kr +1

)2

(
2ktf
kr −2

)2

√
√
√
√
√
√
√

(A16)

The corresponding thermal conductivity parameters used in these relations are summarised in Table A3 [38].

Table A3 
Thermal conductivity parameters for IM7/8552 [38].

Parameter Symbol Value Unit

Resin base conductivity constant Akr 0.148 W/m/
◦

C
Resin temperature coefficient Bkr 3.43× 10−4 W/m/

◦

C2

Resin cure-degree coefficient Ckr 6.07× 10−2 W/m/
◦

C
Fibre longitudinal base conductivity constant Aklf 7.69 W/m/

◦

C
Fibre longitudinal temperature coefficient Bklf 1.56× 10−2 W/m/

◦

C2

Fibre transverse base conductivity constant Aktf 2.4 W/m/
◦

C
Fibre transverse temperature coefficient Bktf 5.07× 10−4 W/m/

◦

C2

A4. Cure-dependent mechanical properties.
The temperature- and cure-dependent modulus of the resin (Er), was modelled as a function of the reduced temperature (T*) [36]:

Er =

⎧
⎪⎪⎪⎪⎨

⎪⎪⎪⎪⎩

E0
r , T* < T*

C1

E0
r +

T* − T*
C1

T*
C2 − T*

C1

(
E∞

r − E0
r
)
, T*

C1 ≤ T* ≤ T*
C2

E∞
r , T* > T*

C2

(A17)

where:

T* =
(

T0
g +aTg*α

)
−T,T*

C1 = TC1a(A18)
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The temperature- and cure-dependent Poisson’s ratio of the resin (vr) and shear modulus (Gr) of the resin were then:

vr = 1
2

[

1−
Er(1−2v∞)

E∞
r

]

(A19)

Gr = Er
2(1+ vr)

(A20)
The corresponding temperature- and cure-dependent constants used in these relations are summarised in Table A4 [36].

Table A4 
Temperature- and cure-dependent mechanical properties of Hexcel 8552 epoxy resin [36].

Parameter Symbol Value Unit

Unrelaxed modulus E∞
r 4.67× 109 Pa

Relaxed modulus E0
r 4.67× 106 Pa

Lower critical T* TC1a −45.7 K
Upper critical T* T*

C2 −12 K
Glass transition (α = 0) T0

g 268 K
Glass transition variation aTg 220 K
Unrelaxed Poisson’s ratio v∞ 0.37 −

Composite stiffness during cure was computed using Chamis' micromechanics model [41], incorporating the cure-dependent resin properties 
derived above. The elastic moduli and Poisson’s ratios were computed as:

E1 = vf Elf +
(
1−vf

)
Er,E2 = E3 = Er

1− ̅̅̅vf
√

(

1− Er
Etf

)(A21-A22)

G12 = G13 = Gr

1− ̅̅̅vf
√

(

1− Gr
G12f

),G23 = Gr

1− ̅̅̅vf
√

(

1− Gr
G23f

)(A23-A24)

v12 = v13 = vf v12f +
(
1−vf

)
vr,v23 = E2

2G23
−1(A25-A26)

Fibre mechanical properties were assumed constant throughout curing and are summarised in Table A5 [36].

Table A5 
Fibre properties used in the IM7/8552 curing simulation model [36].

Parameter Symbol Value Unit

Axial Modulus Elf 276,000 MPa
Transverse Modulus Etf 19,500 MPa
In-plane Poisson's ratio v12f = v13f 0.28 −

Out-of-plane Poisson's ratio v23f 0.25 −

In-plane Shear Modulus G12f = G13f 70,000 MPa
Out-of-plane Shear Modulus G23f 7800 MPa

A5. Cure-dependent CTE.
The temperature- and cure-dependent modulus of the resin CTE (αr) with reduced temperature (T*) was expressed as:

αr =

⎧
⎪⎪⎪⎪⎨

⎪⎪⎪⎪⎩

α0
r , T* < T*

C1

α0
r +

T* − T*
C1

T*
C2 − T*

C1

(
α∞

r − α0
r
)
, T*

C1 ≤ T* ≤ T*
C2

α∞
r , T* > T*

C2

(A27)

with reduced temperature defined by Eq. (A18). Composite CTEs during cure were computed using Chamis' micromechanics model [41]:

α11 =
αf1Elf vf+αrEr(1−vf)

Elf vf+Er(1−vf)
(A28)

α22 = α33 = αf2
̅̅̅̅vf

√
+
(
1−

̅̅̅̅vf
√ )

(

1+vf vr
Elf

Elf vf+Er(1−vf)

)

αr(A29)

The relevant fibre and resin CTE values are presented in Table A6.

Table A6 
Thermal expansion parameters for IM7 fibre and Hexcel 8552 epoxy resin [49,50].

Parameter Symbol Value Unit

Unrelaxed resin CTE α∞
r 5.66× 10−5 K−1

Relaxed resin CTE α0
r 2.86× 10−5 K−1

Fibre axial CTE αf1 −0.54× 10−6 K−1

Fibre transverse CTE αf2/αf3 10.08× 10−6 K−1
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A6. Cure shrinkage model.
Chemical shrinkage during curing was modelled by applying incremental shrinkage strains throughout the process. The total composite shrinkage 

strain in the principal material directions was defined as:

εS
ij = CS

ij⋅
(

εs(k)
ij −εs(k−1)

ij

)
(A30)

where the resin shrinkage strain is:
εs

r =
(
1 + Vs

r
)1/3

−1(A31)
The composite shrinkage coefficients were expressed as:

CS
11 =

(1−vf)Er

(1−vf)Er+vf Elf
(A32)

CS
22 = CS

33 = (vr +1)
(
1−vf

)
−v12CS

11(A33)
The volumetric cure shrinkage (VS

r ) evolves with the degree of cure according to [36]:

VS
r =

⎧
⎪⎪⎨

⎪⎪⎩

0, α < αC1

AαS +
(
VS∞

r − A
)
α2

S , αC1 ≤ α < αC2

VS∞
r , α ≥ αC2

(A34)

αS = α−αC1
αC2−αC1

(A35)
The material parameters for the cure shrinkage model are summarised in Table A7.

Table A7 
Cure shrinkage parameters for IM7/8552 [36].

Parameter Symbol Value

Onset of shrinkage αC1 0.055
End of shrinkage αC2 0.651
Total volumetric resin shrinkage VS∞

r 0.099
Nonlinearity coefficient A 0.173

Data availability

Data underlying this study can be accessed through the Cranfield 
University repository at https://doi.org/10.57996/cran.ceres-2842.
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