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ABSTRACT 

By 2050 the evolutionary approach to aero engine research and development 

will no longer be able to maintain historic rates of performance improvement. 

Future geared fan and open rotor engines promise increased propulsive 

efficiency and reduced noise, but will need to incorporate new technologies to 

improve core thermal efficiency in order to meet the ambitious fuel-burn and 

emissions targets set by ACARE in Flightpath 2050. In the face of increasing air 

traffic, radical new approaches will be needed to minimize the impact of aviation 

on the environment. A long-term vision is required. 

This PhD project investigates the potential of innovative propulsion technologies 

for civil aviation. Candidate technologies include topping and bottoming cycles, 

secondary combustion, intercooling and recuperation. The reported research 

investigates potential synergies between these advanced core technologies that 

when integrated together should give a significant fuel burn reduction relative to 

a more-conventional year-2050 ‘reference’ Brayton-cycle turbofan.  

Spreadsheet models have been used to quantify performance and estimate the 

weight and fuel burn savings for each new engine cycle. Further models were 

created to investigate preferred topping and bottoming cycle arrangements. 

NOx emissions are estimated for engines with rich-quench-lean (RQL) or lean-

direct-injection (LDI) combustors. The correlation for future LDI combustor NOx 

emissions was selected following a review of recent LDI combustor research 

and a detailed study of alternative options.  

Increasingly aerodynamically efficient and lighter weight aircraft with more 

efficient engines will have lower thrust requirements. Advanced engine cycles 

also generally increase core specific power and reduce core mass flow, so 

future engines will have smaller turbo-machines that will tend to have lower 

component efficiencies. Therefore a preliminary study investigated the effects of 

thrust-scaling on the efficiency of the reference turbofan and possible high-OPR 

intercooled engines, since these could have very small core components.  
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Novel core-component designs and engine architectures can minimize these 

penalties. Positive-displacement topping-cycle machines and reverse-flow-core 

engine layouts should help to maintain component efficiency and improve SFC, 

but low weight and low drag are also essential to minimize fuel burn. Therefore 

weight assessments of the advanced engine designs were made, and fuel-burn 

exchange rates used to quantify expected mission-level CO2 reductions. 

Following a qualitative assessment of synergies between potential advanced 

technologies, an engine that combines intercooling, a topping cycle, secondary 

combustion and an open-air-cycle bottoming cycle was selected for detailed 

study. While each of these technologies has been researched previously, the 

contribution and value that each advanced core technology could bring to the 

whole in a large geared turbofan has not so far been reported. The approach 

initiated was to model a series of engines omitting each technology in turn and 

this scheme has been partially realized. The modelled topping-cycle technology 

uses six nutating-disc modules as a replacement for conventional combustors, 

high pressure compressors and turbines. A nutating-disc core module concept 

design led to the creation of a display model that was shown on the ULTIMATE 

project stand at the 2018 Farnborough International Air Show.  

The selected cycle combining all four technologies should reduce SFC by about 

15% relative to the reference year-2050 turbofan and is assessed to reduce fuel 

burn by up to 18.5% in a long-range aircraft. An engine with intercooling, intra-

turbine combustion and a bottoming cycle reduces SFC by about 6%, and an 

engine that is simply intercooled reduces SFC by about 3%. The topping cycle 

gives the biggest potential thermal efficiency improvement, but nutating-disc 

technology presents very significant design challenges for large aero engines, 

particularly with regard to internal sealing and bearing loads. Therefore it is 

recommended that alternative topping-cycle technologies should be researched 

for long-term aero engine performance improvements. A further study shows 

the effect of the target 15% reduction in fuel burn on in-flight CO2 emissions by 

the civil aviation fleet under various traffic-growth scenarios. 
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1 RESEARCH SCOPE AND CONTEXT 

1.1 Introduction 

For over sixty years most large civil aircraft have used engines with propellers, 

or ducted fans, driven by Brayton cycle gas turbines. These engines with gas 

turbine cores had higher power/weight ratios than the highly developed piston 

engines that preceded them, and they improved productivity by enabling aircraft 

to fly higher and faster. They also offered lower maintenance costs, and, as fuel 

was relatively inexpensive, their lower cycle efficiencies resulting from reduced 

peak cycle pressures and temperatures were acceptable. Subsequent aero 

engine developments have progressively improved fuel burn (FB), but the 

demand for further improvements remains strong because of the continuing 

growth in air travel and its environmental impact. Major concerns relate to global 

warming resulting from CO2 and the effects of other emissions, particularly NOx 

and particulates, on local air quality and human health. Aircraft noise is also still 

a significant issue.  

Typical engines for year 2050 are expected to have geared fans for faster long-

range aircraft and geared open rotors for shorter-range aircraft [2]. Ducted fans 

could have variable-pitch fan blades to enable reduced specific thrust and 

higher propulsive efficiency. Open-rotors with highly efficient contra-rotating 

propeller blades could have a ‘pusher’ configuration and be rear-fuselage 

mounted to minimise cabin noise. These propulsion systems are considered 

preferred candidates for efficient future short-range ‘narrowbody’ aircraft, but 

turbofan engines are considered more realistic for heavier long-range aircraft, 

on account of their higher cruise speeds, the installation challenges of large 

open rotors and their noise footprints. Nevertheless the 2050 aero engine fuel-

burn targets will not be met by either type without further radical changes to 

core engine design. Thus the ULTIMATE project has investigated breakthrough 

technologies for aircraft propulsion to meet the ambitious Advisory Council for 

Aviation Research and Innovation (ACARE) Strategic Research and Innovation 

Agenda (SRIA) Flightpath 2050 targets for CO2, noise and emissions [3] [4] [5]. 
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The overall efficiency of a propulsion system can be analysed as the product of 

propulsive efficiency, transfer efficiency and core thermal efficiency [6]. The 

propulsive efficiency of turbofan engines has been increased by increasing fan 

sizes and bypass ratios to increase air flow and reduce specific thrust and jet 

velocities. In coming years, this trend will be taken further by introducing geared 

fans to enable the use of higher-speed and more-compact low pressure (LP) 

turbines, but increases in powerplant weight and nacelle drag place upper limits 

on potential improvements in propulsive efficiency. These limits can however be 

shifted by adopting open rotor propulsor systems to reduce nacelle drag or by 

improving engine/airframe integration, e.g. by exploiting boundary layer 

ingestion (BLI) to increase propulsive efficiency [6]. 

Transfer efficiency states how-efficiently power is transferred from the core 

engine to the propulsion system. Turbojets have very high transfer efficiency, 

but increasing bypass ratios in turbofan and open rotor engines tends to reduce 

transfer efficiency. However, the trend can be offset by raising the component 

efficiencies of low-pressure turbines and fans or propellers. Using gearboxes to 

enable the speeds of different components to be optimised can also help to 

improve transfer efficiency, even after accounting for the gearbox transmission 

losses and cooling requirements.  

The potential for further improvements in propulsive and transfer efficiency in 

turbofans is relatively limited, but larger improvements in core thermal efficiency 

are possible. This is because in gas turbines the biggest increase in entropy 

(i.e. loss of available energy or exergy) occurs when the fuel burns at constant 

pressure. Incorporation of constant volume or pressure-rise combustion will 

greatly reduce the exergy loss and improve core thermal efficiency [5]. 

Historically, thermal efficiency in gas turbines has been improved by raising 

turbine entry temperature (TET), overall pressure ratio (OPR) and component 

efficiencies. However, attaining higher thermal efficiency by increasing TET is 

reaching its practical limits due to material limitations in the high pressure (HP) 

turbine and the adiabatic flame temperature of kerosene. Industry targets and 
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legislation limiting NOx emissions will also curb flame temperatures, which tend 

to increase with increasing combustor inlet temperature and pressure. Also, 

higher OPR leads to smaller blades in the HP compressor and HP turbine, 

tending to reduce their component efficiencies. Alternative approaches to the 

current trends of increasing TET and OPR are needed in order to make 

significant progress on improving thermal efficiency. 

One reason for the modest thermal efficiency of existing aero engines is failure 

to extract more energy from the heat exported in their hot core-exhaust gasses. 

This heat may be extracted by a recuperator to pre-heat air entering the 

combustor, or to drive a bottoming cycle. Intercooled and recuperated engine 

cycles have been investigated in previous EU-funded programmes including 

EEFAE, NEWAC, LEMCOTEC and ULTIMATE [7]. Recuperator designs have 

been researched to increase effectiveness and reduce installation losses [8]. 

Bottoming cycles for aero engines have been relatively under-researched until 

recently. These can be closed-circuit [9] or open-circuit [10] systems. 

1.1.1 Project Outline, Aims, Objectives and Overall Methodology 

Several unconventional engine technologies have been researched in recent 

years. Intercooling, recuperation, inter-turbine combustion, topping cycles and 

bottoming cycles have all demonstrated potential to improve core thermal 

efficiency. While some of these technologies can be combined to give useful 

synergies, other combinations will not work so well together.  

The study aims to close gaps in the knowledge regarding combinations of 

advanced-cycle aero-engine core technologies that would be either synergistic, 

or antagonistic to each other. The research objectives include: 

 Determining the pros and cons of the novel technologies and combinations 

of technologies that could improve the thermal efficiency of future engines. 

 Investigating the effects of scaling-down thrust requirements and core 

turbomachinery components on engine efficiency and cycle matching. 
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 Creating a concept design for a nutating-disc topping-cycle module and 

assessing its performance and mechanical limitations,  

 Identifying a realistic large commercial turbofan engine performance cycle 

and architecture with potential for a 15% step-change reduction in fuel-burn 

together with reduced NOx emissions,  

 Quantifying the incremental benefits from potential technologies including 

intercooling, secondary combustion and topping and bottoming cycles, 

 Selecting a method for predicting the NOx emissions of future-engine lean-

burn combustion systems, 

 Estimating the likely impact of technology improvements on civil-aviation 

CO2 emissions for a number of different air-traffic growth and economic 

scenarios up to 2075 and beyond. 

 Comparing predicted year-2050 engine emissions with industry targets    

In the first part of this study various technology combinations were reviewed. 

Comparing possible engine cycles highlighted the performance parameters 

limiting their potential, and technology combinations that either might overcome 

the constraints, or be in conflict with each other. The study gave a qualitative 

down-selection of the most promising cycles. The assessment considered 

potential thermal efficiency benefits and likely cost and weight implications, 

based on core specific power and overall complexity.  

For the selected top-level performance cycle, further design choices were 

made. Topping cycles for example could have been implemented using pulse-

detonation, wave-rotors or piston engines, but it was decided to focus on the 

relatively under-researched option of nutating-disc machinery and its potential 

application to turbofans for larger longer-range aircraft. It was considered that 

more-complex cycles combining multiple core technologies would be easier to 

justify in such an application because of more-favourable fuel-burn exchange 

rates and relatively lower sensitivity to acquisition costs. However, the effects of 

scaling-down the thrust requirements for future aircraft and reducing component 

sizes in advanced-cycle engine cores have also been considered. 
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In the last part of the project the selected design concept has been holistically 

assessed using quantitative models and new methods. Maximising overall 

efficiency requires that losses of available energy (exergy) are minimised. 

Temperature-entropy diagrams show how the performance cycles affect overall 

engine thermal efficiency. They also show where the losses occur and where 

improvements in component technology would minimise these losses. 

Figure 1 summarises the major steps taken through the PhD project, from the 

initial literature survey and other inputs (in the left-hand column) to the final 

publications and other dissemination materials (in the right-hand column). 

 

Figure 1 – Overall Methodology for the PhD Study 

1.1.2 The ULTIMATE Project 

Over the course of these studies the author has worked with Rolls-Royce plc 

and other partners in the European Commission’s Horizon 2020 ULTIMATE 
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technologies, such as developments in high temperature materials and heat 

exchanger design. Then future reference engines with conventional cycles were 

modelled prior to making comparisons with the radical engine cycle concepts 

investigated in the main part of the project. 

ULTIMATE has investigated combinations of advanced technologies with the 

potential to greatly improve the fuel burn and emissions of aero engines for 

aircraft entering service from 2050 onwards [5]. It has modelled ‘advanced tube 

and wing’ (ATW) commercial aircraft, flying Airbus A320-like and A330-like 

missions, that together represent about 90% of current commercial air traffic 

[11]. These aircraft were modelled with projected 2050 entry-into-service (EIS) 

‘reference engines’ having conventional Brayton-cycle gas-turbine cores. The 

aircraft and engine designs and thrust requirements were then iterated to give 

the lowest fuel burn. The final reference engine designs anticipate mid-century 

technology improvements, including the trend towards higher component, core-

thermal, and propulsive efficiencies. For the larger ‘intercontinental’ aircraft a 

geared turbofan is assumed. For the smaller ‘intra-European’ aircraft a geared 

‘open rotor’ engine is assumed.  

This thesis and the ULTIMATE project assume that engines entering service in 

2050 would still use kerosene, or a drop-in-replacement bio-fuel or synthetic 

fuel. Nevertheless, to meet the ‘emissions-free taxiing’ objective, it has been 

assumed that auxiliary power for ground use would normally be provided by a 

hydrogen-fuelled auxiliary power unit (APU) or fuel cells. Therefore, since future 

aircraft would possess these systems, they could also be used to provide 

auxiliary power in flight to further reduce mission-level CO2 emissions. 

However, the use of hydrogen might not always be possible, so it was further 

assumed that engine-mounted electric starter-generators should be able to 

take-over supplying all of the demanded electrical power, as and when 

necessary. This includes power to drive the environmental control system 

(ECS) in the ‘more-electric’ year-2050 aircraft. Table 1 lists key characteristics 

assumed for the year-2000 and year-2050 long-range (intercontinental) study 

aircraft modelled by Bauhaus Luftfahrt (BHL) as reported in [11] and [12]. 
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Table 1 –Year-2000 Baseline and Year-2050 Reference Aircraft Data 

Parameter Units Baseline (2000) Reference (2050) 

Number of Passengers (PAX) – 277 300 

Design Range NM 4867* 7000 

Maximum Take-off Weight (MTOW)  kg 212 000** 190 600 

Operating Empty Weight (OEW) kg – 91 100 

  Relative to Year-2000 Aircraft – – 73.7% (-26.3%) 

Wingspan m 60.3 61.564 

Wing Aspect Ratio – c. 11 13.0 

Mid-cruise Lift/Drag Ratio – c. 21 24.7 

Design Cruise Mach number – 0.82 0.80 

Engine Type – Turbofan Geared turbofan 

Study Engine Designation – LRTF2000 TF2050 

Engine Installation – Under-wing pylon Under-wing pylon 

Engine Fan Diameter m 2.47 2.84 

Engine Bypass Ratio for Aircraft Model – 5 17 

Take-off Thrust 0.2 M Sea Level ISA+15 K  kN 183.5 183.5 

Top of Climb Thrust  kN 73.0 50.0 

Design Mission Fuel Burn / Passenger***  g/NM 41.16 22.64 

Design Mission Fuel Burn / Passenger*** g/km 22.23 12.22 

   Relative to Year-2000 Aircraft – – 55.0% (-45.0%) 

 * Original range including cargo as well as passengers 

 ** Original maximum take-off weight  

 *** Assuming 100% passenger load factor (PLF) 

The ULTIMATE project year-2050 reference aircraft has a conventional tube 

and wing configuration, but incorporates advanced technologies and materials. 

The engines are developments of Brayton-cycle gas-turbine-cored aero-engines 

that also use advanced materials and cooling technologies. The study engines 

aim to demonstrate further step-change improvements over the Brayton-cycle 

reference engines. Assessments of the performance of the baseline and 

reference aircraft and engines were reported in ULTIMATE project deliverables 

D2.1 [12] and D2.6 [13], but the final assessment of the performance of the 

year-2050 long-range reference turbofan engine ‘TF2050’ was provided in an 
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internal memorandum ULTIMATE-CU-ECM-005 [1]. Dissemination of the 

aircraft study results was in [11] and the engine results will be provided in [14]. 

1.2 Motivation 

The author has a long-standing interest in radical designs for commercial aero 

engines because these seem to have the potential for significant improvements 

in fuel economy and reduced emissions. At Rolls-Royce plc and in EU research 

programmes he has studied advanced technologies including cooled cooling 

air, intercooling and recuperation, which have the potential to improve aero 

engine performance. However, it has been difficult to make business cases for 

further development of these technologies while improvements in more 

conventional technologies have offered more immediate benefits. 

Nevertheless it is clear that diminishing returns from conventional aero engine 

developments will make more radical design solutions essential if historic rates 

of engine performance improvement are to be maintained much beyond 2035.  

The author’s main objective has been to identify synergies between emerging 

and unconventional engine technologies to see if they genuinely could create 

significant step-change improvements in the fuel-burn, emissions and cost of 

ownership of aero engines for future commercial aircraft.  

1.2.1 Minimising the Environmental Impact of Civil Aviation 

Ambitious targets for reducing aviation emissions have been set by several 

industry-led bodies, including the ‘Air Transport Action Group’ (ATAG) and the 

‘Advisory Council for Aviation Research and Innovation in Europe’ (ACARE). 

Some inputs for setting the ACARE targets were provided by the ‘ACARE Goals 

Progress Evaluation’ (AGAPE) project. The targets have the objective of driving 

research and technology programmes with potential to mitigate environmental 

impacts from the ongoing rapid growth of the global civil aviation fleet.  

In accordance with its ‘Commitment to Action on Climate Change’ [15], ATAG 

has defined a set of goals aimed at tackling aviation’s impact on climate 

change. Medium and long-term the goals include stabilising emissions from 
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2020 onwards with carbon-neutral growth and the goal of reducing emissions 

from aviation by 50% by 2050 compared to 2005 levels. Realistically the only 

way these goals can be met is by ‘offsetting’ much of the commercial and 

business aviation fleets’ CO2 emissions.  

Long-term goals from ACARE are defined in its Strategic Research and 

Innovation Agenda (SRIA). These include targets for year 2050 in Flightpath 

2050 [4], and intermediate targets for years 2020 and 2035. The most ambitious 

targets include 75% reduction in CO2 emissions and 90% reduction in NOx 

emissions per passenger kilometre for new aircraft in 2050, relative to new 

aircraft in year 2000. The 75% reduction in CO2 emissions is supposed to be 

achieved by a combination of improvements in airframe and engine 

technologies, air traffic management, airline operations and infrastructure. 

Table 2 shows the breakdown of the SRIA targets. The AGAPE assessment of 

a target overall CO2 reduction for year 2020 is less ambitious than the SRIA 

target and much less ambitious than the original Vision 2020 ACARE target. 

Note the improved technologies for application in these aircraft and engines 

would need to be demonstrated to Technology Readiness Level 6 (TRL 6)1 

about five years ahead of the date for earliest EIS. 

Table 2 – SRIA Improvement Targets for CO2 Emissions 

(relative to year-2000 technology levels) 

Improvement Targets for EIS Year 2020 2035 2050 

Attributable to the Propulsion System  0.80 (-20%) 0.70 (-30%) 
0.32 (-68%) 

Attributable to the Airframe 0.80 (-20%) 0.70 (-30%) 

Attributable to ATM and Infrastructure 0.93 (  -7%) 0.88 (-12%) 0.88 (-12%) 

Otherwise Attributable to Airline Operations 0.96 (  -4%) 0.93 ( -7%) 0.88 (-12%) 

Overall Improvement 0.57 (-43%) 0.40 (-60%) 0.25 (-75%) 

                                            
1
 Technology readiness levels on a scale from zero to nine were invented by NASA and are now 

used across the industry. TRL 6 implies sufficient maturity to launch product development. 
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The improvement factors and reduction targets in Table 2 are assumed to apply 

equally across all civil aircraft types, though in practice they will not be equally 

easy to achieve for all types of aircraft and aircraft operations. It is further 

assumed that kerosene or a ‘drop-in’ replacement fuel will continue to be used 

and the component target improvements are independent and commutative 

(which can only be approximately true). 

1.3 Advanced-cycle Engine Concepts 

Various technological advances have the potential to improve the performance 

of future propulsion systems, including improvements in propulsive efficiency 

resulting from reduced specific thrust and increased engine-airframe integration. 

Open rotor powerplants already have very high propulsive efficiencies, and for 

engines with geared fans the potential for further improvements is limited by 

cost, weight and installation issues. There is more scope for substantial 

improvements in thermal efficiency with advanced cycles, because the biggest 

increases in entropy and the biggest exergy losses in existing engines occur in 

their core streams. Therefore the reported research has focused on advanced 

cycles and technologies that can improve core thermal efficiency, and on 

engine designs that will also enable NOx and other noxious emissions around 

airports to be kept to a minimum. Technologies assessed include topping and 

bottoming cycles, intercooling, recuperation and secondary combustion. 

Figure 2 shows a schematic combination of intercooling, nutating-disc topping 

cycle modules, secondary combustion and an open-circuit bottoming cycle in a 

reverse-flow geared turbofan engine architecture and Figure 3 shows a concept 

for a nutating-disc topping-cycle module. Typically, six nutating-disc modules 

might be arranged around the core of the engine. Figure 4 is a schematic cross-

section looking aft, cut ahead of the nutating disc modules and the secondary 

combustor and just behind the reverse-flow high pressure turbine. 

More details of the proposed designs are given in Chapter 6 and Chapter 8. For 

year-2050 this engine configuration has been assessed with the potential for a 
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15% reduction in fuel burn and CO2 emissions relative to the more-conventional 

Brayton-cycle reference engine. 

 

Figure 2 – Turbofan Engine Design Concept for EIS in 2050 

(colour-coding is indicative of cycle temperatures with red being hottest) 

 

Figure 3 – Concept for a Nutating-disc Topping-cycle Module 

(3-D solid model courtesy of Francesco Mastropierro) 
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Figure 4 – Proposed Arrangement of Six Nutating-disc Modules 

(each one having two exhausts feeding into a secondary  

combustor upstream of the high pressure turbine) 

  

1.4 Contribution to Knowledge 

This project has made a substantial contribution to knowledge by exploring 

combinations of technologies not so far reported in the literature, identifying 

potential synergies, quantifying the benefits and investigating the challenges 

associated with realizing the novel engine cycles and configurations. 
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The literature survey highlights those technology combinations that have been 

studied previously and it identifies gaps in the knowledge of how candidate 

technologies in new combinations can benefit integrated engine cycles and 

powerplant designs. The survey recalls a substantial literature on intercooling 

and recuperation and on intercooled and recuperated aero engine design. The 

integration of pressure-rise combustion systems with turbine aero engines has 

also been widely studied and there is abundant material on turbocharged and 

turbocompounded piston engines. The addition of a closed-circuit bottoming 

cycle that would extract heat from the core exhaust and reject it to an air-cooled 

or fuel-cooled pre-cooler has been studied at Cranfield with supercritical-CO2 

recommended as the working fluid [16]. An open, air bottoming cycle (ABC) has 

also been investigated by Anders Lundbladh in Sweden [10]. Novel pressure-

rise combustion systems have been designed, manufactured and tested, and 

even flown on light aircraft, but only one patent application is known that 

considers combining up to five of these technologies in an aero engine [17]. 

Thus there exists considerable scope to investigate integrating and optimising 

different combinations of the above technologies and quantifying their costs and 

benefits. The reported study has made a good start on this.  

The reverse-flow-core architecture studied in the LEMCOTEC project [18] has 

been revisited as a framework for various advanced cycle engines. The engine 

configuration selected for detailed evaluation combines topping and bottoming 

cycles with secondary combustion and intercooling in a reverse-flow-core 

geared turbofan architecture. It is contended that this novel combination of 

technologies has the potential to achieve very high thermal efficiency with 

acceptable levels of NOx emissions, powerplant weight and nacelle-drag. 

The potential to use nutating-disc core modules in a topping cycle has been the 

subject of a detailed study and critical analysis. The author has proposed some 

novel features including integrating the accumulator in double-walled casings to 

provide regenerative cooling. Construction of a display model helped to clarify 

details of its operation, but realization of the concept in a highly-turbocharged 
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engine was shown to present very significant design challenges. Simpler free-

piston arrangements probably offer a more attractive topping-cycle solution. 

Topping-cycles are shown to offer large SFC improvements and significant fuel-

burn reductions when combined with intercooling. Adding an ABC further 

improves SFC and fuel burn when combined with secondary combustion. 

An investigation of known correlations to estimate the NOx emissions of future 

lean-burn combustors has shown that none of them can be expected to give 

accurate predictions. Some existing correlations from rig testing were shown to 

have been misapplied when predicting engine emissions. It was concluded that 

an established simple correlation from NASA was the least-worst option, so it 

was used in the rest of the study. Unlike some other correlations, it should work 

as well for intercooled engines as for conventional engines. 

Potential new formulations for emissions correlations were also investigated, 

but there was no evidence that trying to emulate the underlying physics and 

chemistry would increase accuracy. Some of the available data that might be 

used to validate new correlations were shown to have errors or inconsistencies. 

An investigation of the impact of advanced cycle engines on civil aerospace 

global CO2 emissions in the second half of the century also provided new 

insight into the feasibility of achieving the ATAG target of a 50% reduction in 

CO2 emissions. It was shown that the ‘market based measures’ needed to 

offset CO2 emissions after 2050 could be significantly reduced. 

1.5 Thesis Structure 

The thesis follows a conventional layout and incorporates and updates material 

from the author’s publications, rather than attaching the original papers. 

The introduction to the study covering the research scope and context and 

contribution to knowledge is followed by a literature survey in Chapter 2 that 

reviews the state of the art regarding research into advanced engine cycles and 

technologies, and into associated efforts to minimise engine exhaust emissions. 
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Research gaps are identified to show where this study has been able to make 

useful contributions to knowledge. 

The main methods adopted in this study are described in Chapter 3. These 

include performance modelling tools and emissions estimation methodologies. 

Considerable efforts were made to identify the most appropriate emissions 

assessments methods for future aero engines incorporating lean direct 

ingestion (LDI), but ultimately it was concluded that a widely-quoted existing 

correlation from NASA should continue to be used. (Details of the alternative 

methods reviewed for estimating emissions are included in Appendix B.) 

Chapter 4 covers the initial concept selection for combinations of technologies 

for the advanced-cycle year-2050 turbofan engines. Technologies considered 

include intercooling, recuperation, secondary combustion, open-circuit and 

closed-circuit bottoming cycles, and alternative topping cycles. A rationale is 

established for qualitatively selecting combinations of advanced core-engine 

technologies with potential to help meet ACARE ‘Flightpath 2050’ targets for 

CO2, noise and emissions. Systematic assessment of technology combinations 

led to the down-selection of a preferred engine configuration combining topping 

and bottoming cycles with intercooling and secondary combustion. 

Chapter 5 describes design studies and performance modelling of a possible 

nutating-disc topping-cycle module for the selected engine configuration. It is 

proposed to use a bank of six highly-turbocharged modules, each of which has 

separate compressor and expander discs and four pre-combustors. This novel 

topping-cycle technology provides an alternative to more-conventional piston 

engines or Wankel rotary engines that might otherwise have been used. The 

modules provide a pressure-rise from inlet to outlet and also generate extra 

shaft-power for the engine. The studies identify outstanding design challenges 

that would need to be addressed through improved materials and bearing 

technology. The display model of the concept design for a nutating-disc core 

module is also described. 
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Design requirements and enabling technologies for other novel components for 

the preferred engine configuration are reviewed in Chapter 6. The studies 

include the heat exchangers, the secondary combustion systems and the open-

circuit bottoming-cycle components.  

Chapter 7 describes the detailed whole-engine performance modelling work to 

quantify the benefits of the novel technologies. This starts by investigating a 

conventional Brayton-cycle geared turbofan reference engine with materials and 

component technologies appropriate to year 2050. A sensitivity study on engine 

scale-effects and intercooling quantifies the adverse effects of reduced core-

size resulting from the reduced thrust requirements of the lighter and more 

aerodynamically efficient aircraft anticipated in year 2050. The potential benefits 

of secondary combustion and open-circuit bottoming cycles are assessed and 

used to refine the preferred engine cycle combining intercooling, nutating-disc 

topping-cycle modules, secondary combustion and an open-circuit bottoming 

cycle. A parametric study then compares the performance and SFC of this 

relatively-complex engine cycle with simpler variants and also quantifies 

sensitivity to the efficiencies of the enabling component technologies. 

Chapter 8 provides further assessments of the candidate year-2050 advanced 

engine configurations. These integrate estimates of engine SFC and weight to 

estimate fuel burn and overall emissions. Modelling uncertainties are reviewed. 

The potential environmental costs and benefits relative to existing engines and 

to year-2050 ACARE SRIA Flightpath 2050 targets are also assessed. 

Chapter 9 describes scenario studies to show the effects of air-traffic growth 

and technology improvements on the civil aviation fleet’s CO2 emissions. These 

studies demonstrate the potential reduction in CO2 emissions from realizing the 

ULTIMATE project’s goal of delivering an extra 15% reduction in fuel burn for 

new aircraft from year-2050 onwards. 

Chapter 10 summarises the conclusions from the research and makes some 

recommendations for follow-on studies.  
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The extensive bibliography is followed by four appendices. 

Appendix A reviews the impact of engine exhaust emissions 

Appendix B provides more details of potential alternative existing and potential 

new NOx emissions correlations for year-2050 engines. 

Appendix C gives more details of the whole-engine performance spreadsheet. 

Appendix D describes the true motion of a nutating disc subject to the proposed 

anti-rotation constraint. 

 

1.6 Publications 

The author presented two papers arising from this PhD study at the 2017 

ISABE conference and one of the papers was published in the Aeronautical 

Journal of the Royal Aeronautical Society. Contributions have also been made 

as a co-author to several papers on related studies.  

A poster was presented at Cranfield University Aerospace PhD students’ 2017 

annual review, and then published on-line on the ULTIMATE project’s public 

website [19]. The author also provided materials for the ULTIMATE project 

stand at the 2018 Farnborough International Air Show, These included a poster 

presenting Cranfield University’s ULTIMATE project study engines [20] and a 

datasheet describing the display-model of a nutating-disc topping-cycle module.  

As a participant in the ULTIMATE project, several project deliverable reports 

were written or co-written and edited by the author. These documents are 

referenced in this thesis, but they remain confidential to the partners in the 

project. However, most of the material that the author contributed to them is 

included herein.  

The author’s most-relevant publications are listed in Table 3. 
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Table 3 – Publications Related to the Current Thesis 

Publications as the lead author 

Rolt A., Sethi V., Jacob F., Sebastiampillai J., Xisto C., Grönstedt T., et al. ISABE 2017-

22659 Scale effects on conventional and intercooled turbofan engine performance. 

ISABE. Manchester, UK; 2017. 

Rolt A., Sethi V., Jacob F., Sebastiampillai J., Xisto C., Grönstedt T., et al. Scale effects 

on conventional and intercooled turbofan engine performance. The Aeronautical 

Journal. 2017; (October 2016): 1–24. Available at: DOI:10.1017/aer.2017.38 

Rolt A., Sebastiampillai J., Jacob F., Sethi V. ISABE-2017-22660: Selecting 

Combinations of Advanced Aero Engine Technologies. Proceedings of the 27th ISABE 

Conference. 2017. pp. 1–17. 

Publications as a co-author 

Grönstedt T., Xisto C., Sethi V., Rolt A., Garcia Rosa N., Seitz A., et al. GT2016-56123: 

Ultra Low Emission Technology Innovations for Mid-Century Aircraft Turbine Engines. 

Proceedings of ASME Turbo Expo 2016. Seoul, South Korea: ASME; 2016. pp. 1–13. 

Xisto C., Ali F., Petit O., Grönstedt T., Rolt A., Lundbladh A. GT2017-63776: Analytical 

model for the performance estimation of pre-cooled pulse detonation turbofan engines. 

Proceedings of the ASME Turbo Expo 2017. Charlotte, NC, USA; 2017. Available at: 

DOI:10.1115/GT2017-63776 

Jacob F., Rolt AM., Sebastiampillai JM., Sethi V., Belmonte M., Cobas P. Performance 

of a supercritical CO2 bottoming cycle for aero applications. Applied Sciences 

(Switzerland). 2017; 7(3). Available at: DOI:10.3390/app7030255 

Sebastiampillai J., Jacob F., Mastropierro FS., Rolt A. GT 2019-90775: Modelling 

Geared Turbofan and Open Rotor Engine Performance for Year-2050 Long-Range and 

Short-Range Aircraft. ASME 2019 Turbo Expo. 2019. pp. 1–14.  
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2 LITERATURE SURVEY 

The literature survey starts by considering how aircraft designs may develop 

over the next thirty years, since improvements in aircraft structures, systems 

and aerodynamics will affect future engine thrust requirements. The survey then 

reviews the historical development of piston and compound aero engines for 

increased thermal efficiency, and more-recent research into novel technologies 

to improve aero engine performance and reduce emissions. NASA predictions 

for future turbofan engine performance are assessed, and research from recent 

EU programmes is reviewed. The potential for open rotors and topping and 

bottoming cycles to improve engine efficiency are addressed. Some specific 

topping and bottoming cycle technologies are introduced, including nutating-

disc technology, but discussion of the use of nutating discs in topping cycles for 

large aero engines is deferred to Chapter 5. Finally the scope of the ULTIMATE 

project is reviewed.     

2.1 Projected Aircraft Developments to Year 2050 

Year-2050 reference aircraft designs have been worked-up by BHL for the 

ULTIMATE project as described in [11] and in ULTIMATE deliverable D2.1 [12]. 

A summary of the key characteristics of the year-2050 long-range ATW aircraft 

has already been provided in Table 1. A modest increase of c.8% in average 

passenger capacity is assumed relative to the year-2000 baseline aircraft.  

The year-2050 aircraft’s reduced take-off weight benefits from a significant 

reduction in the amount of fuel the aircraft needs to carry, but this benefit is 

offset by a significant increase in the assumed range with the design payload. 

The 45% reduction in fuel burn per passenger kilometre with the year-2050 

reference engine, while impressive, still falls well-short of the ambitious SRIA 

target of 68% reduction. Even the 45% figure depends on some questionable 

assumptions; notably that a lower cruise Mach number will be acceptable and 

that hydrogen fuel cells will be used to meet secondary power requirements. 

Arguably the latter benefit should be attributable to airline operational 
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improvements, rather than to engine and airframe technologies, since it is 

assumed that the engines would need to be capable of generating auxiliary 

power for the aircraft if hydrogen would not be available.  

The advanced technologies and systems assumed to be included in the year-

2050 reference aircraft are listed in Table 4.  

Table 4 – Advanced Technologies in the Year-2050 Reference Aircraft 

Category Technology 

Aerodynamics Active flow control on vertical stabilizer using suction 

Riblets on fuselage 

Natural laminar flow nacelle 

Hybrid laminar flow control wing/tail 

High aspect ratio wings with manoeuvre and gust-load alleviation 

Variable camber wings 

Weight Advanced carbon-fibre-reinforced-polymer structures 

Cabin furnishing weight reduction 

Systems All-electric subsystems powered by hydrogen fuel cells 

Fly-by-light control systems 

Propulsion Advanced geared fan engines  

For further details of the long-range and short-range study aircraft, including 

general arrangements, payload range diagrams, approach speeds, take-off and 

landing field lengths, hydrogen tank capacities etc., refer to [11].  

The ULTIMATE project aimed to demonstrate the potential for 15% fuel-burn 

reduction beyond the reduction anticipated from a conventional year-2050 

reference turbofan by the incorporation of radical engine technologies. This 

would give an overall 53% reduction for the long-range aircraft relative to the 

year-2000 baseline. Even the short-range study-aircraft, which benefits from 

open rotors and seems closer to meeting the SRIA target, will not meet it with 
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this further 15% target reduction. The conclusion is that achieving the SRIA 

fuel-burn target for 2050 with a kerosene-fuelled and conventionally-configured 

aircraft will be extremely challenging.  

Several concepts for more radical airframe designs have been promoted in 

recent years that may help to meet the SRIA targets, but a discussion of these 

concepts is beyond the scope of the current thesis.  

2.2 A Brief Summary of Piston Aero Engine Development 

None of the advanced core cycle concepts currently being researched is of very 

recent origin and it can be argued that some are nearly two hundred years old. 

The intercooled, supercharged and turbocharged piston engines of the 1940s 

and turbocompound engines in the 1950s had thermal efficiencies exceeding 

those of contemporary turbine engines, so it is instructive to review their 

development and understand why these designs were superseded. There are 

lessons to be learned regarding the challenges facing the proposed advanced 

cycle core engines for the 2050s.  

The earliest engines used to propel dirigibles in the 19th Century were steam 

engines and electric motors, but in 1900 Daimler was manufacturing 10 kW 

internal combustion engines for the original Zeppelin [21]. Up to the end of the 

First World War various piston aero engine designs were developed. After 

1918, supercharging and turbocharging were introduced to increase engine 

power, especially for higher altitudes. As boost pressures rose, intercooling 

(between compressors) and/or aftercooling (just before the piston engine) were 

added to help increase the charge density and mass-flow of air through the 

cylinders. This cooling helped limit peak temperatures and avoid knocking. 

Intercooling improved fuel economy by enabling the engines to run less rich, 

when higher fuel-flow would otherwise have been needed to avoid overheating. 

Fuel additives were developed to raise the spontaneous ignition temperature 

(SIT) and so enable higher compression ratios for improved thermal efficiency.  
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Two piston engine arrangements proved popular. The radial engines were 

mostly air-cooled with three to nine cylinders having their axes in a common 

plane perpendicular to the axis of the propeller. When higher powers were 

needed, up to four additional cylinder-banks were added. The other common 

arrangement was to have up to six cylinders arranged in-line fore and aft.  Most 

of these engines were liquid cooled 4-stroke designs, and when more power 

was demanded, V-12 and horizontally-opposed arrangements were developed. 

The most powerful variants had 24 cylinders, typically configured as two 12-

cylinder engines geared together in an “H” arrangement. Most engines ran on 

gasoline, but a few diesel engines were designed, notably the 2-stroke Junkers 

Jumo 205 and subsequent Jumo designs. These had an opposed-piston 

arrangement, which eliminated cylinder-heads and therefore reduced cooling 

requirements. Side-porting was essential for opposed piston engines and was 

also used on other aero engines. Side-port sleeve-valves were developed for 

the large Bristol radial engines and for the Rolls-Royce Crecy [22]. The sleeves 

slide between the piston and cylinder to control opening and closing of the 

ports. The motion of the sleeves is not purely axial – they also oscillate about 

the cylinder axis, so unlike the pistons the sleeves never come to rest while the 

engine is running. This helps to maintain hydrodynamic oil-film lubrication of the 

piston rings, and because the sleeves slide at intermediate velocities, higher 

piston speeds were possible while maintaining acceptable component lives. 

The highly supercharged and turbocharged piston engines of the Second World 

War improved power/weight ratios and thermal efficiency. Turbo-compounding 

was a further development, where additional power was extracted from exhaust 

turbines and fed back through gearing to the propeller shaft. The two-stroke 

Rolls-Royce Crecy [22] and the four-stroke Wright R-3350 Duplex Cyclone 

turbo-compound engines were early examples, the latter going on to power 

long-range 1940s and 50s airliners like the Lockheed Super Constellation.   

The Napier Nomad turbo-compound engines had very high boost pressures 

(7:1) and produced relatively greater power from their turbomachinery. The 

Nomad I, and the somewhat-simpler Nomad II, were horizontally-opposed  
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12-cylinder two-stroke diesel engines. The Nomad II claimed 30% lower SFC 

than then state-of-the-art aero engines [23], but like the Rolls-Royce Crecy, the 

Napier Nomad never entered service.  

Napier also built a highly turbocharged prototype engine based on its 36-piston 

18-cylinder Deltic diesel engine, but this suffered a crankshaft failure on test 

before reaching its targeted 6,000 hp power output. Like the Junkers Jumo 205, 

the Deltic diesels had opposed-piston arrangements. 

These high-power turbocompound engine developments were superseded by 

turbo-prop and turbojet engines in the 1950s and by turbofans in the 1960s. 

Turbocompound engines were more complex than gas turbines and could not 

match their power/weight ratios. Their better SFC was outweighed by the lower 

weight of gas turbines and the latter’s higher reliability and lower maintenance 

costs. Turbine powered aircraft also improved productivity by flying higher and 

faster and offered smoother flights with less engine noise and vibration. 

2.3 More-Recent Research into Advanced-Cycle Aero Engines 

The section focuses on the advanced cycle technologies of intercooling, 

recuperation, pressure-rise combustion, secondary combustion, topping cycles 

and bottoming cycles. The author has had involvement in investigating most of 

these technologies in several previous EU and UK funded research projects 

aimed at developing lower-TRL concepts for future aero engines. These 

activities started with the EEFAE ANTLE project and progressed through VITAL 

[24], NEWAC [25], LEMCOTEC [26] and ENOVAL [27], amongst others. 

Several advanced engine design concepts were researched in NEWAC by MTU 

and Snecma (now Safran Aircraft Engines) and by Rolls-Royce and Volvo Aero 

(now GKN Aerospace Sweden). The last two companies together with Oxford, 

Loughborough and Chalmers Universities, researched intercooled engine 

cycles having high overall pressure ratio (OPR) [28]. An overall assessment of 

the advanced cycles in NEWAC concluded that the best combinations of 

technologies could achieve a significant reduction in fuel burn and CO2 
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emissions in a long-range aircraft, but would achieve less than the original 

target of a 6% reduction [29]. The biggest improvement came from combining 

intercooling with the geared fan architecture and active control of compressor 

tip clearances. Optimisation of the intercooled engine concept was reported in 

more detail in [30]. High OPR intercooled engines were found to be heavier 

than conventional engines and to have increased nacelle drag. These factors, 

combined with reduced efficiency in their smaller core components, accounted 

for their fuel burn benefits not living up to the original expectations. 

Figure 5 shows the original intercooled engine concept from NEWAC. 

 

Figure 5 – Schematic Diagram of an Intercooled Engine  

with a low-speed LP turbine and a direct-drive fan [29] 

The intercooler uses part of the fan bypass air flow to cool the IP compressor 

delivery air before it enters the HP compressor, and it reduces compression 

work by reducing the inlet air temperature for the HP compressor and the 

volume flow rate of the air passing through it. This saves some core 

turbomachinery weight by reducing annulus cross-section areas, but the 

intercooler itself adds weight and increases drag, offsetting much of the 

potential fuel burn benefit [29].  
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Intercooling alone was shown to give relatively modest fuel-burn benefits. 

Applied early in the compression system intercooling is always beneficial, but 

the intercooler’s pressure losses need to be offset, so intercooling generally has 

to be combined with increased OPR to show a SFC benefit. Thus intercooling 

improves performance mostly by permitting increased OPR without exceeding 

realistic T3 limits.  

Later NEWAC studies proposed a geared fan driven by a high-speed LP turbine 

that also drove a high-speed booster or IP compressor. The smaller-diameter 

and lower-torque LP shaft enabled a faster-running and smaller-diameter HP 

system with lower rotor hub/tip radius ratios2. This reduced the blade and stage 

counts and increased blade heights, significantly improving the HP compressor 

efficiency [30] and SFC.  

For a fuel-burn benefit, weight and nacelle drag must also be taken into 

account. The weight increase from the heat exchangers is somewhat offset by 

the increase in core specific power, which reduces core turbomachinery weight. 

This saving is greater in engines with geared fans and high-speed LP turbines, 

since these engines are unlikely to need to add extra turbine stages when the 

core mass flow is reduced. Given the probable net weight and drag increases 

from intercooling, the technology by itself only offers modest fuel-burn reduction 

in turbofans, and little or no fuel-burn benefit for smaller open rotor engines in 

short-range aircraft. However, NEWAC also showed that intercooling could 

reduce NOx emissions relative to a conventional cycle in high-OPR engines. 

The reduction is most noticeable with conventional RQL combustors, where 

higher inlet temperatures result in higher stoichiometric flame temperatures. 

NOx emissions are also reduced with lean-burn combustors, but the benefit is 

not so large because their flame temperatures are less sensitive to combustor 

inlet temperature. 

                                            
2
 In an axial-flow compressor or turbine, the hub/tip ratio is the ratio of the radius of the inner 

gas-path annulus line to the radius of the outer gas-path annulus line. The difference between 
these radii is the span or ‘height’ of the blading plus the radial clearance. Hub/tip ratios are 
commonly quoted at entry and exit to a component. 
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Intercooling also benefits compound cycle engines. An intercooler positioned 

after a compressor and before a piston engine is often called an aftercooler. 

Aftercooling is widely used in modern turbocharged diesel engines. Historically 

both intercooling and aftercooling have been used in those piston aero engines 

having two-stages of turbo-compression. The benefits included reduced inlet 

temperatures for piston engines having high levels of turbo-boost. This enabled 

higher compression ratio, peak cycle pressure and core specific power, without 

reducing component life. Another benefit was increased inlet air density, which 

reduced the required cylinder capacity, helping to increase power/weight ratio. 

Intercooling allows increased OPR and/or a bigger combustor temperature rise 

and smaller core mass flow for a given TET and combustor heat input. This 

reduces core mass flow, which is beneficial in that it reduces the entropy 

generated by losses in core, but it also results in disproportionately smaller core 

turbomachines especially when OPR is increased. This tends to reduce core 

component efficiencies. Scaling-down the engine thrust requirements also 

reduces core component efficiencies. 

The alternative Intercooled and Recuperated Aero Engine (IRA) concept has 

been developed by MTU and its research partners, and they rig-tested a 

recuperator module downstream of a gas-turbine core-engine In the EEFAE 

CLEAN project [31] [32]. The IRA concept was further developed in NEWAC, 

LEMCOTEC and ULTIMATE, with MTU partner AUTH working on improved 

recuperator installations to reduce the associated pressure losses [33].  

In a recuperated gas turbine, heat is extracted from the core exhaust and used 

to preheat the air entering the combustor. The recuperator is a heat exchanger 

with two physically separated fluid flows, but small gas turbines have often 

substituted rotary regenerators, where the two flows pass alternately through 

the same matrix passages. Use of recuperation or regeneration is particularly 

beneficial for small gas turbines that cannot in practice increase OPR to 

improve thermal efficiency. For larger and higher pressure ratio aero engines, 

recuperators are preferred to regenerators. There are further benefits in 
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combining intercooling with recuperation, as this enables higher OPR designs to 

be used, while still maintaining a good margin between the turbine exhaust gas 

temperature (TEGT) and the HP compressor exit temperature (T3). This 

ensures a useful amount of heat can be transferred. Recuperation can greatly 

increase the thermal efficiency of small gas-turbine engines that are inherently 

limited on overall pressure ratio (OPR). It offers relatively smaller improvements 

to larger engines having higher OPR, unless they should burn a lot of fuel at 

low-power operation. This does not apply to most civil aero engine applications. 

Recuperation also increases engine weight, though research in LEMCOTEC 

and ULTIMATE has shown potential to minimize recuperator weight penalties. 

Figure 6 shows the IRA concept from the NEWAC programme [29].  

 

Figure 6 – Schematic Diagram of an Intercooled and Recuperated Engine 

(IRA) with a geared fan [29] 

Intercooled and recuperated engines can have better SFC than the high-OPR 

intercooled engines, particularly in the case of smaller engines that would suffer 

larger efficiency penalties from the scaling-down of their turbomachinery.  

Following-on from NEWAC, the LEMCOTEC and ULTIMATE programmes have 

researched improved heat-exchanger designs to increase effectiveness and 
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reduce weight, pressure loss and installation penalties. Significant benefits have 

been demonstrated from reconfiguring the gas-to-air primary-surface ‘profiled 

tube’ or ‘lancette’ type of recuperator [34] [8].  

Separately from the NEWAC project, high OPR intercooled, and intercooled and 

recuperated engine cycles have been studied at other institutions. A contrary 

conclusion from Lebre and Brójo [35] was that recuperation or regeneration 

could improve SFC, but that intercooling and intercooling and recuperation 

offered no benefits relative to a conventional turbofan engine cycle. However, 

the intercooled cruise OPR figures assumed in that study were in the range 25-

29 whereas higher OPR is needed to see a benefit from intercooling without 

recuperation. This is because the saving in compressor work needs to be 

sufficient to compensate for the heat exchanger pressure losses.  

To reduce the pressure losses, consideration has been given to using existing 

compressor aerofoils as heat exchange surfaces [36], but the surface areas are 

too small to transfer a significant amount of heat, so the SFC improvement is 

limited. These and other studies often overlooked the benefits to be obtained by 

re-matching the heat-exchanger cycles off-design. Intercooled and recuperated 

cycles benefit from variable-area turbines that can reduce the OPR and raise 

the TET at cruise, maximising the heat transferred from the exhaust to the 

combustor through the recuperator. High-OPR intercooled cycles also benefit 

from reducing intercooler cooling-air flows at cruise, reducing pressure losses 

and enabling the engine to run hotter. Bypassing part of the core flow around 

the intercooler at cruise may also provide an additional 0.5% SFC benefit [37]. 

A reverse-flow-core intercooled engine was studied at Cranfield University in 

the LEMCOTEC project, starting with a parametric performance assessment 

[38]. The chief advantage of this engine arrangement, relative to a straight-

through core, is that the LP shaft does not pass through the HP spool and so 

does not compromise the core compressor and turbine efficiencies by imposing 

low rotational-speeds and high hub/tip ratios. Reverse-flow-core engines also 

benefit from having a mixed-exhaust arrangement which helps transfer energy 
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to the bypass stream, and from having more freedom in the positioning of the 

intercooler modules to minimise bypass duct blockage and nacelle drag.  

The selected engine design was described in [39] and then a more detailed 

study and assessment of the intercooler and LP turbine exhaust ducting 

pressure losses and exhaust mixer arrangements was undertaken [18]. At the 

end of these studies it was concluded that the reverse-flow-core arrangement 

did improve cruise SFC and fuel burn, but only by about one per cent relative to 

the geared-fan straight-through core arrangement. A schematic diagram, Figure 

7, shows the proposed reverse-flow-core engine arrangement.  

 

Figure 7 – Reverse-flow-core Intercooled Turbofan Schematic Diagram 

from the LEMCOTEC programme  [40] 

A 2015 paper by Jorge Sieber [41] from MTU provided a good overview of the 

advanced technologies developed in major EU programmes over the previous 

15 years and looked ahead to see what further improvements would be possible 

by 2035. It concluded that ‘All European technology programs combined are 

expected to reduce CO2 emissions by more than 25% as compared with the 

year-2000 engine.’  This compared with the SRIA CO2 reduction targets of 20% 

at TRL 6 in 2020 and 30% in 2035, attributable to engine technologies as shown 

in Table 2. The paper also predicted NOx emission reductions in line with 

ACARE Vision 2020 targets, whereas the noise reduction targets would not 

quite be met. The 25% reduction in CO2 still falls a long way short of the 

projected target of 43% by 2050. Most of the new technologies specific to 
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ULTIMATE are not included in these assessments, but ULTIMATE technologies 

have needed to build on the earlier research to address longer-term targets. 

Contemporary research efforts have also considered distributed propulsion with 

boundary layer ingestion and hybrid-electric propulsion. These technologies and 

energy-storage are combined in turbo-electric distributed propulsion (TeDP) 

concept studies. The author has previously reviewed the potential benefits of 

such systems [6] [42]. These concepts are relevant to this study to the extent 

that they may affect the power requirements demanded of future engine cores 

at cruise, climb and take-off. A recent paper from Rolls-Royce [43] assesses the 

benefits of supplementing the power of a turbofan engine with stored energy at 

take-off, climb and descent. It predicts in-flight fuel burn reductions of over 8% 

on a typical short-range mission if the batteries are recharged on the ground.  

Alternatively the batteries could be recharged during cruise and still reduce fuel 

burn because the engines would still have smaller cores and operate at higher 

power with improved thermal efficiency during cruise. The Cycle-Integrated 

Parallel-Hybrid engine concept has also been studied at BHL together with the 

Composite Cycle Engine (CCE) concept [44].  Electrical technologies could 

clearly benefit advanced cycle engines by improving their operability, and 

hybrid-electric systems might also be used help to reduce the impact of NOx 

emissions at take-off, and of contrails at altitude. 

2.4 Advanced Engine Study from NASA 

NASA has published details of a future reference study engine, which makes an 

interesting comparison with year-2025 and year-2050 study engines developed 

in European research projects including the ULTIMATE programme. 

The Advanced Air Transport Technology (AATT) ‘N+3 Technology Reference 

Propulsion System’ (TRPS) is a future turbofan with CFM56 thrust levels and a 

geared fan. It has very low specific-thrust. Paper NASA/TM-2017-219501 by 

Scott Jones et al. [45] provides details of its projected climb, cruise and take-off 

performance, tabulating data from a detailed NPSS performance model.  
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N+3 technology originally implied achieving TRL4-6 by 2025, roughly equivalent 

to EIS by 2030. Key design parameters are given in Table 5 and a performance 

summary is given in Table 6 for top of climb (TOC), cruise and end-of-runway 

(EOR) take-off cases. Note the quoted cruise thrust at 90% of the top of climb 

thrust is unrealistically high and flatters the engine’s cruise SFC figure. 

The TRPS engine has a 3-stage high-speed booster driven by a 3-stage LP 

turbine, an 8-stage all-axial HP compressor (HPC) and a 2-stage HP turbine 

(HPT). The fan is driven via a 3.1 reduction gear ratio.  

Table 5 – NASA N+3 Technology Reference Propulsion System (TRPS) 

Parameter Units Value 

Fan diameter in (m) 100 (2.54) 

Nacelle diameter in (m) 121 (3.07) 

Engine length in (m) 135 (3.43) 

HP compressor last-stage blade-height in (mm) 0.42 (10.7) 

Total engine weight  lb (kg) 9300-9350 (4218-4241) 

Secondary air flows – 15% 

To enable the selected cycle’s very low specific thrust, it is assumed significant 

nacelle drag reductions can be achieved and an advanced short intake design 

and variable-area cold nozzle will address the operability issues associated with 

cross-wind take-off etc.  

Note these are some of the design challenges that have been investigated by 

ISAE in the ULTIMATE project.  

The fan bypass-stage polytropic efficiency of 97% seems optimistic and in the 

author’s opinion this engine has unrealistically-low specific thrust to be optimal 

for 2030 EIS, unless perhaps it would have to meet a very stringent noise 

target. In other respects the engine performance seems generally credible. 
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Table 6 – NASA N+3 TRPS Key Performance Data 

Parameter Units TOC Cruise EOR Take-off 

Altitude  ft (m) 35000 (10668) 35000 (10668) 0 

Mach number – 0.80 0.80 0.25 

Deviation from ISA K 0 0 +15 

True Air Speed kn (m/s) 461.3 (237.1) 461.3 (237.1) 169.6 (87.2) 

Inlet Mass Flow lb/s (kg/s) 813.5 (369.0) 795.6 (360.9) 1903.7 (863.5) 

Thrust lbf (kN) 6073 (27.0) 5466 (24.3) 22800 (101.4) 

Specific Thrust m/s 73.2 67.4 117.5 

OPR 1 – 55.0 51.5 42.9 

BPR 2 – 23.99 24.55 25.77 

Fan Pressure Ratio – 1.300 1.276 1.218 

HPC Pressure Ratio – 14.10 13.51 13.22 

T3 3 R (K) 1531 (851)  1489 (827) 1722 (957) 

T4 4 R (K) 3150 (1750) 3035 (1686) 3400 (1889) 

SFC 
lb/hr/lbf 

(g/kN.s) 
0.4636 (13.13) 0.4644 (13.15) 0.2891 (8.19) 

Overall Efficiency 5 – 42.18% 42.11% 24.87% 

1. Overall Pressure Ratio 

2. Bypass Ratio 

3. HPC delivery temperature 

4. Combustor exit temperature 

5. Assuming the specification minimum fuel lower heating value (FHV) of 42797 kJ/kg 

2.5 Ducted Fans v. Open Rotors 

Turboprop engines remain popular for regional or ‘commuter’ aircraft and 

deliver significantly better fuel economy than comparable turbofan powered 

aircraft. However, turboprop aircraft operate at significantly lower cruise speeds 

than turbofan aircraft, reducing their productivity and limiting their operation to 

relatively-short routes. When fuel costs rose in the 1970s there was interest in 

developing higher-speed ‘Propfan’ engines, now commonly referred to more 

generically as ‘open rotors’. Research into open rotor engines as alternatives to 

turbofans has continued for over 40 years, but open rotors have yet to be put 
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into production for commercial aircraft. In the meantime higher-cruise-speed 

turboprop aircraft were investigated and the 50-passenger SAAB 2000 [46], was 

manufactured, powered by a pair of AE2100 engines with Dowty Aerospace 6-

bladed propellers. However, only 63 of these aircraft were sold. At a cruise 

speed of 665 km/hr, it was about 80% as fast as a 0.78 Mach number turbofan-

powered aircraft like the Boeing 737. To make open rotors more competitive 

with turbofans, the ULTIMATE project has targeted 0.75 Mach number.   

Open rotor powerplants can have either tractor or pusher configuration. A 

second contra-rotating blade row straightens out the swirl from the first rotor, 

increasing the overall efficiency. This also enables quieter, lower-tip-speed 

propellers to be used. Low noise is essential if open rotor powerplants are to be 

adopted on future medium-sized commercial aircraft. For these aircraft, the 

pusher arrangement, with engines mounted on pylons either side of the aft 

fuselage, is now generally preferred in order to reduce cabin noise. Provided 

the core exhaust is ducted around the rotor hubs, to avoid it impinging on the 

propeller blades, and blades are clipped, certification noise limits should be met.  

A further advantage of the pusher arrangement is that the propulsor drive-shafts 

do not need to run through the core of the engine and so do not compromise its 

mechanical and aerodynamic design. Nevertheless the tractor arrangement 

may still be preferred for wing mounted engines on lower speed aircraft. In this 

case a reverse flow core arrangement, like that of the Pratt & Whitney PT6 

turboprop, should help to avoid compromising the turbomachinery design.  

Contra-rotating open rotors offer significant fuel burn reductions from increased 

propulsive efficiency and reduced nacelle drag, but they are less attractive for 

larger aircraft wanting higher cruise speeds for longer flights. This is because 

higher power levels would be needed to fly faster and the cost and weight of the 

open rotor engines would increase disproportionately in relation to turbofan 

engines. Therefore open rotor engines have not been modelled by the author. 

However, the effects of scaling-down the thrust requirements for a turbofan to 
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levels where the core mass-flow would be more appropriate for an open rotor 

have been considered and are described in sections 7.3.1 and 7.3.2.  

2.6 Topping Cycles 

One means of reducing performance-sensitivity to loss of turbomachinery 

efficiency from low non-dimensional mass flows in engine cores is to replace 

the core turbomachinery with positive-displacement topping-cycle machinery 

that also generates additional power. Alternatively, a topping cycle can just be a 

pressure-rise combustion system.  

The following core arrangements are possible: 

 Valve-less, resonant, pressure-rise combustion systems 

 Pulse detonation combustor (PDC) systems having inlet valves 

 Wave rotors with inlet and outlet valves 

 Conventional piston engines 

 Rotary or nutating disc machines 

 Free-piston engines 

The first three options produce a pressure rise without shaft power output. The 

fourth and fifth options generate shaft power and may or may not also produce 

a pressure rise. Free-piston engines traditionally just produced a pressure rise, 

but they are now being developed with linear electromagnetic generators to 

produce electrical power output for hybrid-electric automotive applications. 

2.6.1 Pressure-rise Combustion 

The three pressure-gain arrangements can be categorised at top level by the 

number and location of the valves used to regulate their intermittent flow. For 

example, ‘valveless’ pulse-pressure-rise designs providing an increase of over 

5% in total pressure have been run at Cambridge University [47] [48]. These 

combustors have fluidic inlet valves and resonance is set-up by tuning the inlet 

and exhaust diffuser geometries. Pressure-rise can be enhanced by modulating 

the fuel injection. Combustion is deflagrative rather than detonative. 
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Conversely, wave rotor designs have valves both at inlet and exit. A wave-rotor 

pressure-rise combustion rig has been run at Purdue University [49]. Wave 

rotors can be designed for detonation, but deflagration is considered likely to be 

more practical and can still provide a significant pressure rise. Notwithstanding 

the design challenges relating to their inlet and outlet valves, fuel injection, 

ignition, and cooling systems, the author considers that wave-rotor designs may 

have the best long-term prospects as pure-pressure-rise combustion systems. 

Pressure-rise combustion systems generally feature intermittent or unsteady 

combustion, but an exception is the rotating-wave pulse-detonation combustor. 

Here the supersonic detonation wave continuously circles around within an 

annular combustion chamber. While the combustion is continuous the pressure-

rise delivered still fluctuates spatially and temporally in the static frame of 

reference, particularly where the incoming fuel-air mixture and combustion 

products cross the instantaneous wave-front. The frequency of the pressure 

pulses is much higher than that typically generated in pulse-detonation tubes.  

The mechanical design of rotating-detonation-wave combustors is challenging 

on account of their high heat transfer rates and severe wall-cooling 

requirements. Test-runs have typically been extremely short. Anecdotally they 

were also extremely noisy. One possible pulse-detonation combustion system 

researched in ULTIMATE is described in section 2.9.1.  

2.6.2 Piston-engine Cores 

Another class of topping-cycle machines extracts power during or immediately 

after intermittent combustion. These operate on the Otto or Diesel cycle or on a 

combination of the two. The historical development of piston engines for aircraft 

propulsion has been described in section 2.2, but for commercial aircraft these 

developments largely ceased in the 1950s. Since then the development of 

piston engines for automotive and marine use has made significant advances, 

particularly in the areas of fuel injection and control of exhaust emissions, and 

these advances could read across to aero engines.  
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Historic turbo-compound engines derived most of their power from the pistons 

and supplemented this with turbine power, but it seems a reasonable 

assumption that a larger proportion of the overall power would come from the 

turbomachinery in future CCE engine designs, not least because this will 

improve power/weight ratios.  

The BHL CCE concept is one approach seeking to reanimate the earlier 

turbocompound engines of the 20th century, while benefiting from more recent 

piston engine developments.  

2.6.3 Rotary Engine Cores and Nutating Discs 

Possible alternatives to piston engines in a composite cycle include Wankel 

rotary and nutating-disc engines. Replacing the HP spool of a three-shaft 

turbofan with a large Wankel engine has been investigated by John Whurr [50]. 

In this concept the IP compressor was driven by the Wankel engine core. 

However, a follow-on study by Ricardo showed that the proposed high rotational 

speed of the Wankel core was not achievable with the technology then 

available. Scaling-up the core and running it slower was not an attractive option.   

Nutating disc machines have been used as pumps and motors at least since the 

19th century, but more-recent interest in nutating-disc engine concepts followed 

from the 1993 patent by Leonard Meyer [51], papers by Theodosius Korakianitis 

et al. [52] [53] and [54], and a NASA funded research project.  

At Cranfield University, nutating-disc aero engine designs have been 

investigated by Rakeshh Mohanarangan [55], Jeremy Cochereau [56] and most 

recently by Joshua Sebastiampillai [57] as part of the ULTIMATE programme. 

The last of these studies applied nutating-disc modules to an advanced open 

rotor engine with contra-rotating pusher propellers. A schematic diagram of the 

proposed engine arrangement is shown in Figure 8. Four to six nutating disc 

modules are substituted for the HP spool in the reference open-rotor engine and 

help drive the LP compressor. Several variant designs were also studied. 
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Figure 8 – Concept for an Open Rotor with a Topping Cycle 

(colour-coding is indicative of cycle temperatures, with red being hottest) 

Figure 9, from Meyer’s patent [51], shows a nutating-disc engine with a single 

bi-conical disc mounted on a ‘Z-shaft’. The bottom-half of the engine performs 

air compression and the top-half sees combustion and expansion of the gasses.  

 

Figure 9 – Cross-section of a Nutating-disc Engine from Meyer’s Patent [51] 
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The nutating disc is prevented from rotating with the rotating shaft, so it is 

forced to wobble in the manner described as ‘nutation’. This motion is similar to 

that of a coin spinning on a table-top just before it falls flat onto the table. In 

operation, the gas pressures acting on the discs make the Z-shaft rotate. 

Having two separate discs for compression and expansion, as investigated by 

Korakianitis [52], is the preferred arrangement for higher-power engines. Two 

discs double the mass flow and power output and balance-out each-other’s 

nutating motion if they are the same size and mass and aligned in mirror image 

to each other. A single disc, however, will force its unbalanced wobbling motion 

on to the engine mountings. Furthermore, any single-disc engine will have a hot 

hemisphere and a cold hemisphere, introducing asymmetric thermal distortions.  

Some kinds of topping-cycle machinery can provide relatively more power 

together and a small pressure rise to the downstream turbines, or alternatively 

offer a larger pressure rise and less power. Nutating-disc engines have this 

flexibility, which could be an advantage relative to conventional two-stroke 

piston engines, since those can only run with an overall pressure drop that is 

needed for scavenging. Positive-displacement topping-cycle machines should 

make best use of their available swept volumes. 

A hypothetical four-stroke piston engine that just delivered a pressure rise 

would seem to be non-optimal, since its exhaust gasses would exit at very high 

temperatures, presenting challenging design problems for the exhaust valves 

and ducting. A small piston engine that drives a separate turbo-compressor or a 

larger-volume and lower-pressure piston compressor, as proposed by BHL [58], 

is likely to provide a lighter and more efficient design than a piston engine with 

over-sized pistons.  

One way of providing extra compression volume is to have a stepped free-

piston with the larger diameter section providing separate pre-compression. 

This was proposed by Herman Klingels [17] and is illustrated in Figure 10 
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Figure 10 – Alternative Intercooled CCE Concept from MTU and BHL [58] 

Nutating-disc machines, and some novel piston engine designs with separate 

chambers for compression and expansion, could use a larger compression 

chamber with a higher compression ratio to balance power requirements. 

However, considering cooling requirements, it seems preferable for topping-

cycle machines to be designed to generate shaft-power or electrical-power 

output rather than a big pressure rise, not least because it will reduce the outlet 

temperature. The extra power could either be used to drive additional pre-

compression machinery, or exported for use elsewhere in the engine. 

Alternatively the extra power could be used more remotely on the aircraft, e.g. 

to realize distributed propulsion.  

Note the design and assessment of nutating-disc topping-cycle modules is 

addressed in more detail in Chapter 5. 

2.7 Bottoming Cycles 

A bottoming cycle is a Rankine, or similar, cycle that extracts additional work 

from an engine’s exhaust heat. It is separate from the main engine cycle and 

commonly uses a different working fluid [16]. This is unlike most topping cycles, 

which are usually fully-integrated into the main performance cycle and use the 

same working fluids: air and the products of combustion. Though they can 

improve overall efficiency, the stand-alone thermal efficiency of most bottoming 

cycles is low because the incoming turbine exhaust gas temperature is 

relatively low, giving a low temperature ratio across the cycle. Bottoming cycles 

benefit emissions only by improving overall efficiency and reducing fuel flow. 
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For example, in a stationary gas turbine the extra pressure loss in a heat-

recovery steam-generator will tend to reduce the pressure ratio across the main 

power turbine, slightly reducing its power output and partly offsetting the power 

increase from the steam turbine in the combined cycle. In an aero engine, there 

is a further negative effect because some of the thrust comes from the hot 

exhaust jet. Reducing its temperature reduces the jet velocity unless the nozzle 

pressure ratio is increased, but that also reduces the power from the turbines. 

Secondary combustion can be used to raise downstream turbine exhaust gas 

temperatures to boost bottoming cycle efficiency. By increasing the final fuel/air 

ratio (FAR) this also reduces the main core mass flow and should save weight. 

2.7.1 Closed-Circuit Bottoming Cycles 

A closed-circuit bottoming cycle requires a pre-cooler or condenser, which will 

be air-cooled in an aero engine [16] [9]. If this heat exchanger uses bypass air 

in a matrix-type heat exchanger, then the pressure loss will reduce the amount 

of thrust that can be recovered from the spent cooling air. However, the 

warming of this air flow will tend to increase the potential thrust-recovery from 

the spent cooling air, and as in the case of an air-cooled intercooler, these 

effects will tend to cancel out. Alternatively, if a nacelle-surface heat exchanger 

is used, as was suggested in one of the ENOVAL project studies [59], heating 

the boundary layer should reduce the nacelle drag [60]. 

Organic Rankine Cycles (ORC) were previously considered as bottoming cycles 

for aircraft power generation [61], though supercritical CO2 (S-CO2) was later 

identified as the preferred closed-circuit bottoming cycle working fluid because it 

offered higher power density and greater thermal stability at higher operating 

temperatures. Also, most organic fluids are highly flammable, but CO2 is not. 

Supercritical CO2 can be compressed more efficiently than an ideal gas when 

close to its critical point, and its critical temperature of 304 K is appropriate. In 

ULTIMATE, Florian Jacob modelled a turbofan engine with a supercritical-CO2 

bottoming cycle and predicted up to 3% fuel-burn improvement relative to the 

reference turbofan [9] [62]. Figure 11 shows the proposed layout of the engine. 
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It needed large heat exchangers and Jacob concluded that space requirements 

for the pre-cooler would conflict with those for a possible air-cooled intercooler, 

so combining these two technologies would be problematic. Therefore that 

combination was not investigated in any detail. Conversely, the CO2 

turbomachinery was extremely small. If the latter had been drawn to scale in 

Figure 11, the compressor and turbine would have been barely visible.  

 

Figure 11 – Schematic of a Turbofan with a CO2 Bottoming Cycle [62] 

(colour-coding is indicative of cycle temperatures, with red being hottest) 

In a fully worked-up engine installation, integration of the heat exchangers into 

the engine powerplant would need careful consideration to avoid conflicts with 

engine accessories and core dressings. Thus the closed-circuit system might be 

more attractive as part of a hybrid-electric propulsion system where the core-

engines would have a buried or partly-buried installation, which would free-up 

conventional-nacelle space-constraints on the heat exchanger locations and 

enable the potential synergies with intercooling and secondary combustion to 

be realized. In such installations the CO2 spool might simply drive an electrical 

generator to feed power into an airframe-wide distributed electrical system.  

Another possibility is the combination of a closed-circuit bottoming cycle with 

cryogenic fuels. Using cryo-fuels alone in the pre-cooler will not enable very 

much power to be generated, but if the cryofuel is used for the last stage of 

cooling after an air-cooled pre-cooler, then it would enable a smaller, lower-drag 

air-cooled pre-cooler to be used and it might enable the CO2 to be cooled closer 
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to its critical point on hotter days: at take-off for example. Mikel Beretens 

Izquierdo has modelled a possible cryogenic-hydrogen pre-cooler design [63]. 

The technologies needed for supercritical-CO2 turbomachinery are already 

being actively researched and developed for power-generation and marine 

propulsion. Supercritical-CO2 also seems the best choice for the closed-circuit 

bottoming-cycle working fluid for aero engines. While the fuel-burn benefit of the 

supercritical-CO2 bottoming cycle modelled by Jacob [9] was only assessed as 

around 3%, the use of supercritical-CO2 seems worth further research effort, 

because such a system could be added to a conventional large turbofan engine 

with relatively low risk and no adverse effects on noise or emissions.  

The technology has the potential to be introduced well in advance of year 2050. 

However, the weight and drag of the air-cooled pre-cooler may mean the 

alternative of an open-circuit bottoming cycle using air is more attractive. 

2.7.2 Open-Circuit Bottoming Cycles 

An open-circuit Air Bottoming Cycle (ABC), that uses air as its working fluid, 

would simplify maintenance and avoid the cost, weight and drag of a pre-cooler. 

The ABC may be partially integrated with the main gas turbine cycle, with 

shared compression, and possibly also expansion, with parallel flows through 

parts of the compressor and turbine systems. On the other hand, the open-

circuit bottoming cycles will tend to be less efficient because they cannot benefit 

from using a selected closed-circuit working fluid that undergoes compression 

close to its critical point, where much less work is required. 

A study of bottoming cycles for aero engines was made in ‘EVÅF’, part of NFFP 

(the Swedish Aeronautical Research Programme). The initial findings report by  

Anders Lundbladh [10] proposed an open air-cycle where a medium pressure 

turbofan bypass flow is heated by the LP turbine exhaust and recycled through 

the LP turbine. Herman Klingels also included an ABC design in his 

Wärmekraftmaschine für Freikolbenverdichter patent application [17]. However, 

there is a need for more research on ABC cycles and components. 
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The author’s assessment of the potential benefits of an ABC as part of his 

proposed advanced turbofan engine cycle #06 is given in section 6.3.   

2.8 NEWAC Study Engines and Combustor Designs 

The NEWAC project studied four advanced-core engine concepts. These were: 

 The Intercooled and Recuperated Aero engine (IRA),  

 The high OPR Intercooled Core engine (IC),  

 The Active Core engine (AC)  

 The Flow Controlled Core engine (FCC) 

The last two concepts had more-conventional Brayton cycles, but additional 

technologies for tip clearance control and aspirated compression systems. The 

NEWAC study engines and their combustor options are shown schematically in 

Figure 12 [29].  

 

 

Figure 12 – Combustor Designs and Tests for NEWAC 

 Advanced Cycle Engine Concepts 
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Figure 13 shows NOx emissions predictions for both the long-range (LR) and 

short-range (SR) turbofan concepts studied in the NEWAC programme [29].  

The LDI combustor predictions were backed-up by Full-Annular (FANN) tests. 

 

Figure 13 – NEWAC Lean-burn Combustor NOx Emissions Predictions [29] 

 [for the programme’s advanced cycle engines in long-range (LR)  

and short-range (SR) aircraft applications] 

MTU researched pre-mixed pre-vaporised (LPP) combustors for the proposed 

IRA configuration. This was possible because the optimum OPR was reduced 

by recuperation, and because the combustor entry temperatures, even after 

recuperation, were relatively low [29]. However, a more-recent trend towards 

raising combustor entry temperatures and OPR in intercooled and recuperated 

cycles makes pre-mixed combustor designs increasingly challenging, risking 

problems with premature ignition and flash-back. The Partial Evaporation and 

Rapid Mixing (PERM) combustors, or the LDI combustors researched by Rolls-
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Royce, might therefore now be considered more-appropriate choices for any 

advanced engine not having a topping cycle. That includes the primary 

combustors in cycles that also incorporate inter-turbine reheat. In the 

subsequent LEMCOTEC programme more testing was conducted on the LDI 

combustor and Rolls-Royce predicted a further reduction in NOx would be 

achievable, taking combustion efficiency and other emissions into account.   

2.9 Other ULTIMATE Engine Studies 

The EU Horizon 2020 ULTIMATE project ran from 2015 to 2018 and funded the 

author’s research. Results from five partners including Cranfield University were 

presented at the 2018 Farnborough International Air Show. Details are given on 

the ULTIMATE project website: http://www.ultimate.aero/  

The main focus of ULTIMATE was the investigation of technologies that by year 

2050 would have the potential to significantly improve thermal efficiency and 

reduce NOx emissions. The project also investigated technologies with the 

potential for improvements in propulsor efficiency and noise reduction. The 

latter research included the ‘Box Prop’ open rotor concept from GKN Aerospace 

Sweden and Chalmers University, and the variable-pitch fan and variable-

geometry intake researched at Chalmers University and ISAE. However, the 

ULTIMATE core technology research is more relevant to this thesis. 

To quantify the benefits of advanced-cycle technologies, the ULTIMATE project 

developed year-2050 reference long-range (intercontinental) and short-range 

(intra-European) engine models. For a long-range turbofan, four different engine 

models were produced for different purposes. The first was generated at Rolls-

Royce and leading performance parameters were tabulated in ULTIMATE 

deliverable D1.1 [64]. Based on this tabulation a GESTPAN (GEneral Stationary 

and Transient Propulsion ANalsysis) model was produced at Chalmers 

University, a PROOSIS model was generated at Cranfield University by Florian 

Jacob, and a simpler Excel spreadsheet model was produced by the author. 

http://www.ultimate.aero/
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2.9.1 Intercooled and Aftercooled Pulse Pressure Gain Combustion 

As part of the ULTIMATE project, the author corresponded with Carlos Xisto at 

Chalmers University, who researched the combination of pulse-detonation 

combustion with an intercooled and/or aftercooled core compression system. 

Both long-range and short-range aircraft applications were considered, with the 

technologies applied to geared turbofan and open rotor engine configurations 

respectively.  

Overall engine performance and pulse detonation were modelled, with particular 

attention given to prediction of NOx formation and the effects of the unsteady 

combustor exit flow on the downstream turbine. Incorporating intercooling 

allows higher OPR cycles without pre-ignition and increases power density 

while maintaining high temperature and pressure ratios across the detonation 

wave. Aftercooling further increases the power density, but was shown to be 

quite detrimental to SFC [65]. This was not surprising given the low average 

pressure ratios achieved in the pulse pressure gain combustor. 

The engine concept is a possible realization of cycle#04 in Figure 24. By 

reducing the inlet temperature to the combustion system a larger pressure rise 

is achieved and peak cycle temperatures are reduced to help minimise NOx 

generation and combustor and combustor inlet valve cooling challenges.  

The combustor concept has some similarities with existing wave rotor concepts, 

but it is not obvious that it offers benefits relative to these. One area of mutual 

concern is the effect that inlet valve closures will have on pressure fluctuations 

at exit from the HP compressor. The presence of a plenum chamber here may 

help alleviate the problem, but much will depend on the details of the valve 

arrangement and operation. A typical wave-rotor-combustor inlet valve may be 

superior in this respect, because it flows more continuously. However an 

intercooled pulse pressure gain combustion engine with detonation may be 

preferred because, as proposed, it would operate without a combustor exit 

valve, which is one of the more thermo-mechanically challenging parts of a 

wave rotor machine.  
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The pulse pressure gain combustion cycle with intercooling seems to improve 

SFC by about 3–4% relative to purely intercooled cycles. 

Significant challenges in realizing the pulse-detonation core concept remain and 

even with intercooling, or aftercooling, the predicted NOx emissions were higher 

than originally anticipated [66]. Modelling of the combustion system did not 

include the ignition process, the inlet valves, or the fuel injection system needed 

to pre-mix and stratify the fuel-air mixtures in the detonation tubes. Achieving 

transition to detonation in lean kerosene-air mixtures also remains problematic 

and was not modelled. 

2.9.2 Alternative Nutating Disc Core Designs  

Normally-aspirated nutating-disc aero-engine designs have been proposed 

previously for propeller-driven unmanned aerial vehicle (UAV) propulsion, but at 

Cranfield University, in the ULTIMATE project in particular, novel highly-

turbocharged nutating-disc engine configurations have been studied as possible 

alternatives to topping-cycle engines using pistons. Nutating-disc designs have 

some potential benefits relative to piston engines, but they also present big 

challenges. Sebastiampillai made a detailed study of open rotor engines 

incorporating nutating-disc topping-cycle modules [67] and [62]. The author then 

studied nutating-disc topping-cycle machines for larger turbofan engines, as 

described in Chapter 5. Different detail designs were investigated for the 

nutating-discs, making the studies complementary, but both researchers agreed 

that the nutating-disc modules should have separate discs for compression and 

expansion (i.e. dual discs) and that spark ignition would be needed in the pre-

combustors. 

Bottoming cycles also were investigated in the ULTIMATE project. Jacob made 

detailed studies of closed-circuit supercritical CO2 (S-CO2) systems [9], while 

the author investigated alternative open-circuit designs using air as the working 

fluid. The Air Bottoming Cycle (ABC) is described in section 6.3. 
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Chapters 5 and 6 contain more discussion of the pros and cons of technologies 

selected by the author for more-detailed assessment and incorporation in the 

advanced-cycle engine downselected as described in Chapter 4. 

2.10 Combustion Systems for Engines with Novel Cycles 

Beyond the year-2050 reference engine cycles, more-advanced cycles can take 

advantage of combinations of technologies with the potential to deliver both 

improved thermal efficiency and reduced emissions. The LDI combustor is well 

suited to the Brayton cycle engines with turbofan or open-rotor architectures, 

but some of the new cycles need very different combustion system designs. 

Detail modelling of combustors for unconventional cycles was beyond the scope 

of this study, but the author did propose designs for secondary combustors 

located downstream of nutating-disc topping-cycle modules. These were 

modelled by two Cranfield MSc students and they are reviewed in section 6.2.2.   

2.10.1 Combustion in Engines Incorporating Intercooling 

For a given peak pressure after compression and a limiting peak cycle 

temperature, intercooling enables combustion with a higher FAR. This enables 

increased core specific power and a reduction in the volume of any topping 

cycle machinery and its associated cost, weight and drag. Intercooling can have 

a very powerful effect in reducing NOx emissions, particularly at take-off and 

particularly with RQL combustors. It is generally also beneficial in combination 

with the other ULTIMATE advanced-core-cycle technologies. An exception is 

the combination with a bottoming cycle, because intercooled engines generally 

want to have higher OPR, resulting in lower turbine exhaust gas temperatures 

(TEGT). However, if intercooling and bottoming cycles are also combined with 

secondary combustion, or if the bottoming-cycle main heat exchanger is moved 

upstream in the turbine suite, then the SFC and fuel-burn benefits of 

intercooling are still likely to be realized.  

LDI primary-combustor designs, similar to those of the year-2050 reference 

engines, can be used for intercooled engines that do not have topping cycles.    
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2.10.2 Combustion in Engines with Topping Cycles 

Improvements in high-speed diesel engine design, materials, fuel-injection, and 

turbocharging have helped to raise diesel engine efficiency and reduce 

emissions at source. After-treatment has further reduced their emissions. To 

limit peak cycle temperatures and NOx production, diesels can run lean, but this 

reduces their specific power. Intercooling increases specific power and should 

also improve emissions.  

Piston-engine cores have been researched at BHL [68]. BHL has proposed 

piston-based topping cycles with intercooling and with secondary combustion 

ahead of the turbines. BHL could propose a four-stroke piston-engine design 

because secondary combustion significantly improved power/weight ratio.  

At Chalmers University Carlos Xisto has modelled a Pulse Detonation 

Combustor (PDC) concept and its effects on a downstream turbine [69] [65]. 

However, like some other topping cycles this required a proportion of the 

compressor delivery air to be used for purging and cooling and this contributes 

to relatively high NOx emissions, despite incorporating intercooling. Topping 

cycles that minimise purging flows and cooling-air offtakes are to be preferred. 

It was anticipated that a parallel study in the ULTIMATE research programme 

would provide a methodology for assessing the emissions from topping-cycle 

‘pressure rise’ combustion systems and particularly those from nutating-disc 

systems. But the methodology did not materialise, so it has not been possible to 

make credible quantitative emissions estimates for the final study engines that 

incorporate the topping cycles. Nevertheless, consideration was given to 

restricting NOx emissions when setting the performance-cycle operating limits, 

and some qualitative emissions comparisons are discussed in section 8.6 for 

alternative advanced-cycle engine options. Determination of topping-cycle 

engine emissions should have high priority in follow-on studies as discussed in 

section 10.3. 
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2.10.3 Combustion in Engines Incorporating Bottoming Cycles 

Bottoming cycles have little impact on primary combustor design, but there is a 

synergy between bottoming cycle technology and secondary combustion, since 

for a given heat content in the engine exhaust, the bottoming cycles can extract 

more energy from a smaller mass flow at a higher temperature. 

2.10.4 Inter-Turbine and Other Secondary-Combustion Systems 

Inter-turbine combustion was introduced by Alstom in the GT24/26 industrial 

gas turbines and has been subject to ongoing development to increase fuel 

flexibility and reduce emissions [70]. Between the 2006 and 2011 models a 

reduction of over 75% in NOx emissions was achieved by its improved 

‘Sequential EnVironmental’ (SEV) burner [71]. The developed GE Alstom 

engine is now also known as the Ansaldo GT26 after Ansaldo Energia acquired 

the aftermarket business. These are the only in-service gas turbines known to 

the author to use secondary combustion between turbine blade rows. 

Secondary combustion or inter-turbine ‘burning’ or ‘reheat’ could be used in an 

aero engine to boost the power output, particularly for take-off and climb. By 

raising the mean temperature of heat addition it may also increase thermal 

efficiency, and by enabling a reduction in the peak temperature of a primary 

combustor it may also help to reduce NOx emissions. [72].  

Inter-turbine combustion can reduce fuel burn in two ways. A second combustor 

enables extra fuel to be burned at a higher overall fuel/air ratio, particularly at 

take-off and climb conditions, so that less core mass flow is needed. The 

smaller core will then give higher OPR and thermal efficiency at cruise, provided 

all, or almost all, the fuel is directed to the primary combustor at this condition. 

The smaller and higher specific-power core results in a lighter engine, further 

improving fuel burn.  

There is a trade-off in the optimum positioning of the second combustor. For the 

best SFC when both combustors are fully-fuelled, the second combustor needs 

to follow closely behind the first, preferably after only one turbine stage, as in 
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the GT24/26 industrial gas turbines. Conversely, for maximum specific power, 

the second combustor could be placed further downstream, perhaps after two 

turbine stages. To improve part-power SFC it is beneficial to redistribute the 

fuel, if possible, so that a larger proportion goes to the primary combustor. 

Combining inter-turbine combustion with high OPR is desirable, as then even 

after one or two turbine stages there will still be a substantial turbine expansion 

ratio remaining, from which the extra work can be extracted. To obtain high 

OPR there is a further synergy with intercooling. On the other hand, reducing 

core size and HP compressor exit non-dimensional flow will disproportionately 

reduce HP compressor efficiency in smaller engines where added complexity is 

harder to justify economically. To minimise the loss of component efficiency with 

smaller cores, an axi-centrifugal HP compressor could be used. In a front-fan 

turbofan or a tractor open-rotor powerplant, a reverse-flow core should also 

minimise these efficiency penalties [38] [39] [18]. 

Inter-turbine combustion has also been proposed to increase the thrust of 

combat aircraft engines, avoiding the large volume and poor fuel-economy of 

more-conventional reheat systems, but it is difficult to achieve high combustion 

efficiency in a very-compact and durable burner design. Cavity-based trapped-

vortex combustors (TVC) have been proposed [73] but to the author’s 

knowledge no such inter-turbine combustion systems have been implemented. 

The use of inter-turbine combustion to improve civil aero engine performance 

has also been studied in the AHEAD project (Advanced Hybrid Engines for 

Aircraft Development) at the University of Delft and at Technion. These 

secondary combustor (SC) designs were based on the ‘flameless’ inter-turbine 

combustor concept [74] [75]. However, in practice these combustors had 

characteristics more like RQL designs.  

In topping-cycle engines a secondary combustor can be located immediately 

after the topping cycle and ahead of the turbines, instead of between turbine 

stages. This is an attractive option as it avoids many of the engineering 

difficulties associated with inter-turbine combustion. The Napier Nomad I aero 
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engine incorporated a secondary combustor to raise the temperature of the 

piston engine’s exhaust ahead of its turbine to give extra power when needed.  

Victor Martinez Bueno at Cranfield University made initial CFD studies of a 

novel ‘oxy-poor-flame’ (OPF) secondary combustor design, as reported in his 

MSc thesis [76]. The design was proposed for the engine concept described in 

ULTIMATE deliverable D1.3 as #1.3.3 [67], in ULTIMATE deliverable D4.3 as 

#4.3.3 [62], and in this thesis and in [77] as cycle#06. The main conclusion was 

that increased combustor volume was needed to improve combustion efficiency 

and reduce pressure losses. An enlarged secondary combustor design was 

then modelled by Mirko Romanelli at Cranfield, as reported in his MSc thesis 

[78]. This design was anticipated to reduce overall CO and NOx emissions. It 

did have better mixing, better combustion efficiency and a flatter exit 

temperature profile, but because of the longer residence time the predicted NOx 

emissions got worse. Further details are given in section 6.2.2. These large-

scale-trapped-vortex combustor designs still seem less than satisfactory, so 

there is an opportunity to propose better secondary combustor design concepts.  

2.11 Emissions Legislation 

This section describes the engine emissions legislation based on ICAO 

Committee on Aviation Environmental Protection (CAEP) standards and the 

associated Landing and Take-off (LTO) cycle.  

Instead of directly assessing environmental impacts, emissions legislation has 

been drafted around fuel venting and the measured mass of gasses and 

particulate matter and aerosols in engine exhaust streams.  

Legislation restricting aircraft emissions has evolved since aircraft related 

pollution was first recognised as a significant problem in the 1960s. The 

CAEP/1 standard was introduced by ICAO for engines in production in 1986 

and increasingly stringent limits have been applied to NOx emissions since then. 

The main purpose of the legislation has been to improve air quality around, and 

downwind of, airports. All large aero engines are now required to undergo 
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certification testing for NOx, carbon monoxide, ‘unburned’ or ‘total’ hydrocarbons 

(UHC, THC or HC) and smoke/soot. However, small aero engines (those below 

26.7 kN thrust) are exempted from these requirements and some alleviation is 

also available for engines below 89 kN take-off thrust [79].  

The masses of pollutants emitted by an aircraft engine are related to the rated 

sea-level static take-off thrust of the engine (Foo) and are assessed over a 

representative Landing and Take-off Cycle, known as the LTO cycle. This 

covers engine operation from sea level to 3,000 ft. For subsonic aircraft, the 

rate of emission of each species, measured at four different thrust levels, is 

multiplied by an assumed time spent at each condition, as shown in Table 7, 

and is summed to give a total mass for each pollutant (Dp) over the full LTO 

cycle. The legislated limits are ratios of Dp/Foo. However, the times listed in 

Table 7, that are assumed to be spent at each condition, may not be very 

representative of actual aircraft operations below 3,000 ft., so some studies try 

to make more realistic estimates for total emissions at specific airports. 

Table 7 – Landing and Take-off Cycle Specification 

Static 

Thrust 

Rating Time in mode (min) 

100% Take-off 0.7 

85% Climb-out 2.2 

30% Approach 4.0 

7% Idle 26.0 

Emissions legislation applies to turbojet and turbofan engines, but, ‘In 

recognition to their low pollutant emission levels, turboprop aircraft are not 

covered by the ICAO Annex 16 Volume 2 on emissions at the moment’ [80]. 

This exemption applies even where the thrust exceeds 26.7 kN, but it is unlikely 

to continue to apply to future large open rotor engines, should these enter 

service. (Section 2.3.4 reviews current and future emissions limits and targets.)  
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2.11.1 Emissions Testing  

For certification, engine emissions are measured on ground-level test beds, 

usually close to sea level. The uninstalled thrust is calculated and the engine is 

run to the percentage static thrust levels given in Table 7. Measurements are 

made of CO, NOx, UHC and smoke number (SN). Corrections are then made to 

the emissions measurements to allow for day temperature and for pressure 

deviations from sea-level static ISA-day conditions, and for the effects of 

humidity. 

To allow for engine-to-engine scatter and to allow for measurement errors, a 

margin is added to the test measurements to give ‘characteristic’ levels of 

emissions. When more than one test is conducted and/or more than one engine 

has been tested, then smaller margins can be applied to the emissions 

measurements when calculating characteristic values. This practice accounts 

for the resulting reduced uncertainty in the assessment of the average-engine 

emissions [81].  

2.11.2 The ICAO Emissions Database 

The International Civil Aviation Organisation (ICAO) database, hosted by the 

European Aviation Safety Agency (EASA), records the results from certification 

tests carried out on aero engines [82].  

Selected figures were extracted from the database in order to assess LTO cycle 

engine emissions for two representative in-service engines in the year 2000.  

The use of the ground-level emissions measurements to estimate mission-level 

NOx emissions is discussed in [83] and [84]. The methodology is described in 

section 3.8.5. 

2.11.3 Current and future emissions targets 

Current ICAO emissions limits for CO, HC and smoke are unchanged from CAEP/2 as 

defined in ICAO Annex 16 Volume 2 [85]. For CO the limit for Dp/Foo is 118 g/kN and 
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for HC the limit for Dp/Foo is 19.6 g/kN. The smoke number (SN) is defined as the 

lesser of 50 or the figure given by Equation 1. 

𝑆𝑁 = 83.6. 𝐹𝑜𝑜−0.274 Equation 1 

The Dp/Foo limits for NOx are more complicated, as alleviation is given for 

higher OPR engines in recognition that, while higher OPR increases NOx, it also 

tends to improve thermal efficiency and reduce CO2 emissions. For engines 

over 89 kN sea-level static (SLS) thrust, the CAEP/2 limit for Dp/Foo in g/kN is 

given by Equation 2 where πoo is the OPR at the SLS max thrust condition [85]. 

𝐷𝑝 𝐹𝑜𝑜⁄ (𝑁𝑂𝑥 ) = 32 + 1.6. 𝜋𝑜𝑜 Equation 2 

For existing engines, the CAEP/8 rule for NOx is now more stringent. Equation 3 

applies to engines with OPR less than 30, while for engines with OPR from 30 

to 104.7, Equation 4 applies. Above OPR 104.7, Equation 2 still applies [85]. 

CAEP/4 and CAEP/6 specify intermediate NOx emissions limits. 

𝐷𝑝 𝐹𝑜𝑜⁄ (𝑁𝑂𝑥 ) = 7.88 + 1.408. 𝜋𝑜𝑜 Equation 3 

𝐷𝑝 𝐹𝑜𝑜⁄ (𝑁𝑂𝑥 ) = −9.88 + 2.0. 𝜋𝑜𝑜 Equation 4 

New emissions targets have been set for engine certification in 2025, and 

Flightpath 2050 sets longer-term targets for 2050, but the actual certification 

requirements for 2050 are unknown. The ‘minus 75%’ CO2 and ‘minus 90%’ on-

route NOx reduction targets, relative to year 2000 in-service aircraft, are on an 

available seat kilometre (ASK) basis and further include benefits for ATC and 

other operational improvements, but the LTO NOx reduction targets are usually 

quoted relative to the CAEP/2 legislated limits in force in the year 2000.  

However, the actual reduction in LTO emissions per LTO cycle for a given 

aircraft mission will be different for several reasons. Firstly, most engines in 

service in year 2000 already had significant margins relative to CAEP/2, so the 

potential savings are reduced. However the actual mission-level reductions 

should be greater, because the year-2050 aircraft will be lighter and more 
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aerodynamically efficient, therefore needing lower thrusts and burning less fuel. 

Operational improvements like reduced taxiing times give further reductions. 

2.12 Combustor Research  

There is a general consensus that lean-burn combustion systems are essential 

for the achievement of substantial long-term and step-change reductions in 

aero-engine NOx and particulate emissions. However, the required technologies 

for effective lean-burn combustion systems are still being developed and most 

aero engines still have combustors in which all the fuel is injected into a primary 

zone that runs rich at all high-power operating conditions.  

The general principles governing the design of the current RQL combustion 

systems, like Rolls-Royce Phase-5 and Pratt & Whitney TALON-X combustors, 

are well established and discussed in textbooks such as [86] and [87], so their 

design principles will not be elaborated here. Engine manufacturers continue to 

develop this type of combustor while working on lean-burn combustor 

technology in parallel research programmes. 

There are many reasons for the reluctance to totally commit to lean-burn 

designs, and several of these are evident from a recent presentation on 

Combustion Technology at Rolls-Royce [88]. This presentation describes the 

development of the in-service Phase-5 rich-burn and the yet-to-be-flight-tested 

lean-burn combustion systems. It highlights the very considerable investments 

made in combustor research by the industry and various partners including the 

European Commission and the UK and German governments. It notes that 

incremental improvements to the Phase-5 design can continue to meet 

medium-term requirements for corporate and regional aircraft engines, but 

recognises that lean-burn combustor designs will be needed, sooner rather than 

later, for higher OPR large civil engines. Lean-burn combustion systems are 

more complex and more difficult to scale-down to small engines (and it will be 

remembered that small engines still enjoy some alleviation from emissions 

regulations). Nevertheless, in the longer term, it is anticipated that all engine 
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types will need to use lean-burn combustors and the following discussion 

focuses on such systems. 

2.12.1 Development of Brayton-Cycle Lean Combustion Systems  

Several types of lean-burn combustion system have been proposed, 

researched and developed, but only a few have been developed as far as  

TRL 6 and subsequently entered service. To maintain combustion stability and 

to avoid the risk of lean blow-out, aero engines with lean-burn combustors 

generally need to have pilot burner zones that still run rich, or very close to 

stoichiometric conditions, throughout the flight envelope. The remaining main 

combustion zones can then run lean, though these lean modules are more at-

risk from thermoacoustic instabilities. The pilot zones may be supplied by 

separate fuel injectors, offset from the main injectors either axially or radially as 

in a ‘Double Annular’ Combustor (DAC), or by integrating pilot and main fuel 

nozzles into larger fuel injectors. A broad review of low-emissions combustion 

technologies has been conducted recently at Cranfield University [89]. 

A common feature of lean combustors is that most of the air flow enters the 

combustor liner from the front through swirlers, with only a small proportion 

admitted later or used for liner-wall cooling. This is unlike RQL combustors 

where much of the air enters radially through their quenching and dilution holes. 

General Electric and CFM led the way with DAC designs in the 1990s. In the 

CFM56 engine the DAC was offered as a lower-NOx combustion option that 

was taken-up by Swissair, but it did not find favour with other airlines because it 

was more expensive than the standard combustor that was still compliant with 

the contemporaneous emissions limits. 

2.12.2 NASA Research on Lean Combustors 

One design approach is to have a larger number of simpler, smaller, LDI fuel 

injector nozzles arranged in an array, with some of the more central ones 

running relatively rich and providing pilot flames, with the others running lean. A 
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simplex swirl-venturi (SV) injector design and its associated 9-injector array 

originating from the 1990s US High Speed Research (HSR) programme are 

shown Figure 14.  

Such Multipoint Lean Direct Injection (MLDI) combustor arrangements were 

tested in single-sector rigs in various NASA funded programmes [90] [91] [92]. 

Later arrays developed in collaboration with Woodward Combustion Systems 

had 13 injectors including some ‘airblast’ main injectors and an enlarged airblast 

central pilot injector for improved operability [93] [94]. In the airblast injectors the 

fuel is ejected between inner and outer swirlers (that may variously have either 

co-swirl or counter-swirl). 

 

 

Figure 14 – NASA LDI Swirl-Venturi Combustor Swirler  

cut-away diagram and 9-point array [93] [91] 

However, there are potential problems with these burner designs. It seems very 

challenging to connect a cluster of individual nozzles into one fuel injector 

assembly and arranging the internal fuel flows such that the fuel lines to the last 

non-flowing nozzles at part-power remain cool enough to avoid gumming and 

coking. Also, each integrated fuel injector is likely to need a large access hole 

through the combustor outer casing, leaving little casing material in-between to 

withstand the casing’s pressure loads, axial loads and bending moments. This 

is already a design challenge for the relatively more compact concentric LDI fuel 

spray nozzles that have larger ‘burner heads’ than existing RQL fuel injectors. 
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The most recent NASA LDI combustor research and resulting correlations are 

discussed further in Appendix B. 

2.12.3 European Research on Lean Combustors 

Research into improved LDI combustors with air-spray fuel injectors has been 

ongoing in various EU, national and industry funded research programmes over 

the last two decades. Rolls-Royce has been the lead industry partner. Results 

from the EU funded programmes ANTLE, NEWAC, LEMCOTEC, Clean Sky 

and ALECSYS show advances in the underlying technology, which should lead 

to lower NOx emissions for the eventual production LDI combustor designs. 

Additional research at RR and RRD has been supported by UK and German 

National (and Regional) Government funding in programmes such as ATAP10, 

EFE, Samulet, SILOET 1 & 2, Lufo IV & V and AG Turbo 2020. However, in this 

period, study engines for the year 2020 and beyond have considered higher 

overall pressure ratios, which tend to increase NOx emissions on account of 

higher flame temperatures and faster reaction rates. 

Some early research focussed on DAC designs with two axially-offset rows of 

fuel injectors, but these designs, like the reverse-flow combustors used in small 

engines, presented larger combustor-liner surface areas that required cooling, 

increasing the required wall-cooling flows and reducing the amount of air 

available for lean combustion. The DAC designs also tended to have more-

variable outlet radial temperature distributions than single-annular designs. 

Thus recent research by Rolls-Royce and others has focussed on single-

annular designs with larger air-spray fuel injectors that have central pilot-zone 

fuel nozzles surrounded by concentric annular main-zone fuel nozzles that run 

lean. To reduce the risk of problems with thermoacoustic instability, Rolls-Royce 

is developing Lean Direct Injection (LDI) technology as shown in Figure 15 [88].  

Fuel flow is staged to the different nozzles, with only the pilot-zone nozzles fed 

at low power conditions, but with all nozzles fed at high-power conditions. At 

intermediate power, only half of the fuel injectors may have their main-zone 
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nozzles fed with fuel. This more-complex fuel management ensures operability 

and low emissions are maintained over the full range of engine thrusts.  

Significant advances in LDI combustor design have been made in the NEWAC 

and LEMCOTEC programmes, as was confirmed by a series of single-segment 

and full-annular (FANN) tests on combustor rigs in the UK and Germany. These 

combustors use air-spray-assisted injectors. The testing has been accompanied 

by detailed CFD studies using the Rolls-Royce in-house CFD code PRECISE-

UNS [95]. For example, CFD studies showed how the flow distribution around 

the combustor liner could be modified to optimize the liner’s wall cooling and 

showed how combustion efficiency could be improved at cruise conditions [96]. 

 

Figure 15 – Rolls-Royce LDI Combustor Concept [88] 

R = rich, L = lean. 

The Rolls-Royce LDI combustor technology is now approaching TRL 6. Some 

further details of the Rolls-Royce LDI combustor aerodynamics are shown in 

Figure 16 together with a comparison between the LDI fuel injector and a fuel 

injector for an existing Phase-5 RQL combustor. The larger air-inlet area 

needed for lean combustion is evident. 
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Figure 16 – Rolls-Royce LDI Combustor Technology 

LDI fuel injector vs Phase-5 fuel injector and a typical velocity distribution [96]  

Results presented from the LEMCOTEC programme in 2016 included a 66% 

reduction in Dp/Foo for NOx relative to CAEP/2 for the LEMCOTEC regional 

turbofan (RTF) and large turbofan (LTF) study engines as shown in Table 8. 

The LTF study engine for 2025+ has high OPR, similar to the TF2050 study 

engine in ULTIMATE, but the TF2050 is assumed to use ceramic matrix 

composite (CMC) materials in its combustor and not to need so much wall-

cooling air. Therefore it is expected to run leaner at high power conditions, 

produce less NOx for a given COT at take-off, and have slightly lower Dp/Foo 

figures. It should also benefit from the extra years of combustor development. 

Table 8 – LDI NOx Emissions for ANTLE and LEMCOTEC Study Engines 

Emissions  Units ANTLE+LDI RTF+LDI LTF+LDI 

OPR at SLS ISA – 40 38.8 58.5 

Dp/Foo (NOx) g/kN 38.6 21.6 42.6 

CAEP/2 NOx limit g/kN 96.0 94.1 125.6 

NOx re. CAEP/2 

 

– -60% -77% -66% 

Table 8 and table 9, presented at the LEMCOTEC Public Workshop in Potsdam 

in December 2016 [96], show how the development of Rolls-Royce LDI 

combustor technology has reduced predicted future LTO-cycle NOx emissions. 

The recent full-annular rig-test results show an improvement from the earlier 

ANTLE demonstrator figure when applied to the LEMCOTEC RTF and LTF 

engines. 
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Table 9 – Rolls-Royce LDI Combustor: LEMCOTEC Emissions Estimates 

LTO-cycle Emissions RTF LTF 

NOx (re. CAEP/2) -77% -66% 

CO (re. CAEP/2) -79% -77% 

UHC (re. CAEP/2) -87% -79% 

Smoke (re. CAEP/2) -85% -75% 

Figure 17 shows that the characteristic (Ch’ic) levels declared in the ICAO 

emissions database for the in-service engines are significantly higher than their 

measured single-test or test-average (Av.) emissions. For ANTLE and the 

LEMCOTEC study engines it is assumed that average figures have been 

quoted. The relatively higher NOx emission for the LTF reflects the steeper 

slope of the CAEP/8 limit and confirms the ongoing difficulty in maintaining low 

NOx emissions in higher OPR engines. Any new correlations for LDI 

combustors should reproduce this trend.  

 

Figure 17 – Progress in Combustor Design reducing LTO NOx Emissions 

There is scope to minimise the emissions of both NOx and smoke by optimizing 

the staging of the fuel between the various lean modules and the pilot burners, 
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but there remains a trade-off between minimising NOx and minimising smoke. 

Thus the long-term achievable levels of emissions for these two species may 

depend on the relative priorities given to minimising each of them. 

It is anticipated that the demonstrated LDI combustor technology potential for 

NOx reduction will be further improved by the incorporation of advanced CMC 

materials for combustor liners. These will need less cooling and enable a 

greater proportion of the incoming air to the combustor to be provided to the 

lean modules, thereby reducing flame temperatures at a combustor outlet 

temperature (COT). 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 



 

64 

 

 

 

 



 

65 

 

3 METHODS 

The author’s studies have aimed to quantify the potential performance benefits 

of engines with different combinations of advanced core engine technologies. 

The overall methodology has been summarised in Figure 1.  

BHL modelled two representative year-2050 aircraft for the ULTIMATE project.  

Exchange rates derived from these models have been used to make fuel-burn 

assessments 

Most of the methods and modelling tools developed by the author have been 

implemented as Microsoft Excel spreadsheets. The four main spreadsheet tools 

are described in the following sections and were developed for modelling: 

 Whole-engine performance 

 Nutating-disc-module compression and expansion processes 

 Open-circuit bottoming-cycle stand-alone performance 

 Future scenarios for air-traffic growth and CO2 emissions 

The nutating-disc and bottoming cycle models were created to avoid making the 

whole-engine performance model over-complicated. They were used in the 

component-level design studies described in Chapters 5 and 6 where more 

details are given on how the models were developed. 

This chapter closes with a general review of emissions assessment methods. 

Established methods were used for emissions assessments of the year-2000 

baseline study engines, and a single NASA correlation (Equation 21) was 

selected for NOx emissions estimates for future engines with lean combustors. 

The correlation was chosen following an extensive review of existing and 

potential new NOx emissions correlations as described in Appendix B.  

3.1 Whole-Engine Performance Model and Assumptions 

The design and off-design performance model was developed initially for the 

year-2050 reference turbofan and then used to study scale effects on the 

reference engine and high-OPR intercooled engines [97]. These studies also 
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considered the effects of varying OPR and TET. The tool was then developed to 

model engines with secondary combustion and topping and bottoming cycles. 

Finally the ULTIMATE-project exchange rates, provided by BHL [12] and [14], 

were used together with engine weight estimates to calculate fuel burn for the 

scaled engines installed on the year-2050 long-range aircraft. 

In the wider ULTIMATE project, engine performance was also modelled by 

other researchers using different tools. Following initial modelling at Safran and 

Rolls-Royce [64], models were also made at Chalmers University [65] using 

GESTPAN [98] and at Cranfield University using the object-oriented engine 

performance code PROOSIS [13]. These helped to validate the author’s results. 

The Excel performance spreadsheet was generated from scratch by the author 

for maximum flexibility in modelling novel cycles. Performance equations were 

taken from Walsh and Fletcher [99] with thermodynamic properties as specified 

on pp. 113-119. Advantages of developing this modelling capability were that: 

 The author understood exactly how the calculations were performed 

 The inputs and outputs were friendly to the user and easily modified 

 Additional functionality and new technologies were easily introduced 

 Use could be made of Excel functions for tracing errors 

 The progress of iteration to a converged solution was clearly visible and 

the user could intervene if and where necessary 

 There was no need to export data to other programmes to post-process 

and plot the results. 

Performance calculations are self-contained on one sheet which models the 

performance at one design point and two off-design conditions, typically mid-

cruise, top of climb, and EOR take-off. An index provides ready access to each 

model in the workbook. Additional sheets collate and plot the results from each 

parametric study.  

Having one design point and two off-design points was generally sufficient to 

characterise a cycle’s performance potential, but additional off-design points 
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could be generated by copying a first sheet and editing the inputs for the off-

design cases. This was done to estimate an altitude SFC loop for the reference 

turbofan. Initially the design point was a mid-cruise case, but in later models the 

top of climb case was used instead, since this was generally the sizing case for 

the core turbomachinery and most other components.  

Engine performance was initially modelled at conditions consistent with the 

engine operating conditions and streamtube thrusts listed in Table 1. To focus 

on core thermal efficiency, the initial year-2050 study engines were all designed 

for the same low mid-cruise specific thrust, equivalent to 72 m/s, a figure 

originally recommended by industry partners in the ULTIMATE project [64].  

Consistent rules were applied for estimating the component efficiencies, 

temperature limits and secondary air flows in modelling alternative cycles. 

These included the use of cooled cooling air (CCA) for HP turbine cooling. No 

customer bleed air was extracted, but in the initial studies 260 kW of aircraft 

accessory power was taken from the HP spool. It was assumed that engines in 

2050 would still run on kerosene or drop-in-replacement bio-fuels. (The use of 

different fuels, water injection and hybrid-electric systems may well affect future 

engine designs, but these options were beyond the scope of the studies.) 

Component efficiencies were user-specified at each condition with typical 

component efficiency deltas applied between the cruise, climb and take-off 

points. The HPC and HPT polytropic efficiencies were then corrected according 

to a correlation with HPC-exit blade-height. However, no such corrections were 

applied to engines modelled with nutating-disc topping-cycle modules. 

The HPT cooling air flow, as a proportion of core inlet flow, was adjusted 

according to the HPT mass flow at design point and the rotor-inlet relative gas 

temperature.  

The models were simplified by not using component maps for off-design 

performance. Appropriate component efficiencies were user-specified for each 

case. Nacelle drags and afterbody drags were not modelled. 
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Since only high power conditions were modelled, it was assumed all turbines 

except for the last one would operate between choked nozzles. Nozzle areas 

were set at the design point, though their effective areas could be altered off-

design by varying nozzle discharge coefficients. Fan bypass and core exhaust 

systems were modelled as ideal convergent-divergent nozzles when choked. 

This simplification gave negligible errors relative to modelling convergent 

primary and secondary nozzles, since their exhaust Mach numbers were always 

relatively low. Additional exhaust nozzles were modelled to provide thrust 

recovery from the spent cooling air from the intercooler and cooled-cooling-air 

heat exchanger. Although mixed exhaust arrangements were proposed for the 

more complex cycles, these were actually modelled as separate-jets engines, 

with variable-area exhaust nozzles for the ABC cycles that, like mixed-jets 

engines, wanted relatively lower fan bypass-section pressure ratios at cruise for 

improved performance.  

Each design or off-design case has its own block of station data listing the total 

and key static stations throughout the engine. Additional blocks provide data for 

secondary air systems, the fan and its gearing, and each compressor, turbine, 

combustor and nozzle. There is provision for six internal and two external 

bleeds, in addition to the cooled-cooling-air cooling air (CCACA) and intercooler 

cooling air offtakes. For simplicity the fan root section and the booster 

compressor were modelled as a single LP compressor (LPC) since they were 

assumed geared-together in all of the turbofan engine models. Appendix C 

illustrates typical parts of the spreadsheet. 

Converged solutions for the design point and off-design points were obtained by 

iteration. A macro could have been used, but manually copying values from the 

previous iteration into the column of new guesses (until the specified iteration 

tolerances were met) allowed user intervention if the model was not converging. 

The cases could be iterated together or separately, but the off-design cases 

were properly modelled only after the design point had a converged solution. 

The iteration scheme proved to be very reliable provided the fan did not take all 

of the energy out of the core in the off-design cases. That problem was avoided 
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by reducing the initial guesses for the fan pressure ratio. Originally 34 values 

were input as guesses at the design point and 37 were used for each off-design 

case. Further matching quantities were added for more complex cycles and 

then some formulas had to be modified to avoid potential zero-divide errors.  

The model uses both imperial and SI units. Imperial units are still widely used in 

the industry and are retained for much of the input and output. The author’s 

familiarity with those units meant that any unusual or erroneous input or output 

values would more-easily be identified, but all key performance parameters are 

also tabulated in SI units, using clearly-displayed standard conversion factors. 

Because the fan bypass section and the LP compressor are driven by the same 

turbine or turbines, the geared turbofan (GTF) has a potential variable-cycle 

capability. In a real engine this would be exploited using a variable-pitch fan 

and/or variable stators on the high-speed booster to change the work-split 

between the bypass section of the fan and the LP compressor. This can trade-

off OPR against TET as described in section 7.2. But since the Excel models do 

not use component maps or schedules for variables, the user must provide an 

additional input for each off-design case to specify the work-split. There are 

several ways of doing this. In some more-recent models the off-design thrust 

and TET can be specified and the off-design OPR is found using in-built 

iteration. Alternatively the off-design OPR and TET can be set by the user and 

the off-design thrust calculated. Optionally the OPR can be scaled relative to 

the cruise, climb and take-off OPR of another (reference) engine by applying a 

common index to each value. This last method has been used to provide 

proportionate off-design scaling of compressor work and HP compressor 

delivery temperatures in some of the parametric studies.  

For most of the parametric studies, the climb, cruise and take-off thrusts were 

fixed for a given engine scale, together with the design-point specific thrust and 

fan pressure ratio. Thus the design-point fan mass flow was known and the core 

mass flow and bypass ratio (BPR) could be determined by iteration. 
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When more advanced cycles are modelled there are more degrees of freedom 

and additional off-design variables that need to be specified. These include the 

intercooler and air bottoming cycle heat exchanger (ABCHX) mass flows and 

effectiveness levels. 

The internal consistency of the Excel performance calculations is assured by 

checking conservation of mass and energy through the cycle. Mass is always 

conserved. Near-perfect energy balance is also obtained for most of the cycles, 

as shown in the example in Figure 96 in Appendix C. Where cooled-cooling-air 

cooling-air (CCACA) calculations are included some small errors are observed.  

These are quite negligible, but larger discrepancies of over 300 kW at take-off 

have been seen in models where air bottoming cycle (ABC) calculations were 

included. These errors are still under investigation to see how they can be 

minimised, but currently the results of the off-design take-off performance 

calculations for engines with ABC cycles could be up to 0.6% in error. 

To help validate the Excel models, results from the spreadsheet have been 

compared with results from PROOSIS models also developed in the ULTIMATE 

project [13] [1]. Only very small discrepancies were found in the compression 

system, but for calculations in the combustor and turbines had discrepancies of 

up to about ten degrees in the calculated temperatures. These discrepancies 

were initially attributed to different physical properties assumed for air and 

combustion products by the different codes. It seemed that the thermodynamic 

properties used in PROOSIS and the polynomial functions from Walsh and 

Fletcher had diverged at higher temperatures, but [100] seems to contradict this 

assumption, so the reason for the discrepancy remains unclear. It does not 

seem large enough to invalidate use of the spreadsheet for the scoping studies 

on alternative cycles, but it does mean that detailed results from the PROOSIS 

models and the spreadsheet models cannot be directly read-across from one to 

the other. Neither the Excel model nor the PROOSIS model accounts for 

dissociation effects, but these should be relatively minor in the high-OPR 

performance cycles studied here. It is also not obvious how such corrections 
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should be applied, since the residence times are too short for equilibrium gas 

compositions to be achieved. 

For the initial modelling of the reference and intercooled engine cycles the mid-

cruise condition was taken as the design point, since mid-cruise performance 

data for the original reference engine was available in [64]. However, for the 

later studies the TOC (max climb) condition was taken as the design point. This 

is because TOC is the sizing case for most of the engine components. For the 

advanced engine cycles the cruise performance was to be determined, but the 

TOC and take-off cases were where component performance limits and design 

constraints needed to be observed. Swapping the design and off-design cases 

around made no noticeable difference to their performance predictions. 

3.1.1 Estimating Off-Design Component Efficiencies 

Component designs are expected to be optimised for the mid-cruise condition, 

so the fan bypass stage, LP compressor (comprising the fan root and the IP 

compressor) and the LP turbine have been assumed to be sub-optimal at top of 

climb and at take-off. Base-level polytropic component efficiencies are specified 

at three flight conditions. Table 10 shows the component polytropic efficiency 

penalties originally applied at max climb and max take-off. The HP turbine 

efficiency is assumed to remain constant for these relatively high power cases. 

Table 10 – Reference Off-design Component Polytropic Efficiency Variations 

Component Mid-Cruise Max Climb Max Take-off 

Fan bypass stage datum -2.2% -0.7% 

LP compressor (fan root + IP) datum -1.0% -0.4% 

HP compressor (reference cycle only) datum -3.8% -1.7% 

LP turbine datum -2.0% -1.0% 

The significant reduction in HP compressor efficiency at the max climb condition 

was based on the assumption that max climb would be a corner-of-the-

envelope case, where the pressure ratio and non-dimensional flow would be 
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significantly higher than at cruise. This seemed to be valid for the reference 

engine, but might not apply to all the advanced cycle engines. In these cases 

the HP compressor efficiency variation, relative to the peak efficiency, must be 

assessed on a case by case basis. (In practice the take-off efficiency could be 

higher than the cruise efficiency on account of the higher Reynolds numbers at 

sea-level, but for consistency with previous studies, it was not proposed to take 

credit for this.)  

3.1.2 Estimating Scale Effects on Component Efficiency 

For the HP compressor and HP turbine only, a further scale correction is 

applied to account for efficiency changes from tip-clearance effects on stages 

with small blade heights. The base-level HP turbine polytropic efficiency is 

assumed to be constant, but the HP turbine and HP compressor efficiencies are 

corrected when these core components are scaled. For most of the parametric 

studies the thrust requirements are kept constant, but the HP blading is still 

scaled when core specific power or OPR is varied. 

The most significant factor affecting the SFC of the scaled engines is the HPC 

scale correction factor which is taken from Kyprianidis and Rolt [30]. The HP 

compressor has the smallest blades and is the turbo-machine subject to the 

biggest changes in efficiency when it is scaled. The models assuming all-axial 

compression systems have corrected the polytropic efficiency δ according to the 

last-stage blade-height λ mm as specified by Equation 5. The last-stage blade-

height is calculated at design point assuming an exit axial Mach number of 

0.254 at mid-cruise and an exit hub/tip radius ratio of 0.925. 

𝛿 = 0.0532 − 0.5547 (
1

𝜆
) − 1.7724 (

1

𝜆2
) 

Equation 5 

This efficiency correction curve in [30] and [101] (GT2014-26064) was plotted 

by Kyprianidis based on the methodology of Lakshminarayana [102], but the 

above Equation 5 to fit the curve was derived by the author. It was taken to be 

representative for all of the high-pressure-ratio HP compressors in the study of 

scale effects. However, the magnitude of this correction is dependent on 
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several assumptions regarding how the HP compressors would be scaled in 

practice. The assumption that all HP compressors would have the same exit 

hub/tip radius ratio is questionable and perhaps dependent on having the 

reverse-flow-core arrangement. In this respect the corrections may sometimes 

be under-estimated. The efficiency correction would ideally be recalculated for 

any changes in HP compressor design pressure ratio, hub/tip radius ratio etc., 

but Equation 5 is assumed to be representative for all of the high-pressure-ratio 

all-axial HP compressors in the reported performance studies.   

In cycle studies where an axi-centrifugal compressor might be substituted for an 

all-axial compressor, a different scale-correction calculation is appropriate. The 

proposed method is to estimate the last-stage blade-height for an equivalent all-

axial compressor and then use Equation 6 instead to estimate the efficiency 

correction for the axi-centrifugal or centrifugal compressor. This equation has 

half the rate of change of efficiency with the virtual blade-height, and 1% lower 

efficiency at a virtual blade-height of 13 mm. Once again the corrections would 

only be applied to the final core compressor.  

𝛿 = 0.0166 − 0.27735 (
1

𝜆
) − 0.8862 (

1

𝜆2
) Equation 6 

Figure 18 compares the two efficiency correction curves from the above 

equations for the all-axial and axi-centrifugal (or just centrifugal) compressors.  

 

Figure 18 – Core Compressor Corrections to Polytropic Efficiency 
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Note the last-stage blade-height for a centrifugal compressor would be an 

equivalent or ‘virtual’ all-axial compressor blade-height and not an actual 

dimension in a centrifugal or axi-centrifugal compressor. 

However, as none of the final study engines was predicted to have less than 

9 mm last-stage blade-height, Equation 6 has not been used. 

Ideally the scale corrections should account not only for over-tip leakage losses, 

but also for other secondary flows, blade thickness/chord ratios and Reynolds 

number effects. On the other hand, better control of tip-clearances may be 

achieved by 2050. There remains considerable uncertainty over the appropriate 

magnitude of the scale corrections, so a further investigation was made.  

Some of the alternative methods have correlated efficiency loss with non-

dimensional flow, either to exit flow corrected to sea level static ISA conditions 

for the whole compressor or to inlet corrected flow on a stage by stage basis. 

For example, the less-steep HP compressor efficiency correction used by 

Kaiser in [44] is based on the stage-wise efficiency corrections assumed by 

Glassman  [103]. It was concluded that while the scaling penalties assumed by 

the author in [97] were more severe than those that had been assumed by 

several other researchers, they were not unrealistically high when the multiple 

factors tending to reduce the efficiency of small axial-flow compressors were 

taken into account, so they have continued to be used. None of the scale-

correction methods is totally satisfactory. More research is desirable in order to 

find means of mitigating the loss of efficiency in smaller-sized core components. 

For simplicity the efficiency correction for the two-stage HP turbine is taken to 

be half that of the actual or equivalent all-axial compressor efficiency correction. 

No scale-corrections for efficiency are applied to the LP turbomachinery 

components, because they are expected to show much smaller variations with 

scaling. Such changes would mostly affect transfer efficiency and have little 

effect on the core thermal efficiency that is of greater interest in these studies. 
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3.1.3 Estimating Turbine Cooling Requirements 

The 2050 reference turbofan has higher T3 and TET than existing engines, so it 

uses cooled cooling air (CCA) to cool the HP system and to reduce the amount 

of cooling air required. The CCA system is designed such that sufficient cooled 

cooling air cooling air (CCACA) is taken from the bypass duct through a heat 

exchanger to bring the CCA temperature (Tc) down to 900 K when T3 is hotter 

than this. Pre-swirling the air ahead of the first HP turbine rotor is assumed to 

compensate for heat pick-up prior to blade cooling. Both the CCA heat 

exchanger and the intercooler eject their spent cooling air overboard through 

dedicated variable-area exhaust nozzles that help to recover thrust. 

Cooling the CCA is generally unnecessary at cruise, so there the CCACA flow 

can be zero. The intercooled engines still benefit from CCA at take-off, but the 

system is hardly needed for the lowest T3 cycle options. For each engine 

design, the off-design CCA mass flow, whether it is pre-cooled or not, remains a 

fixed percentage of core mass flow to maintain a positive disc-rim sealing flow.   

It is recognised that scaling-down the HP core components makes cooling them 

more difficult. Thus all design-point HP CCA mass flows are scaled from the 6% 

of core flow assumed for the reference turbofan. Scaling accounts for two 

factors: 

 Changes in HP turbine design point mass flow 

 Temperature differences between the HP turbine first blade row relative 

inlet gas temperature (Tgrel) and the blade cooling air temperature (Tc) 

The estimation of turbine cooling and sealing air mass-flows assumes that the 

temperature of the CCA is regulated to be no hotter than 900 K at all flight 

conditions. The top-of-climb design-point CCA mass flow is therefore estimated 

according to Equation 7 which accounts for two different factors and is a 

simplified version of the equation proposed in [97]. 

𝑊𝑐 =  
𝑊𝑐𝑟𝑒𝑓(𝑇𝑔𝑟𝑒𝑙 − 900)(𝑊4/𝑊4𝑟𝑒𝑓)0.65

(𝑇𝑔𝑟𝑒𝑓 − 900)
        Equation 7 



 

76 

 

Note the design-point CCA flow Wc for the design point T3 and TET, is assumed 

to vary with the ratio of core mass flow raised to the power of 0.65. This figure is 

a compromise between an index of 0.8, obtained by assuming the convective 

heat transfer coefficients are limiting, and an index of 0.5, which would apply if 

the heat flux were proportional to thermal gradients in geometrically scaled 

components. In practice thermal barrier coating thicknesses etc. will not exactly 

scale. Smaller engines will also tend to have lower aspect ratio blading, so 

engine length and diameter will scale at different rates. 

The HP turbine first-stage relative gas temperature is calculated as 25% of the 

temperature drop through a two-stage turbine, assuming 50% reaction blading 

and equal stage-temperature-drops, or 50% through a single stage (e.g. where 

there is intra-turbine combustion) or the equivalent temperature drop in the first 

stage if there are other stage numbers. The cooling air mass flow scaling rule is 

only applied to the first turbine blade row after a combustor and subsequent 

blade rows are assumed to be uncooled except in the case of inter-turbine 

combustion as discussed in section 3.1.5. Equation 7 has been formulated to 

avoid needing to specify blade metal temperatures and cooling effectiveness 

levels and is considered representative enough for studies where all the cycles 

operate with similar turbine temperatures. However it is only valid for the range 

of first-stage blade relative inlet gas temperatures where blade mean cooling 

effectiveness is around 50% and about half of the CCA is used in the first-stage 

blades and most of the rest is used for disc-rim sealing.  

In later models, the cooling flows for the heat exchanger that cools the HP 

cooling air were automatically calculated for given limiting cold-side temperature 

effectiveness levels. 

Except in the case of secondary combustion, the subsequent turbine cooling 

and sealing air flows are assumed just to total around 2% of core mass flow on 

account of improved materials and sealing technologies anticipated by 2050. 
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3.1.4 Integrating Intercooling 

Engines with intercooling are assumed to recover thrust from the spent cooling 

air via separate variable-area exhaust nozzles, rather than by mixing the air 

back into the bypass duct. However, the off-design benefits from intercooling 

are increased if the amount of cooling air for the intercooler can be minimized.  

This raises core cycle temperatures to improve thermal efficiency and reduces 

cold-side pressure losses in the intercooler. Thus cruise SFC is reduced at the 

cost of increased TET and a small increase in cruise NOx emissions because of 

higher combustor flame temperatures. Conversely, the cooling flow is increased 

at take-off to limit TET and LTO NOx emissions. The performance modelling 

needs to take account of these intercooler cooling flow variations. 

SFC is minimised by locating the intercooler fairly early in the overall 

compression system, typically between a low pressure ratio IP compressor and 

a high-pressure-ratio HP compressor. However, the compressor work-split is 

not too critical and can be varied somewhat to help optimise the overall engine 

arrangement. It is unlikely that the extra complexity of having two stages of 

cooling (intercooling and aftercooling) will be justified, so the performance 

models do not include this option, even for the engines with topping cycles. 

Intercooling enables engines to have increased OPR and core specific power 

relative to the reference turbofan cycle, but without having the very high 

compressor delivery temperatures that challenge mechanical design and NOx 

emissions. Increasing OPR and TET generally gives higher thermal efficiency, 

but because the HP compressor last-stage blade-height and efficiency reduce 

as design-point OPR increases, there is an optimum OPR for best SFC and 

there are diminishing returns for increasing TET. Increases in max climb OPR of 

up to 120 are considered. It is assumed that component efficiencies are not 

limited by the engine architecture, but scale-corrections on efficiency are 

applied to the compressors and turbines operating at the highest pressures in 

each cycle. 
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3.1.5 Integrating Secondary or Inter-turbine Combustion 

The Excel performance spreadsheet has the capability to model a second 

combustor between a first HP turbine stage and a second one. By modelling all 

the work in the first of those stages, the secondary combustor can also be 

modelled as downstream of the HP turbine. Locating it between two stages of 

an HP turbine (as in the GE ALSTOM GT24/26 gas turbines) or between the HP 

and LP turbines, is appropriate where a conventional primary combustor is 

followed by an intra-turbine secondary combustor. Locating it between HP 

stages is also appropriate if the secondary combustor immediately follows a 

nutating disc or piston based topping cycle geared to the HP spool, as the 

topping-cycle power output is then assigned to the first HP turbine stage. 

(However, simpler pressure-rise combustion systems without power generation 

can be modelled by changing the combustor pressure loss to a pressure gain.) 

To model engine cycles with an ‘intra-turbine’ combustor between the first and 

second HP turbine stages, the stages were modelled separately and a work-

split between the two parts of the HP turbine was specified. The CCA was then 

modelled as being returned between the first and second stages, rather than at 

second stage exit. This changed the performance accounting for the secondary 

air flows and the calculation of HP turbine efficiency. To compensate for the 

increase in mass-flow accounted as doing work in the second stage, the 

polytropic efficiency was reduced so that, without any intra-turbine combustion, 

the overall turbine performance and the original LP turbine design-point inlet 

pressures and temperatures would be maintained.  

It was assumed that by 2050 uncooled ceramic materials would be used for the 

second combustor and for the HP turbine second-stage nozzle guide vanes, so 

no additional cooling air is needed for these components. However some 

additional non-cooled cooling air must be provided for the HP turbine second 

stage when it sees a higher relative inlet gas temperature because of the inter-

turbine combustion. 
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3.1.6 Integrating the Air Bottoming Cycle (ABC) 

To optimise the ABC configuration, a separate stand-alone model of this part of 

the overall cycle was made as described in section 3.4. 

In all the engine cycles that incorporate an open-circuit bottoming cycle it was 

assumed that the reverse-flow-core arrangement would be used. This was 

originally so that the main heat exchanger for the bottoming cycle could be 

located ahead of the LP turbine and so that the ABC turbine could run in parallel 

with it as shown in Figure 2. A variable-capacity LP turbine inlet nozzle guide 

vane would allow the LP turbine mass flow and IP compressor pressure ratio to 

be optimized at off-design conditions. However, if the option is taken to delete 

the LP turbine and drive the IP compressor in another way, then the reverse-

flow-core arrangement may not be necessary. However, the engine architecture 

was not critical to the performance modelling, so some simplifications were 

made in the whole-engine performance spreadsheet. 

For these ABC engine cycles, the second LP turbine was repurposed as the 

ABC turbine. The exit flow from the first LP turbine was bypassed around it to 

the LP turbine OGV inlet, where the second turbine exit flow was added in at 

the same total pressure. Thus the pressure ratios of both turbines were 

determined by the same iteration process and matched by automatically varying 

the work-split between the two turbines, which jointly powered the fan and IP 

compressor. 

3.1.7 Integrating Topping Cycles 

Topping cycles were integrated in the whole-engine Excel performance model 

by modifying the inputs for the original HP system components. Combustion 

efficiency was modelled as 100%. Fuel and air mass flows, pressures and 

temperatures continued to be inputs, and mass flow, pressure, temperature, 

and power were outputs. The first HP turbine was used to model the expander 

disc. This provided the power to drive the compressor disc and also exported 

power to add to the LP turbine and ABC turbine if present. Power transfer from 
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the HP system to the LP system was user-specified and used to match the 

overall expansion in the nutating disc module to the assumed outlet pressure 

and temperature appropriate to the cycle and the size of the nutating discs..  

In principle, volumetric efficiency or imperfect scavenging could be accounted 

by a percentage of recirculating flow, and part of the inlet air could be assumed 

to purge the topping cycle, or to bypass it to provide some cooling before being 

mixed back into the main core flow before exiting the topping cycle part of the 

model. However, since the only topping cycles modelled assume nutating-disc 

modules, scavenging was not an issue because 100% of the compressed air 

passed through the accumulator to the precombustors and the expanders. 

These flows were modelled as continuous in the whole-engine performance 

spreadsheet, so the accumulator did not need to be modelled. Also, since 

advanced materials that would need minimal cooling were assumed, it was also 

assumed that all the cooling rejected heat to the engine oil system and to 

overboard via an oil cooler or another closed-circuit cooling system. The oil 

cooler was assumed to have a separate air intake and to produce zero net 

thrust after the exhaust flow was heated. For simplicity this heat loss was 

modelled by a power offtake from the HP system which was transferred to the 

LP system to be added to the gearbox power loss which was also treated as 

heat lost to overboard.  

The efficiency of a topping cycle was determined by how much power it 

produces, how much heat it rejects and how much pressure it delivers to the 

downstream components. At the concept-design stage considerable uncertainty 

remains regarding suitable target values for year 2050.  

Since the topping cycle assumed nutating-disc modules, their performance 

characteristics were investigated using the time-marching models described in 

section 5.3. Time-averaged performance was assumed for the whole-engine 

model, with a combustion pressure-rise relative to the nutating-disc compressor 

delivery pressure.   
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The topping cycle outlet fuel/air ratio was constrained at design point to provide 

lean combustion to limit peak cycle temperatures. Rapid combustion and short 

residence times in the topping cycle should then have kept NOx production well 

below the would-be equilibrium levels at the pressure and temperature at the 

flame front. Therefore higher peak cycle temperatures could be used than in a 

lean-burn ‘constant-pressure’ gas turbine combustor. An appropriate time-

averaged upper temperature limit for the topping cycles was taken to be 2100 K 

in order to avoid high rates of production of thermal NOx. 

3.1.8 Estimating Heat Exchanger Performance 

Heat exchanger effectiveness is limited by the trade-offs between higher 

effectiveness and lower pressure losses on the one hand, and higher cost, 

weight and nacelle drag on the other hand. Table 11 shows how the heat 

exchanger temperature effectiveness levels and pressure losses were set in the 

original models.  

These figures were based on the author’s prior experience in the NEWAC and 

LEMCOTEC programmes and anticipated some improvements in heat 

exchanger performance by 2050. The pressure losses are additional to duct 

losses in the reference turbofan model, and ‘temperature effectiveness’ figures 

are quoted throughout. Temperature effectiveness is defined as the difference 

between the inlet and outlet temperatures on the side of interest, divided by the 

difference between the overall maximum and minimum air temperatures 

entering and exiting the heat exchanger.  

For the intercooler and the ABC heat exchangers, the cooling-air mass-flow 

ratio is the ratio of cold-side mass flow to hot-side mass flow.  

Note the intercooler cooling-air mass flow is reduced at cruise to reduce heat 

loss from the core and to minimize pressure losses and improve SFC, but the 

mass-flow ratio is increased at take-off to limit T3 and TET. The off-design 

cooling air flow is adjusted using the variable-area exhaust nozzles that recover 

thrust from the spent cooling air. By varying the spent-cooling-air exhaust-
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nozzle area at cruise, the operating point for the intercooler can be varied to 

trade improved SFC against reduced compressor and turbine temperatures. 

Therefore Table 11 quotes a range of intercooler cooling air mass-flows for mid-

cruise, with corresponding ranges of effectiveness and cold-side pressure loss.   

Table 11 – Initial Heat Exchanger Performance Assumptions 

Parameter Mid-Cruise Max Climb Max Take-off 

Intercooler: 

  Max effectiveness (hot side) 50–69% 75% 70% 

  Hot-side pressure loss 5% 6% 5% 

  Cold-side pressure loss 3–6% 7% 10% 

  Cooling air mass flow ratio 0.8–1.1 1.2 1.5 

CCA cooler: 

  Max effectiveness (cold side) - 75% 70% 

  Hot-side pressure loss 1% 1% 1% 

  Cold-side pressure loss - 5% 20% 

ABC heat exchanger: 

  Max effectiveness (cold side) 75% 70% 65% 

  Hot-side pressure loss 5% 5% 5% 

  Cold-side pressure loss 5% 5% 5% 

  Cooling air mass flow ratio 0.7 0.7 0.7 

To maintain the constant maximum 900 K CCA temperature the mass flow of 

cooled-cooling-air cooling-air (CCACA) is adjusted using variable-area exhaust 

nozzles that help to recover thrust from the spent cooling air. The mass-flow 

ratio of CCACA to CCA is adjusted at each condition to ensure there is 

sufficient CCACA mass flow to limit the cold side of the heat exchanger to 75% 

effectiveness at climb and to 70% effectiveness at take-off. This will minimise 

the size of the heat exchanger and limit the temperature of the spent CCACA. 
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Note the hot-side pressure loss in the CCA heat exchanger is low because the 

air has relatively high density and it already has low velocity, having been 

diffused after the HP compressor. (The same argument could be applied to a 

recuperator, but in that case space constraints are expected to drive the design 

towards higher pressure losses.) 

3.1.9 General Year-2050 Cycle Temperature Limits 

To make a fair comparison between the more complex cycles and the reference 

engine, the latter’s hot-day take-off T3 and TET values are taken as limiting and 

HP compressors are generally limited to a maximum pressure ratio of 26 to 

minimise the compromises associated with inlet and outlet hub/tip radius ratios, 

inlet blade-tip relative Mach number, compressor length and flexibility.  

In modelling the scaled and intercooled cycles some trade-offs between the 

mid-cruise and max-climb TET and T3 are allowed, relative to the original 

reference engine cycle. When scaling the engine core, the OPR for a given T3 

varies because the HP compressor efficiency changes. The temperature limits 

assumed for cruise, max climb and max take-off are given in Table 12.  

The cycle temperatures and pressure ratios are hardly more aggressive than 

those targeted for 2025-2030 EIS by previous EU research programmes, but 

there are important differences in the core engine designs, materials and 

cooling arrangements assumed within the ULTIMATE programme for year 

2050. Cycle temperatures have been set to help limit NOx emissions. However, 

higher peak cycle temperatures are allowed in cycles with topping-cycle 

machinery as discussed in section 3.1.4. 

Table 12 – General Year-2050 Cycle Temperature Limits 

 Mid-Cruise Max Climb Max Take-off 

TET   (K) 1730 1890 1950 

T3      (K) 913 993 1063 

Deviation from ISA (K) 0 +10 +15 



 

84 

 

The larger engines benefit from working up to the maximum T3 and TET. The 

smaller engines also generally benefit from this, but see relatively smaller 

penalties for reducing OPR and T3. Reducing OPR should save weight. 

Reducing OPR, T3 or TET will also tend to reduce cost and NOx emissions. 

3.2 Aircraft modelling and Fuel-burn Exchange Rates 

Aircraft modelling at BHL in the ULTIMATE project [12] generated year-2050 

fuel-burn exchange-rates. Linear and non-linear exchange rates were derived: 

the latter for more accurate assessment of the effects of large changes in 

engine weight or performance. However, for simplicity, and to avoid the need for 

iteration, the linear exchange rates have been used. The application of the 

exchange rates for the long-range or intercontinental aircraft is described in [13] 

and [14]. For reference, the linear exchange rates are listed in Table 13.  

Table 13 – Year-2050 Intercontinental Aircraft Fuel-burn Exchange Rates 

Parameter Mission FB variation 

+1% SFC weighted +1.51% FB 

+500 kg total engine weight +1.03% FB 

+1% fan diameter +0.16% FB 

The change in the weighted SFC (SFC weighted ) figure for the whole mission is 

calculated according to Equation 8 where  SF CR, SFC TOC and SFC EOR are the 

SFC figures for mid-cruise, TOC and EOR take-off respectively. 

∆𝑆𝐹𝐶

𝑆𝐹𝐶𝑟𝑒𝑓

(%)𝑤𝑒𝑖𝑔ℎ𝑡𝑒𝑑 = 92.9 (
𝑆𝐹𝐶𝐶𝑅

12.71
− 1)                            

                               +6.1 (
𝑆𝐹𝐶𝑇𝑂𝐶

13.39
− 1)  + 1.0 (

𝑆𝐹𝐶𝐸𝑂𝑅

8.29
− 1) 

Equation 8 

The proportionate change in the fuel burn (∆FB) is calculated (as a percentage) 

according to Equation 9.  Equation 8 and Equation 9 are rearranged from [14]. 

They are specifically for a 7000 NM mission by the aircraft that set the final 

thrust requirements for the engines modelled in this study. 
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∆𝐹𝐵(%) =  151(∆𝑆𝐹𝐶𝑤𝑒𝑖𝑔ℎ𝑡𝑒𝑑) + 1.03 (
𝑊𝑡𝑜𝑡,𝑒𝑛𝑔 − 5528

500
)

+ 16 (
𝑑𝑓𝑎𝑛

2.835
− 1) 

Equation 9 

  

3.3 TERA Models 

A suite of tools for Techno-economic and Environmental Risk Assessment 

(TERA) has been developed for aero engine modelling by Cranfield University 

and its research partners over several EU programmes including VITAL, 

NEWAC and DREAM. TERA tools have also been used by partners in the 

ULTIMATE programme, together with the object-oriented performance 

modelling software ‘PROOSIS’ developed in conjunction with Empresarios 

Agrupados (EA). Isight software was also used to manage interfaces between 

different TERA tools and to conduct optimisation studies.  

The author has not made direct use of these tools in the reported studies, but 

some results generated by other researchers using TERA tools have been 

read-across. ULTIMATE project deliverable D2.5 [104] describes TERA tools 

used by Cranfield University and by some other project participants. 

3.3.1 Engine Weight Assessment 

In the ULTIMATE project, WeiCo, a Chalmers University TERA tool, was used 

by other researchers to provide weight estimates for the conventional turbofan 

engine components and heat exchangers. However, new methods were needed 

to assess the weights of the new components in the advanced cycles. Some 

models for the new components are described in Chapters 5 and 6.  

The author’s engine weight assessments took the WeiCo weight assessment 

for the final TF2050 reference engine as their starting point. The TF2050 model 

was taken to have the same weight and weight breakdown as the author’s 

cycle#01 year-2050 reference engine model. The weight quoted for the TF2050 
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engine was 5161 kg including the nacelle [13]. The weight breakdown for the 

penultimate iteration leading to this weight was presented by Jacob as figure 

5.3-8 in [62], giving the percentage figures listed here in Table 14.  

Table 14 – Relative Component Weight Breakdown for the TF2050 

Components Weight 

Fan 29.6% 

IP Compressor 7.9% 

HP Compressor 3.0% 

Combustor 2.4% 

HP Turbine 2.4% 

LP Turbine 7.9% 

Hot Nozzle 1.9% 

Cold Nozzle 2.1% 

Engine Shafts 1.1% 

Main Bearings 1.3% 

Reduction Gearbox 4.2% 

Accessories 5.0% 

Nacelle 31.1% 

The weight breakdown for the year-2050 reference engine (cycle#01), provided 

a benchmark for weight assessments for the alternative cycles. Component 

weights for the alternative cycles have been scaled according to the component 

sizes implied by the performance models. TOC design point figures were used 

for sizing the turbomachinery components, but for intercoolers and other heat 

exchangers, take-off performance figures were used because the components 

would be sized to meet cooling requirements at take-off.  

The weights of geometrically-scaled engine components might be expected to 

increase by their diameters cubed, or by their non-dimensional flows raised to 
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the power 1.5, but in practice they are often more-nearly just proportional to 

non-dimensional flow, or to diameter squared, for the following reasons: 

 Wall thickness and aerofoil thickness rarely scale proportionately with the 

overall component dimensions 

 It is often possible to make larger components hollow, or with more 

hollowness when compared to smaller versions that would typically be solid.  

 Modular designs enable the number of modules to be increased in larger 

engines, rather than making the modules themselves larger.  

 Larger turbomachines can have more higher-aspect-ratio blades, rather than 

increasing blade chords, so their lengths may not scale with their diameters. 

In the author’s industrial experience, most component weights scale as their 

diameters raised to a power between 2.3 and 2.5, while their mass-flows scale 

with the square of diameter. For simplicity therefore, most turbomachinery 

weights have been scaled by their non-dimensional mass-flows raised to the 

power of 1.2, but with additional corrections applied for major design changes.  

Weight derivations for the novel components are discussed in Chapter 6. 

3.4 The Air Bottoming Cycle (ABC) Stand-alone Model 

A simple stand-alone spreadsheet model for open-circuit ABC systems has 

been developed using Excel. The open-circuit ABC system increases core 

thermal efficiency by making better use of heat in the turbine exhaust, but this 

potentially large benefit is reduced by several practical engineering constraints.  

The ABC thermal efficiency clearly benefits synergistically from the raised first 

turbine inlet temperature provided by the secondary combustor in the cycle#06 

engine concept, so this was the first cycle to be modelled. The originally 

proposed arrangement was as shown in Figure 2. In this arrangement, air for 

the ABC is taken as a bleed from IP compressor delivery, prior to the 

intercooler, and diverted to the air bottoming cycle heat exchanger (ABCHX) 

where it is heated by the exhaust gasses from a first turbine downstream of the 
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secondary combustor. The heated air then expands through a dedicated ABC 

turbine before being mixed with the first turbine exhaust and expanded through 

a further common turbine to generate more shaft power before being mixed with 

bypass duct air to provide additional thrust. This arrangement differs from that 

previously proposed by Lundbladh et al. [10]. It also differs from the 

arrangement finally modelled in the whole-engine performance model, which 

omitted the common turbine stage and computed the extra thrust by expanding 

the spent ABC turbine air to ambient via a separate thrust nozzle. This 

simplified arrangement was adopted following studies made with the stand-

alone model. 

Considered in isolation, the thermal efficiency of the bottoming cycle is 

fundamentally limited by the ratio between its ABC-turbine inlet air temperature 

and the inlet temperature of the air to its compressor. It is further reduced by the 

inefficiencies in the compression and expansion processes, and by the other 

pressure losses, not-least those in the heat exchanger. The ABC-turbine inlet 

air temperature depends on the first-turbine exhaust gas temperature and the 

effectiveness of the ABCHX. For reference, the temperature-effectiveness for 

the cold (air) side of the ABCHX is defined by Equation 10, and the hot (gas) 

side temperature-effectiveness is defined by Equation 11. 

ξ =
T𝑜𝑢𝑡,cold − T𝑖𝑛,cold

T𝑖𝑛,hot − T𝑖𝑛,cold
 Equation 10 

ξ =
T𝑖𝑛,hot − T𝑜𝑢𝑡,hot

T𝑖𝑛,hot − T𝑖𝑛,cold
 Equation 11 

The ABC stand-alone Excel spreadsheet model was created to explore the 

above sensitivities including the best pressure ratios and performance for a 

range of inlet conditions and the best arrangement to be modelled in the whole-

engine performance spreadsheet.  

As in the case of a supercritical CO2 (S-CO2) bottoming cycle, just maximising 

the thermal efficiency of the bottoming cycle in isolation will not tend to give the 
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best overall cycle efficiency or fuel burn. Taking heat away from the inlet to any 

core turbine downstream of the ABCHX will reduce its power output and a lower 

exhaust gas temperature will also reduce the thrust from the core exhaust 

nozzle, unless its pressure ratio is increased by reducing the turbine expansion 

ratio, which will further reduce the turbine power. Thus the optimum location for 

the ABCHX within the core expansion systems needs to be determined with 

respect to core turbine expansion ratios, and so both flows must be modelled.  

In the stand-alone model, the ABC air is first compressed from ambient (1) to 

the inlet of the cold side of the ABCHX (2). After being heated the air passes 

from the heat exchanger exit (3) through the ABC turbine to its exit (4) and then 

through an exhaust nozzle to generate thrust by expanding to ambient (5). 

Meanwhile the main core flow (6) enters the HP turbine and expands to the 

ABC heat exchanger hot-side inlet (7). On exiting the heat exchanger (8) the 

gas expands through the LP turbine to its exit (9) and then through the hot 

exhaust nozzle to generate thrust by expanding to ambient (10). The system is 

shown schematically in Figure 19. 

The total power generated by the three turbines, less the power needed to 

provide the air compression, provides the net power output from the system3. It 

also provides a figure of merit for the given combination of input parameters.  

By running the model with zero or negligible ABC air flow and zero pressure 

losses in the heat exchanger, a baseline level of net power can be calculated. 

 

                                            
3
 In practice the turbines would not be expanding to ambient pressure, but would be followed by 

exhaust systems that provided their contributions to jet thrust. However, this would just be using 
the available energy in the air and gas streams in another useful way. The efficiency of the 
transfer of this energy into thrust through the exhaust nozzles should be slightly higher than the 
efficiency for power generation in the ABC and LP turbines, but the discrepancy is a minor 
factor when comparing the overall efficiencies of variant systems. The overall compression and 
expansion polytropic efficiencies were set to 90% for most of the studies. 
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Figure 19 – Simple Schematic of an ABC System 

(Air flows are shown as blue and combustion products as red) 

Some iteration is required to provide converged solutions, so the Excel ‘Goal 

Seek’ function is used to find the heat exchanger exit temperature that 

corresponds to the limiting (hot-side or cold-side) temperature effectiveness in 

each case.  

Modifications made to the original model are described in section 6.3 where 

results obtained from the ABC parametric studies are discussed.  

3.5 Time-Marching Models for Nutating Discs 

Excel spreadsheet models were generated for the compression and expansion 

processes which occur in separate chambers within the nutating-disc module. 

The model cannot be adequately described without first explaining how the 

nutating-discs operate, so description of the models is deferred to Chapter 5 

where the nutating-disc modules are described and the results obtained with the 

models are discussed. 
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3.6 Models for Civil Aviation Scenario Studies 

Another Excel spreadsheet was created by the author to assess the potential 

benefits of the advanced-cycle technologies on total CO2 emissions up to and 

beyond the year 2050. The spreadsheet also enabled analysis of the potential 

economic impact of changes in the cost of jet fuel and the possible introduction 

of taxation on CO2 emissions. The development of this spreadsheet and the 

results from the initial scenario studies were originally reported in ULTIMATE 

deliverable D5.5 [105]. A summary of the results is given in Chapter 9.  

The scenarios were originally proposed by John Whurr from Rolls-Royce as 

recorded in ULTIMATE deliverable D5.2 [106]. 

3.6.1 Estimating Fleet Fuel Burn and CO2 Emissions 

The ULTIMATE year-2050 reference aircraft and engines had been estimated 

to provide fuel-burn reductions of between 45% and 59% relative to baseline 

year-2000 aircraft and engines. However, to assess the overall fleet 

performance of commercial aircraft, the proportion of fuel burn that should be 

attributed to shorter-range and longer-range aircraft types needed to be 

assessed. It seems likely that the proportion of flights on long-range aircraft, 

and the average flight distances, will tend to increase up until 2050, since short-

range aircraft will face increasing competition from high-speed rail services. 

However, for simplicity, it was assumed the overall fuel burn per passenger 

kilometre actually flown was the average of the short-range and long-range fuel-

burn figures, equivalent to the whole fleet being characterised by 54% of the 

‘available seat kilometres’ (ASK) provided by the short-range aircraft and 46% 

by the long-range aircraft. This means that over the period of 50 years from 

2000 to 2050, the average reduction in fuel burn per passenger kilometre for 

new aircraft is predicted to be 52.1%, corresponding to a compounded annual 

fuel-burn reduction rate of about 1.461%, or 13.7% per decade.  

The SRIA targets for Air Traffic Control (ATC) and operations improvements 

from year 2000 onwards, as quoted in Table 2, would require fleet-wide 
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improvements of 0.362% per annum in the first two decades and 0.368% per 

annum over the next 15 years, or 0.365% per annum over 35 years. The target 

figures imply that no further ATC improvements are expected after 2035. 

Further assumptions are listed in Table 15.  

Table 15 – Assumptions for a Baseline Scenario for CO2 Emissions 

Baseline air traffic growth 

rate   

4.5% RPK p.a. until 2030, then reducing by 0.3% and 

another 0.3% every five years until 2065 and then by 

0.2% and another 0.2% every five years, down to 1% 

RPK p.a. in 2100. 

Passenger load factor  80% constant (PLF=RPK/ASK) 

Fuel savings from ATC and 

operations 

0.365% p.a. to 2035 and zero thereafter (as per SRIA 

targets). 

Aircraft and engine fuel 

savings without ULTIMATE 

advanced technologies 

For the latest equipment: 1.461% p.a. to 2050; then 

reduced to 1.2% and then reduced by another 0.3% 

every five years, until zero after 2070. 

Roll-over of technologies 

through the whole fleet 

Fleet average fuel burn per ASK trails new aircraft by ten 

years. 

Fleet-wide penetration of 

ULTIMATE advanced 

technologies 

Uniformly from after 2050 up to a maximum of 90% by 

2075, for airliners and also for the total civil aircraft fleet 

including cargo aircraft and business jets. 

Price of crude oil $75 per barrel in 2020, increasing by $5 per barrel per 

decade.  

Price of jet fuel $0.71025 per kg in 2020, increasing by $0.04735 per kg 

per decade.  

Most of the following scenarios showing the effects of introducing ULTIMATE 

technologies assumed they would meet the 15% fuel burn reduction target set 

at the outset of the project. It has also generally been assumed that the fuel-

burn benefits would only be applicable to 90% of the commercial fleet 

(comprising airliners and regional aircraft) or to 90% of the overall civil aircraft 

fleet including other aircraft types. The same percentage was applied in both 

cases assuming advanced-cycle technologies would be equally applicable to 

airliners and to larger business jet aircraft, for example. 
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The overall rates of performance improvement and total CO2 emissions are 

assessed across the whole of the civil aircraft fleet. To allow for older and less 

fuel-efficient aircraft and engines in the fleet, it was assumed that fleet-average 

fuel-economy lags behind that of the latest new equipment by a constant ten 

years. This allows for growth in the overall market and the retirement of older 

equipment, and it also allows for the fact that it takes a few years for production 

of new models to fully ramp-up and for production of older models to be 

phased-out. The typical active service-life of individual aircraft is assumed to be 

about 25 years (though older aircraft may be kept in reserve and used to 

provide some extra flights at times of peak demand.) 

As noted above, the latest figure for new engine and aircraft compound annual 

fuel savings up to the year 2050 is 1.461% p.a. This is an aggregate figure for 

the whole fleet, calculated supposing 54% of the total ASK is provided by intra-

European (short-range, single-aisle or narrowbody) aircraft and 46% is provided 

by intercontinental (long-range, twin-aisle or widebody) aircraft. The percentage 

figures are assumed to remain constant, at least up to 2050, but the average 

number of seats per aircraft and average aircraft design range are expected to 

increase steadily from year 2000 to year 2050, as reflected in Table 1.   

There are large uncertainties regarding historic air-traffic statistics, the projected 

rates of increase in air-traffic growth, in the rates of improvement in aircraft and 

engine technologies, and not least in the future cost of fuel to the airlines and 

inflation rates. Figures for future fuel costs are taken as proposed in [106]. The 

price of jet fuel per US barrel is assumed to be 1.2 times that of Brent crude, 

and one barrel of jet fuel weighs about 126.7 kg based on a density of 797 

kg/m3 [106]. Thus the price of jet fuel per kg is roughly 1.2/126.7 times the cost 

per barrel of crude oil or 0.947 US cents per USD per barrel of crude oil. Fuel 

costs in the study make no allowance for any premium added for the 

substitution of bio-fuels for fossil-fuel kerosene. Some airlines, such as 

Scandinavian Airlines (aka SAS) are now proposing to pass that extra cost 

directly onto those passengers who are voluntarily willing to pay something 
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extra towards making the substitution. It is unclear whether or not that could 

prove to be a viable long-term solution to covering the higher cost of bio-fuels. 

Inconsistencies in reporting make current and historic global passenger figures 

somewhat uncertain, but the most-recent figure of 7.7 trillion RPK reported in 

2017 by www.statistic.com has been taken as a benchmark and equated to 

9.625 trillion ASK in that year, assuming a typical PLF is 80%, based on data in 

[24]. Allowing for 4.5% annual air-traffic growth, this gives about 11 trillion ASK 

in 2020. The figures for 2020 are relevant because of the ATAG target to cap 

total CO2 emissions from the aviation sector at the 2020 level, and then to halve 

this figure by 2050. Given the assumption of constant 4.5% p.a. average growth 

up to 2030, there would have been 4.55 trillion ASK in year 2000. This figure 

may be a 10% over-estimate, but as the new benchmark for CO2 emissions 

from aviation will be based on year-2020 emissions, the year-2000 ASK figure 

is less important. 

Converting relative values of fuel burn to actual total fuel burn and mission-level 

CO2 emissions requires further assumptions to be made. A significant factor is 

the difference between the scheduled kilometres flown and the actual distances 

flown through the air in revenue operation. This is largely attributable to the 

efficiency of ATC routing and the timing of arrivals at busy airports. This air 

traffic management (ATM) is assumed to be improving in the timeframe from 

year 2000 to year 2035. However, even at the end of this period, aircraft routing 

will not be perfect and planes will still need to make approach and departure 

manoeuvres. Therefore, in this study it is assumed that a 15% fuel saving from 

ATM and airline operations is theoretically possible, but that the actual 

improvement will never be better than a 12% reduction relative to year 2000, as 

implied by the SRIA targets. For year 2000 this is equivalent to burning 17.65% 

more fuel than just flying the ideal point-to-point distances at the given fuel burn 

per kilometre. In practice one would expect longer flights to be routed relatively 

more efficiently than shorter ones, but for simplicity the same factor is applied to 

intra-European and intercontinental aircraft missions and to overall operations. 

http://www.statistic.com/
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Relatively more freight is flown in passenger aircraft on long-haul routes than on 

short-haul routes, but again for simplicity the different aircraft types will be 

treated equally. To account for passenger aircraft that carry freight, it will be 

assumed that the typical fuel burn for 80% PLF plus freight is equivalent to the 

design-mission fuel burn for 100% PLF.  

For the overall civil aircraft fleet, an extra margin is added to the total fuel 

consumption of the passenger fleet in revenue passenger operations, to allow 

for operations by dedicated freighter aircraft, private business aircraft, charter 

flights, non-revenue positioning or training flights, and other miscellaneous 

aircraft operations. Figure 12 in ULTIMATE deliverable D5.2 [106] indicated that 

airliners and regional aircraft in 2050 would account for 87.4% of civil aviation 

energy use. However the airliners figure also includes dedicated cargo aircraft, 

so fuel use by commercial passenger aircraft will be a slightly smaller 

proportion. While the author expected fuel consumption from APU use to 

reduce, growth in cargo operations was expected to increase faster than growth 

in passenger travel. Thus over the next few decades it was assumed the rise 

and fall in these individual factors would more or less balance out. To account 

for the additional fuel burned on non-revenue flights, by other aircraft types and 

by APUs etc., these factors were estimated to add 20% extra to the overall fuel 

burn in the baseline case. However, Boeing’s latest 2018 World Air Cargo 

Forecast [107] predicted only 4.2% growth in revenue tonne kilometres (RTK) 

over the next 20 years, slightly less than the author’s baseline scenario for 

passenger growth. More recently air cargo growth has been hit by the US trade 

war with China, so the faster cargo growth assumption may be incorrect.  

Taking the typical chemical formula for kerosene as C12.5 H24.4 then one kilogram 

contains 0.85925 kg of carbon and will produce 3.148 kg of CO2 on complete 

combustion. 

3.6.2 Airline DOC Model 

To put the future cost of jet fuel into context it is necessary to consider how 

other airline costs are likely to evolve in the 21st century. A simple ‘top-down’ 
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model4 of airline fleet-average operating costs is based on the ‘MAJORS, 

NATIONALS & LARGE REGIONALS System’ US airline financial data for year-

2017 from the Bureau of Transportation Statistics. Its figures are summarised in 

Table 16. Note ‘Flying Operations’ includes the cost of fuel and oil together with 

flight crew expenses and air navigation charges etc. 

Table 16 – US Airline-system Financial Data for the Year 2017 

Category Cost: USD billions Cost re. total DOC 

Flying Operations                             15.78 30.6% 

Maintenance        5.26 10.2% 

Passenger Service                             3.38 6.6% 

Aircraft and Traffic Servicing                7.10 13.8% 

Promotions and Sales                          2.41 4.7% 

General and Administrative                    4.52 8.8% 

Depreciation and Amortization                 2.77 5.4% 

Transport Related                             10.31 20.0% 

Total Operating Expenses 51.53 100.0% 

The cost breakdown is taken to be representative of the future global fleet. For 

2017 the fuel cost is assumed to have been about 18.75% of DOC at a time 

when the average cost of oil was about $55/barrel [106]. These figures provide 

a benchmark for the simple DOC model described in section 9.5. The Cost per 

Available Seat Kilometre (CASK) in 2017 comes out at about 6 US cents, which 

is broadly consistent with figures from the ICAO for early years of the 21st 

century: IATA Airline Cost Performance (IATA Economics Briefing No. 5). See: 

https://www.iata.org/whatwedo/Documents/economics/airline_cost_performance.pdf   

For comparison, US network airlines had costs approaching 7 US cents/ASK, 

whereas the low-cost operators had costs from 4 to 5 US cents/ASK. The 

                                            
4
 A top-down model takes the anticipated end-result or overall figure and breaks it down into 

subcomponents, whereas a bottom-up model calculates the end-result based on subcomponent 
figures or model inputs.   

https://www.iata.org/whatwedo/Documents/economics/airline_cost_performance.pdf
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aggregate DOC figures are therefore only indicative of average airline costs, but 

nevertheless interesting trends have emerged as discussed in Chapter 9.  

3.7 Emissions Assessments 

Improved thermal efficiency cannot justify increased noxious exhaust emissions 

and future aero engines will need to meet stricter emissions constraints. Various 

different tools were considered for modelling combustion and emissions, but for 

quantitative assessment of NOx emissions from future LDI combustors it was 

eventually concluded that a simple correlation would be more appropriate.  

A detailed study of potential emissions assessment methodologies for the year 

2050 reference engines was made and reported in the confidential ULTIMATE 

project deliverable D2.3 [108]. The study had the limited objective of providing a 

methodology for assessing the emissions from the ‘constant pressure’ primary 

combustors in the year-2050 reference engines and for some of the advanced-

cycle aero engines that retained LDI primary combustors while incorporating 

additional technologies. The following sections provide a summary of the study 

and more details are given in Appendix B. 

3.7.1 Reference Engines for Combustor Emissions Assessments 

Whilst the two different Advanced Tube and Wing (ATW) aircraft designs were 

being worked-up by BHL, representative thrust requirements for the reference 

engine studies were taken from previous EU projects that had investigated 

engines for both long-range and short-range missions. These original thrust 

requirements were also used in the ULTIMATE project deliverable D1.1 [64] for 

initial modelling of the geared fan and geared open rotor powerplants that would 

become the year-2050 reference engines. However, by the time the updated 

reference engine cycles were reported in ULTIMATE deliverable D2.6 [13], 

iteration with the ULTIMATE aircraft modelling task had significantly reduced 

the engine thrust requirements. Further refinements to the ULTIMATE reference 

engine models were then made and the latest performance results were used 

for the emissions assessments.  
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3.7.2 Methods for Combustor Performance and Sizing 

Across the operating envelope, engine performance models should specify 

combustion efficiency and pressure loss in addition to the inlet fuel/air ratio, 

mass-flow, pressure and temperature. Combustion efficiency determines the 

actual heat release in the combustor, but low combustion efficiency is also 

indicative of high levels of carbon monoxide (CO), unburned hydrocarbons 

(UHC) and/or smoke. The combustor volume and geometry are determined by 

the design philosophy, by adjacent component dimensions, and by overall 

performance requirements including altitude relight capability.   

For primary combustors burning kerosene (Jet-A, Jet-A1 or similar fuels), 

altitude relight is a key requirement that sets a minimum combustor volume to 

give an adequate residence time to achieve a respectable combustion efficiency 

and temperature-rise when an engine is cold and just ‘windmilling’. This enables 

the engine to ‘pull-away’ to higher power operation. A windmill relight envelope 

usually extends up to 25–30,000 ft. and covers a specified range of airspeeds. If 

the aircraft is flying too slowly, the windmilling turbomachinery will also be 

turning very slowly and with very poor efficiency, so that the engine may fail to 

‘pull-away’. Conversely, if the aircraft is flying too fast, then the flames in the 

combustor can be continually ‘blown-out’ by the relatively high velocity of the air 

passing through it. In this case the flames may fail to ‘light-around’ the whole of 

the combustor and again the engine may fail to accelerate. 

To expand the relight envelope, an increased combustor volume will increase 

combustion efficiency and turbine entry temperature by increasing the 

residence time of the air and fuel in the combustor. Optimized fuel scheduling 

and igniter design and positioning can also improve relight and pull-away. 

However, the combustor is likely to be designed with the smallest volume that 

meets the altitude relight requirements. This will save weight and minimize 

thermal NOx production, as the latter processes are relatively slow in 

comparison with hydrocarbon fuel combustion. On the other hand, combustors 
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with lower residence times are likely to have higher CO, smoke and UHC 

emissions, particularly at low power conditions.  

3.7.3 Stirred-Reactor Combustion Models 

The first tool to be considered for combustor and emissions modelling was a 

stirred-reactor model. This should be capable of modelling the LDI style of 

combustor anticipated for the reference engine and secondary combustors also.  

Perfectly-stirred and partially-stirred reactor models and various series of stirred 

reactors have been used to model the major zones within gas turbine 

combustors, at a less detailed level than CFD modelling. Alternative terminology 

refers to well-stirred reactor (WSR) and plug-flow reactor (PFR) models, the 

latter representing regions of very low turbulence, as in some pre-mixed 

combustors and combustion rigs. Cranfield University has developed such in-

house models as part of the suite of computer programs designated 

‘Hephaestus’ [109], a sub-set of the TERA suite of tools. These models can 

fairly quickly scope-out different design options and provide initial combustor 

dimensions for follow-on CFD work. Studies have shown that the performance 

and emissions of combustors modelled using Hephaestus methods can be 

closely correlated to the LTO combustor emissions for existing engines in the 

ICAO database [110] [82] [109].  

Consideration was given to the use of Hephaestus models linked by ‘Isight’ 

software to engine-performance and dimensional-model programs. This could 

have extended the TERA suite of software and permitted exploration of design 

trade-offs from changes in the proportions of LDI combustors and alternative 

combustor designs, and from changes in the scheduling of fuel flow through the 

fuel injectors. However, the creation of Hephaestus models is not automated. 

Setting them up would have required a considerable number of inputs that are 

not readily generated by performance models like PROOSIS, or by WeiCo (that 

estimates preliminary engine dimensions, major component weights and costs). 

While the user might be prompted to provide a file of additional combustor 

dimensional and fuel distribution inputs, these values would be highly 
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speculative in the absence of worked-up aerodynamic and mechanical designs 

for a particular combustor. If several different people were to model LDI 

combustors for a range of different engine performance cycles, the results 

would most likely also be highly variable, unless a rigidly-defined set of design 

rules could be imposed. The author judged that there was too-much uncertainty 

in the geometries likely to be used in the year-2050 designs to make effective 

use of this tool.   

It was therefore concluded that a simpler algorithm or set of algorithms would 

provide more consistent emissions estimates over the range of different 

combustor sizes and operating conditions of interest. These algorithms or 

correlations should only need the performance data obtained from regular 

performance codes and models. Their use would therefore provide a more 

consistent methodology and guarantee consistent assessments for the LTO 

emissions of different engines and of their total NOx emissions over the flight 

envelope. The derivation of these simpler and more appropriate methodologies, 

based on existing LDI combustor emissions measurements and correlations, is 

described in the section 3.7.5. 

The use of Hephaestus models in follow-on studies to estimate the emissions of 

more novel or radical combustor designs, such as secondary or inter-turbine 

combustors is still worth considering. In such cases, correlations based on one 

standard combustor design will not suit all the different possible combustor 

configurations, so each novel design would need to be assessed on its own 

merits.  

3.7.4 Higher Fidelity Combustor Modelling Options 

The detail design, modelling, analysis, testing and subsequent optimization of 

combustors, their fuel injectors and fuel delivery systems, is a major engine 

development activity. Sophisticated Large Eddy Simulation (LES) CFD models 

like PRECISE-UNS are created that follow the vaporisation of fuel droplets and 

the sequential formation of numerous intermediate and end-of-combustion 

products. These are amongst the most computationally intensive models used 
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in the industry, as they not only need to model turbulent flows in detail, but also 

the complex chemical reactions following hundreds of species and thousands of 

different reactions, leading to the non-equilibrium mixture of combustion 

products. Modelling the formation of oxides of nitrogen from hydrocarbon fuel 

combustion is particularly challenging, so much so that many kinetic-

mechanism schemes simply ignore them. For example, ‘Complete Low and 

High Temperature’ kinetic schemes from the ‘CRECK Modeling Group’ at 

Polytechnic University of Milan [111] come with 451 chemical species and 

17848 different reactions excluding NOx, or with 484 species and 19341 

reactions if NOx is included. Even the reduced high-temperature scheme for 

simpler kerosene surrogates has 121 species and 2613 reactions. 

One system of combustor modelling tools used to manage geometry and create 

boundary conditions for CFD studies is called Prometheus. This is being 

developed at Rolls-Royce and in parts of its University Technology Centre 

network that include Loughborough and Southampton Universities. Various 

aspects of the system have been described in recent papers [112] [113]. 

Such methods are well beyond the scope of the author’s concept design 

studies. Elsewhere, within the ULTIMATE project, CFD methods have been 

used to provide insight into several novel combustor designs, such as pulse 

pressure gain combustors [65], and secondary combustion systems [76]. 

However, no new CFD models for more conventional RQL or LDI combustors 

have been created, since a large body of literature exists from previous 

research programmes and the detail design of a specific LDI combustor for a 

year-2050 EIS engine would be highly speculative. Furthermore, past studies 

have shown the emissions predictions from simpler CFD models can be highly 

variable, depending on the modelling techniques and assumptions. LES 

combustor models have been demonstrated to give greatly superior results to 

Reynolds Averaged Navier-Stokes predictions [114], but they are more 

computationally expensive. 
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3.7.5 Alternative Emissions Assessment Methods 

It was thought that some automotive engine modelling tools might have been 

used to assess the emissions for engines incorporating diesel cycles, but 

attempts by a colleague to adapt such tools for the nutating-disc modules’ 

emissions assessment proved unsatisfactory, so the author was only able to 

provide qualitative emissions assessments for the engines with nutating-disc 

topping cycle modules. 

Cranfield MSc students Victor Martinez Bueno and Mirko Romanelli used CFD 

models to assess emissions from the secondary combustor proposed for the 

preferred advanced engine cycle. Their studies are described in section 6.2.2. 

3.8 Emissions Correlations 

Correlations provide simple and widely-used methods of estimating engine 

exhaust emissions. Reviews of the different families of correlations were made 

by Pervier [109] and by Chandrasekaran and Guha [115]. Methodologies exist 

for constructing correlations to predict the off-design performance of existing 

combustors throughout the flight envelope, based on their emissions at the 

ICAO LTO-cycle ground-level (GL) test conditions. Other correlations are based 

on combustor rig-test measurements, and some correlations estimate a generic 

emissions capability for a particular combustor technology given multiple inputs. 

For NOx emissions anticipated from fully developed year-2050 LDI combustors, 

existing predictions and correlations are reviewed, and in Appendix B, potential 

new correlations are discussed. However, as reported in [108], the author had 

insufficient data to validate the proposed new correlations, so they cannot be 

recommended over existing correlations for lean combustor configurations. 

3.8.1 ICAO Database-based Correlations 

To estimate baseline emissions throughout the flight envelope for year-2000 in-

service engine technology, correlations can be constructed based on Trent 700 

and CFM 56 figures taken from the ICAO emissions database [82]. The 

availability of these data enables representative correlations to be produced.  
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Several methods are known for generating correlations to predict emissions 

throughout the flight envelope based on the ICAO database figures. These 

include the Boeing Fuel Flow methods, the Advanced Emission Model, the DLR 

method, and the ‘P3T3’ method. These methods can be applied to CO, NOx 

and UHC emissions. Most methods for NOx emissions also include corrections 

for atmospheric humidity [116].  

3.8.2 The Boeing Fuel Flow Method 2  

This method, variously referred to as BM2, BFF2 or BFFM2, uses a five-step 

process to estimate emission indices based on ICAO database figures. It takes 

the ambient pressure, temperature and humidity, and engine fuel flow and flight 

Mach number as inputs [117]. 

Humidity particularly affects NOx emissions and it increases EINOx by eH where 

H is the humidity correction factor which is calculated according to Equation 12, 

where ω is the specific humidity.  

𝐻 =  −19(𝜔 − 0.006344) Equation 12 

The humidity correction is not applied to other pollutant species. The figure of 

0.006344 corresponds to the specific humidity ω, or h, on an ISA day at sea-

level and having 60% relative humidity (RH, or Φ, which is not to be confused 

with equivalence ratio). This humidity could be typical for ground-level 

emissions testing. If the actual RH is 60% then H is zero the factor eH is unity. 

For completely dry air eH is 1.127, and for saturated air on an ISA day at sea-

level, eH is about 0.923. Thus the effects of humidity can be quite significant, 

with higher specific humidity reducing NOx emissions.  

Figure 20 shows how the humidity correction factor H can vary with altitude and 

typically increases predicted NOx emissions at high altitudes by about 12.5% 

relative to typical sea-level test results. At typical cruise altitudes, the variation 

of H with humidity levels is quite small, so there are almost negligible errors in 

estimated cruise and top-of-climb NOx emissions, whether the air at altitude is 

considered to be totally dry, or to have 60% RH, or to be saturated.  
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The reduction in NOx emissions is primarily due to the reduction in flame 

temperature resulting from the higher water vapour content and specific heat, 

so it is inappropriate to apply the humidity correction to any method that would 

model engine performance correctly with humidity and then use those lower 

combustion temperatures in the NOx correlations. Preliminary aero engine 

performance is generally modelled assuming totally dry air.  

The effect of ambient humidity on NOx emissions is similar to the effect of water 

or steam injection, since these also affect the proportion of water vapour in the 

final combustion products and reduce flame temperatures. 

 

Figure 20 – Humidity Correction Factor H for NOx at altitude [83] 

It appears that the humidity correction formulation originates from testing on 

automobile engines carried-out in the USA around 1970, but different 

corrections are now applied to different types of combustion engines (e.g. spark 

ignition vs compression ignition engines), so it is not obvious that Equation 12 

should be applicable to all gas turbines using different types of fuel. However, it 

is worth noting that, at a given flame temperature, increasing the hydrogen to 
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carbon ratio in a hydrocarbon fuel is not effective in reducing NOx and generally 

has the opposite effect. 

3.8.3 The Advanced Emission Model (AEM3) 

The AEM3 method (version 1.5), based on the BM2 method, is from the 

Eurocontrol Experimental Centre at Brétigny-sur-Orge in France [116]. The 

AEM3 methodology makes a correction to the calculation of the humidity 

correction factor used in the original BM2 specific humidity calculation. The 

correct formula for ω as a function of ambient pressure Pamb and the actual 

water vapour pressure Pa is given by Equation 13, in which e is the ratio of the 

molecular weights of water vapour and air. Equation 13 gives specific humidity 

defined as kg of water vapour per kg of moist air, whereas Equation 12 gives 

specific humidity defined as kg of water vapour per kg of dry air. In practice the 

difference between these two differently defined humidity figures is almost 

negligible. 

𝜔 = 𝑒𝑃𝑎 / 𝑃𝑎𝑚𝑏((1 − 𝑒)𝑃𝑎)  where  e = 0.62198 Equation 13 

Pa is the product of the relative humidity Φ and the saturation vapour pressure 

Pv which may be taken to be equal to the partial vapour pressure over liquid 

water (eL). A simple correlation for eL as a function of ambient temperature is 

given by Equation 14.  

𝑒𝐿(𝑇) = 100 ∗ 6.112 ∗ 𝑒^ [
17.62 ∗ (𝑇 − 273.15)

243.12 + (𝑇 − 273.15)
] 

Equation 14 

This is the Commission for Instruments and Methods of Observation (CIMO) 

formulation with pressures in Pa and temperatures in K [118]. An alternative 

formulation for Pv, given by Jelinek et al. [116] gives saturation pressures 1.3% 

to 2% higher over the typical range of atmospheric temperatures. Note the copy 

of the formulation in [109] is misprinted.  

The AEM3 method follows five steps: 
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 Access the ICAO data and correct the ICAO fuel flows at the four 

certification cases to allow for engine installation effects, since the ICAO 

data are provided only for uninstalled engines. Table 17 lists the 

standard fuel flow correction factors inherited from the BM2 method.  

Table 17 – Recommended Correction Factors for the AEM3 Method [116] 

Take off Climb out Approach Taxi/ground idle 

1.010 1.013 1.020 1.100 

 Curve-fit the ICAO data for each species, by plotting the four tabulated 

emission indices against the corrected fuel flows.  

 Calculate the ambient pressure and temperature correction factors, δamb 

and ϴamb, respectively, for the desired flight conditions and apply these 

factors in the appropriate equations to give the modified fuel flow Wff from 

the actual fuel flow Wf. 

 Read the reference emissions index values from the curves generated in 

the second step, reading-in with the Wff figure to give REICO, REIHC 

and REINOx values for CO, UHC and NOx respectively. 

 Calculate the emissions indices: EICO, EIHC and EINOx from the 

REICO, REIHC and REINOx values, and apply any humidity corrections. 

The last three steps can be repeated for each point on a flight mission and the 

total emissions can then be obtained by summing the products of the durations, 

fuel flows and emission indices obtained for each flight condition. These 

calculations could be performed using Excel or MATLAB, but since they can be 

automated without any iteration, in principle a simple set of formulas (or even 

one long formula) is all that is needed for each flight case for each species. 

The BM2 and AEM3 methods specify using log-log plots for the data. Linear 

trendlines may be fitted to the data using a ‘linear least squares’ fit and taking 

the fuel flow as the independent (x-axis) variable. Since there are just four data 

points for each species, the slope of the trendline and its intersection with the y-
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axis can be solved relatively simply. However, a straight line may not always 

provide a good fit to the data, particularly not for the CO and UHC emissions. 

An alternative approach is to plot straight lines between adjacent points, but 

then the equation for the correct line needs to be selected, e.g. by using ‘IF’ 

statements in Excel code, for example, adding additional complexity. 

Alternatively, a third-order polynomial curve can pass exactly through all four 

LTO cycle data points for each species, but such curves tend to deviate further 

from lower order curve fits, or straight-line ruling between the points (Runge’s 

phenomenon), so historically the use of a third order polynomial curve fit has 

not been recommended. In practice though, for NOx emissions calculations, the 

differences seem negligible, (given all the other uncertainties in emissions 

estimation) and exact-fit third order ‘Lagrange’ polynomial coefficients are more 

simply computed than those for a second order least squares curve-fit. A cubic 

spline curve fit to the data might be another option, and is a known means of 

addressing Runge’s phenomenon, but it seems not to have been adopted 

hitherto for use in emissions calculations. 

3.8.4 The DLR Method 

The DLR method [119] is similar to the BM2 and AEM3 methods, but it does not 

use log-log plots for the data. It just applies a second-order polynomial least-

squares curve fit to the data. The DLR method also deviates from the previous 

methods in the way that it calculates the fuel-flow-correction factor and 

calculates the NOx emission index at altitude. Schaefer gives more details of 

the DLR method [120].  

The DLR method and the preceding methods all make certain assumptions 

about the way the engine is installed and how the combustor is operated. For 

typical year-2000 in-service engines, these assumptions may be reasonable, 

but they are likely to be inappropriate for ‘zero-bleed’ engines, engines with 

variable cycles and engines having staged fuel-flows to their combustor fuel 

injectors. Where more detailed engine performance models and cycle data are 
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available, the P3T3 method should give better results for NOx emissions than 

the methods described hitherto. 

3.8.5 The P3T3 Method for NOx Prediction 

This method is a further development of the ICAO database methods. It should 

be able to overcome some of their limitations for NOx emissions estimates that 

are particularly sensitive to combustion temperatures because it takes 

combustor performance parameters into account [109]. It requires an engine 

performance model to predict combustor inlet temperature T31, inlet pressure 

P31 and overall fuel/air ratio FAR31 at ground level, for calibration against the 

ICAO database emissions indices, and to generate the equivalent performance 

data at altitude for on-route emissions predictions. Such data were in-scope for 

the ULTIMATE project, but there remained the common difficulty in modelling 

low-power idle and descent performance using preliminary design performance 

models, so scaling or extrapolation of the performance model data to lower 

thrusts was needed for some of the ULTIMATE study engines, in order to cover 

the low-power conditions [108].  

A further complication relates to the use of combustor inlet conditions for 

pressure, temperature and air mass flow P31, T31 and W31, rather than the HP 

compressor exit conditions that are more commonly quoted from preliminary 

performance models. There is usually no difference in the temperatures, unless 

the HP compressor rear drive cone is cooled by air that flows radially outwards 

into the annulus (though this may well be a design feature of future advanced 

engines with cooled-cooling-air systems). P31 should account for the HP 

compressor exit diffuser pressure loss and W31 for secondary air flows that 

bypass the combustor. W31 is used to calculate the FAR in the combustor 

FAR31. However, provided P3 and W3 are consistently substituted for P31 and 

W31 in the P3T3 method, then this should only give very small errors. Therefore 

this simplification has been made in the reported studies. 

In the P3T3 method the EINOx figures 𝑬𝑰𝑵𝑶𝒙𝑮𝑳
 (g/kg) from the four ICAO LTO-

cycle points are plotted against the combustor inlet temperatures 𝑻𝟑𝟏𝑮𝑳
 (K) from 
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the performance model and a second order polynomial curve fit is obtained. 

Combustor inlet pressure 𝑷𝟑𝑮𝑳
 and the overall fuel/air ratio FARGL are then 

plotted against 𝑻𝟑𝟏𝑮𝑳
. Further second order polynomial curve fits are obtained. 

To obtain the NOx emission index for an altitude condition: 𝑬𝑰𝑵𝑶𝒙𝑮𝑳
 is 

calculated first, using the altitude temperature T31. This figure is then corrected 

for the pressure 𝑷𝟑𝟏𝑨𝑳𝑻
 and fuel/air ratio FARALT, and for humidity, using 

Equation 15 and the humidity correction factor H from Equation 14 as described 

in [109]. The overall P3T3 methodology for altitude NOx prediction is shown in 

Figure 21 [83]. 

 

Figure 21 – NOx Emissions Correction Scheme 

from ICAO Annex 16 Volume II  

𝐸𝐼𝑁𝑂𝑥𝐴𝐿𝑇
= 𝐸𝐼𝑁𝑂𝑥𝐺𝐿

 (𝑃𝐴𝐿𝑇/𝑃𝐺𝐿)𝑛 (𝐹𝐴𝑅𝐴𝐿𝑇/𝐹𝐴𝑅𝐺𝐿)𝑚 𝑒𝐻    Equation 15 

Whereas ‘NOx formation theory’ is supposed to give the pressure exponent n 

the value of 0.5, a range of experimentally determined pressure exponents 

empirically derived from rig and engine tests are tabulated in [83].  
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Madden and Park [84] and Pervier [109] suggest the exponent n be taken as 

0.4 if no engine-specific value has been determined, and also that the exponent 

m be set to zero (so the FAR term in Equation 15 could be omitted). These 

practices have been followed in the current studies.  

Even without the humidity correction, the P3T3 method is inappropriate for 

application to pollutant species other than NOx, as each species should have its 

own pressure dependency. 

3.8.6 Direct Correlations for NOx Emissions 

To estimate NOx emissions for new combustors from first principles, without 

reference to the ICAO engine emissions database, correlations based on 

multiple engine or rig test results can be constructed with reference to simple 

combustor design and engine performance parameters.  

Numerous correlations for conventional combustors are found in the literature. 

For example, as quoted in [86], Lefebvre has provided Equation 16 for historic 

NOx emissions from conventional gas turbine combustors. 

𝐸𝐼𝑁𝑂𝑥 =  9 × 10−8 𝑃1.25 𝑉𝐶  𝑒0.01𝑇𝑠𝑡 /𝑚̇𝐴 𝑇𝑝𝑧 Equation 16 

In this case 𝐸𝐼𝑁𝑂𝑥 is in g/kg of fuel, 𝑉𝐶 is the combustor volume (m3), P is the 

combustor pressure (Pa), 𝑚̇𝐴 is the air mass flow (kg/s) and Tst and Tpz are the 

stoichiometric and primary zone temperatures, respectively (K). For a given 

pressure and temperature, the ratio 𝑉𝐶/𝑚̇𝐴 is proportional to residence time. 

Odgers and Kretschmer [121] list ten possible correlations for NOx emissions. 

They proposed Equation 17 after considering the nine previously proposed 

formulations, and they derived the constants from 59 experimental points, 

though some potential inputs were selectively discarded. This equation uses the 

combustion temperature Tc (K) and the NOx formation time τ (s) together with 

the pressure P (Pa). 

𝐸𝐼𝑁𝑂𝑥 =  29𝑒(−21670/𝑇𝑐) 𝑃0.66  × (1 −  𝑒(−250𝜏)) Equation 17 
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For diffusion flames Tc is taken to be ‘the maximum equilibrium temperature 

possible corresponding to the inlet conditions’, which may generally be taken to 

be equivalent to the stoichiometric combustion temperature. However, for lean 

premixed combustors Tc is taken to be ‘the dissociated flame temperature 

corresponding to the equivalence ratio and the inlet conditions’. As the 

residence time increases, the emission index should approach the equilibrium 

value according to the (1 −  𝑒(−250𝜏)) term, but it does not seem that equilibrium 

values were used to derive the constants in the remainder of the equation. The 

term (1 −  𝑒(−250𝜏)) implies a reaction-rate towards equilibrium that would only 

be valid for particular combinations of pressure and temperature.  

Determining the NOx formation time τ also presents difficulties. Factors to be 

considered include the time-delay in vaporising the liquid-fuel droplets and in 

mixing the fuel vapour with the air. In a RQL combustor, where all the fuel is 

injected into a rich primary zone, the initial fuel-rich combustion does not 

generate NOx at the highest rate. That occurs during the short period of time 

while the fuel-rich gas mixes with the dilution air and completes its combustion 

while close to the stoichiometric temperature. The formation time is not the total 

residence time in such combustors and neither time is a constant for a given 

design, since hotter gasses will pass through the combustor more quickly. 

Odgers and Kretschmer suggest that a typical NOx formation time for a 

combustor with so-called airblast or air-spray atomisers is 0.8 ms. For short 

formation times, the thermal NOx generated in accordance with Equation 17 is 

roughly proportional to the formation time, and a time of 0.8 ms implies that only 

18.1% of the equilibrium level of NOx is formed, as shown in Figure 22. 

However, in lean-burn combustors the effective NOx formation times might be 

up to 10 ms. 
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Figure 22 – Proportion of Equilibrium NOx generated using Equation 17 

Equation 18, from Rizk and Mongia [122], takes fuel evaporation into account. It 

also includes the stoichiometric combustion temperature Tst (K), pressure P 

(Pa), pressure loss ∆𝑃 (Pa) and the residence time tr (s) less the droplet 

evaporation time te (s). 

𝐸𝐼𝑁𝑂𝑥 =  15 × 1014 (𝑡𝑟 − 𝑡𝑒)0.5 𝑒
(−

71100 
𝑇𝑠𝑡

)
 𝑃−0.05  (∆𝑃/𝑃)0.5 Equation 18 

However, the fuel droplet evaporation times are not known for the study 

engines, and use of the ∆𝑃/𝑃 term implies that the equation is specific to a 

particular combustor geometry. 

More recently, Kyprianidis, Nalianda and Dahlquist [123] have reviewed existing 

methods for the assessment of modern RQL combustor NOx emissions and 

proposed the new formulation in Equation 19 for existing and advanced RQL 

combustor designs for future engine cycles having high OPR and high HP TET.  

𝐸𝐼𝑁𝑂𝑥 = (𝑎 + 𝑏 𝑒(𝑐.𝑇3)) (
𝑃3

𝑃3,𝑟𝑒𝑓
)

𝑑

𝑒𝑓( ℎ𝑆𝐿−ℎ)  (
∆𝑇𝑐

∆𝑇𝑐,𝑟𝑒𝑓
)

𝑇𝐹

 Equation 19 

For the modern RQL combustors, Kyprianidis et al. propose the constants and 

exponents in Table 18, based on in-house engine performance data and ICAO 

emissions databank data [82]. The inclusion of the humidity correction term in 
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Equation 19 is an improvement on earlier correlations. Humidity effects should 

definitely be taken into account for any on-route NOx emissions assessments. 

However, this correlation needs estimates of the primary zone temperatures at 

each operating point, and some other parameters that are not provided by 

simple engine performance models and would require more detailed combustor 

design studies. Nevertheless, the equation might have been used (together with 

appropriate additional assumptions) to estimate NOx emissions for year-2000 

baseline engines. Rather than making such assumptions, the P3T3 calculation 

method of section 3.8.5, was considered preferable for year-2000 in-service 

engines, since representative ICAO-database figures were available.  

Table 18 – Proposed Constants and Exponents in Equation 19 Equation 17 

 for modern RQL combustors, adapted from [123] 

Parameter Units Proposed Value 

a – 8.4 

b – 0.0209 

c – 0.0082 

d – 0.4 

f – 19 

TF (Technology Factor) – 0 

P3,ref Pa 3 000 000 

∆Tc,ref K 300 

h kg H2O / kg dry air 0.006344 

LDI technology that provides pilot injector zones and lean modules, fuel staging 

and airspray fuel-atomisation, seems the most promising approach for the 

combustors for year-2050 Brayton-cycle engines, assuming they will still run on 

kerosene or ‘drop-in’ replacement fuel. The above correlations are inappropriate 

for these future combustion systems, so emissions assessment methods more 

specific to lean combustors were used, as described in the following section. 
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3.8.7 NASA Correlations for Lean Combustors 

In a NASA study reported in 1978, Roffe and Venkataramani [124] produced a 

simple correlation for lean premixed combustion based on flametube 

experiments with propane. Reformatted as Equation 20, the correlation is based 

on the flame temperature T (K) and the residence time τ (ms). 

𝐸𝐼𝑁𝑂𝑥 =   𝜏. 𝑒(2.8𝑇0.5−0.0263𝑇−72.28)   Equation 20 

This equation assumes EINOx is proportional to τ (at least up to 2 ms) and 

independent of pressure (in the range 5–30 atmospheres) as indicated by the 

experimental results. It has the merit of simplicity, but seems inappropriate for 

use in aero engines, not least because propane has higher hydrogen to carbon 

ratio than kerosene. 

A further correlation for advanced combustor NOx emissions from the NASA 

Advanced Subsonic Technology Project (AST) was attributed to S. Jones at 

NASA by Antoine and Kroo [125], but the same correlation was previously 

attributed by Lukachko and Waitz [126] to Bill Haller at NASA and the NASA-

Industry Advanced Subsonic Engine (ASE) study. It was one of several 

correlations used by Alexiou et al. in the NEWAC project [127] and has been 

described as applicable to dual-annular staged combustors. Nevertheless it has 

also been applied to studies of lean premixed prevaporized (LPP) combustors. 

It is reproduced here as Equation 21 with the units converted so that the 

compressor delivery temperature T3 and combustor exit temperature T4 are K 

and the pressure P3 is kPa. 

𝐸𝐼𝑁𝑂𝑥 =  0.007549 𝑇4 (𝑃3 /3027)0.37 𝑒(1.8𝑇3−1471) 345⁄      Equation 21 

3.8.8 Recommended Correlation for Year-2050 LDI Combustors 

Equation 21 is now also recommended for future LDI designs having staged 

combustion, including those for the year-2050 ULTIMATE reference engines. Its 

use was demonstrated in ULTIMATE deliverable D2.5 [128] and it is 

recommended by the author as the preferred option for all year-2050 study 
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engines that are without topping cycle combustors. The decision to use 

Equation 21 in these studies was only taken after an extensive review of 

alternative correlations including more-recent ones developed at NASA for 

specific LDI combustor configurations and some potential new correlations that 

would take more account of the underlying physics and chemistry. Appendix B 

reviews the alternative correlations considered. 

It might seem that some more-recent correlations for LDI designs with staged 

combustion should be preferred, but they all presented difficulties because they 

were either very specific to particular designs or to narrow ranges of test 

conditions. Equation 21 remains more generic and straightforward to apply. 

However, because Equation 21 provides a continuous function, it cannot be 

expected to be very accurate where fuel staging switches different injector 

nozzles on and off. It may also tend to underestimate NOx emissions at idle, 

where only the pilot nozzles are operating, though combustor operations at idle 

make relatively little contribution to overall NOx emissions. 

The results presented in section 8.6 were obtained using Equation 21, which 

was recommended by the author for use by other ULTIMATE project partners. 

An extended review and assessment of potential alternative NOx emissions 

correlations is provided in Appendix B, based on the work reported in [108]. 
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4 INITIAL CONCEPT SELECTION 

In this chapter a rationale is established for qualitatively selecting combinations 

of advanced core-engine technologies with potential to help meet ACARE 

‘Flightpath 2050’ targets for CO2, noise and emissions [4]. The systematic 

assessment and down-selection of a preferred cycle is then described. This part 

of the author’s study was originally reported at ISABE in 2017 in [77]. 

By 2050 new short-range commercial aircraft may use open-rotor engines with 

contra-rotating propellers, but longer-range aircraft, cruising slightly faster, are 

more likely to be powered by high bypass ratio geared turbofan engines [2].  For 

improved fan and propulsive efficiencies these engines could have variable-

pitch fan blades or variable-area exhaust nozzles. However, these engines will 

not meet the industry’s ambitious mid-century fuel-burn targets without also 

making improvements to core thermal efficiency. This requires fundamental 

changes to the engine cycle, because further increases to OPR and TET 

applied to the currently used open-circuit Brayton performance cycle can only 

give diminishing returns. Combustor entry and exit temperatures will also need 

to be restricted to limit NOx emissions. 

Technology combinations are considered for both long-range and short-range 

aircraft applications, but long-range aircraft have more to gain from performance 

improvements because fuel constitutes a larger proportion of their take-off 

weight. Synergies between novel technologies can increase thermal efficiency 

and reduce fuel burn. Particular technologies considered include intercooling, 

recuperation, inter-turbine or other secondary combustion, and topping and 

bottoming cycles.   

For short-range aircraft a larger proportion of the performance improvement 

may come from reduced cruise speeds and open rotors improving propulsive 

efficiency. But in terms of meeting the ACARE SRIA targets, the short-range 

aircraft also benefits from the relatively lower thermal efficiencies of the baseline 

engines in service in year-2000 and against which they are benchmarked. 
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4.1 Selection of Advanced Cycles for More Detailed Study 

Here a qualitative assessment of different technology combinations is made, 

leading to the down-selection of a preferred cycle and engine architecture. This 

study was made in parallel with the study assessing scaled and intercooled 

engines, as reported in [97] and in section 7.3. Preliminary results from Excel 

models for those performance cycles and some alternative cycles, combined 

with results from ULTIMATE project partners at BHL, highlighted the potential of 

combining topping cycles with both intercooling and secondary combustion. 

Intercooling and secondary combustion are beneficial in increasing core specific 

power by enabling a higher fuel air ratio by the exit of the second combustor, 

while avoiding the very high flame temperatures that would produce excessive 

NOx emissions. Minimising the core mass flow reduces the losses associated 

with core compression and expansion, and minimises the cost and weight of 

core components. 

Novel core components potentially include heat exchangers for intercooling and 

recuperation, and for cooled cooling air to permit higher compressor delivery 

temperatures. However, secondary combustion tends to result in higher turbine 

exhaust temperatures. Use of this still relatively high-grade exhaust heat can 

then be made in a recuperator or in a bottoming cycle, but it is not easy to 

combine recuperation with the pressure-rise combustion in a topping cycle, 

hence the interest in integrating a bottoming cycle with the topping cycle, 

intercooling and secondary combustion technologies. 

4.2 Candidate Engine Technologies 

The advanced technologies studied and their individual potential benefits are 

discussed in the following sub-sections. 

4.2.1 Turbofan Engine Architecture 

The overall engine layout for the year-2050 reference turbofan is similar to the 

Rolls-Royce UltraFan® engine concept shown in Figure 23 [40].  
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Figure 23 – Rolls-Royce Variable-pitch-geared-fan UltraFan® Engine  

The HP compressor is driven by a two-stage HP turbine and a second high-

speed turbine drives the IP compressor directly and also drives the fan via a 

reduction gearbox. The IP and HP compressors have variable inlet guide vanes. 

The variable-pitch fan illustrated, or alternatively a variable-area exhaust nozzle, 

would improve operability and allow further design trade-offs to improve fan 

efficiency or to improve propulsive efficiency. However, neither technology may 

be essential, particularly if higher levels of specific thrust and fan pressure ratio 

would be accepted. Thus the merits of alternative core-engine cycles might be 

assessed without modelling variable-area nozzles or variable-pitch fans.  

However, very different engine architectures could be preferred for the more 

advanced turbofan engine designs that feature combinations of intercooling, 

recuperation, topping and bottoming cycles etc. The geared single-rotation front 

fan and the high-speed IP compressor, or booster, are likely to be retained, but 

the other components may be rearranged. Reverse-flow-core arrangements, 

similar to the ATF3-6 turbofan [129], were investigated for an intercooled engine 

in LEMCOTEC [38], [39]. One such arrangement can be seen in Figure 7.   
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By placing the fan, IP compressor and turbines in front of the HP compressor, 

the HP system no longer had other shafts passing through it and was better 

isolated from thrust loads that cause casing distortions. The HP compressor 

efficiency was improved and the optimum OPR was increased, though in the 

LEMCOTEC study the final SFC and fuel-burn improvements relative to a more 

conventional geared-fan intercooled engine arrangement were assessed to be 

relatively small [18]. 

4.2.2 Intercooling 

Previous studies had shown that intercooling could improve large turbofan 

engine cruise SFC by around 3% in higher-OPR engines, though in smaller 

engines the benefit would be somewhat less [28] [97] [40]. Intercooling has 

been discussed in section 2.3 and the original intercooled engine concept from 

NEWAC has been shown in Figure 5. 

High-OPR intercooled engines are particularly sensitive to the loss of core 

component efficiency due to the relatively small size of their turbomachinery. 

An investigation of the sensitivity of engine performance to HP compressor and 

HP turbine scale effects is reported in section 7.3, which describes the 

modelling of a reference high bypass ratio turbofan engine with a conventional 

cycle and component technology levels projected to year 2050. The reference-

engine year-2050 technologies include improved materials and cooled cooling 

air (CCA) for cooling the HP turbine. The study considers the effects of scaling-

down the engine’s thrust requirements and/or adding an intercooler between the 

all-axial HP and IP compressors. Key performance parameters for the initial 

reference engine and the intercooled variant with the best SFC are listed in 

Table 19. Thrust levels are the same as those specified for the study engines in 

the EU Framework 6 NEWAC programme [29]. The full-scale engines provide 

260 kW of aircraft accessory power at all conditions, but no customer bleed air. 

Take-off performance is quoted for a hot-day end-of-runway case, so the static 

thrust would be higher. Refer to section 8.4 for fuel burn assessments of several 

different advanced-cycle engines including a higher OPR intercooled engine. 
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As both engines in Table 19 have the same specific thrust, the SFC differences 

reflect changes in the core thermal and transfer efficiencies, rather than 

changes in propulsive efficiency.  

Table 19 – Performance of the Original Reference and Intercooled Engines 

Parameter Brayton Cycle Intercooled Cycle 

Take-off at sea level, 0.25 M, ISA+15 K 

   Net thrust   (kN) 253 253 

   TET      (K) 1950 1950 

Mid-cruise at 10,668 m, 0.82 M, ISA 

   Thrust   (kN) 49 49 

   Specific thrust  (m/s) 72 72 

   Fan pressure ratio 1.33 1.33 

   OPR 64.4 91.9 

   Bypass ratio 20.7 27.6 

   SFC      (mg/N.s) 12.88 12.51 

   Relative SFC datum -2.9% 

Max climb at 10,668 m, 0.82 M, ISA+10 K 

   Net thrust   (kN) 67 67 

   OPR 75 120 

   SFC      (mg/N.s) 13.91 13.38 

   Relative SFC datum -3.8% 

4.2.3 Recuperation 

In a recuperated gas turbine, heat is extracted from the core exhaust and used 

to preheat the air entering the combustor. Previous recuperated engine 

concepts have been described in section 2.3 and Figure 6 showed the IRA 

concept from the NEWAC programme [29]. 

Rather than taking heat from LP turbine exit, the overall cycle efficiency could 

be improved by extracting more heat from an earlier inter-turbine location. This 

would enable an increase in the combustor inlet temperature, reducing the 

required fuel flow for a given recuperator effectiveness. However, moving the 
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recuperator too-far upstream is counter-productive because it reduces the 

power generated by the downstream turbine stages. Another option with similar 

effect would be to boost the inlet temperature to the recuperator by adding inter-

turbine reheat. Either option would tend to increase NOx emissions and is likely 

to make the LPP combustor design more problematic because higher inlet 

temperatures make auto-ignition and flash-back more likely. A different type of 

lean combustor might need to be adopted. 

The original IRA design for the CLEAN programme, and later for NEWAC and 

LEMCOTEC, particularly targeted reducing ‘Landing and Take-Off’ (LTO) cycle 

NOx emissions. These engines claimed 9–13% cruise SFC improvements 

relative to conventional-cycle reference engines [8]. Even though the actual 

benefit strongly depends on the technology level of the reference engines 

assumed, ongoing studies indicated that, relative to projected year 2050 

conventional cycle reference engines, significant improvements were still 

achievable by incorporating more advanced recuperation systems [7].   

4.2.4 Secondary Combustion 

A second combustor can be an inter-turbine combustor, or in a compound-cycle 

engine it can be a combustor positioned between the topping-cycle core 

machinery and the downstream turbines. Preferably these combustors would be 

of the ‘flameless’ variety, made possible by the high inlet temperature. Unlike 

the primary combustors, the secondary combustors would not need to be 

capable of altitude relight, since they would only be fuelled at high-power 

conditions. Secondary combustors for aero engines were researched in the 

project AHEAD (Advanced Hybrid Engines for Aircraft Development) by 

Technion [75]. Section 6.2.2 gives details of secondary combustor studies. 

In a simple-cycle gas turbine it is theoretically more efficient to maximize the HP 

turbine entry temperature by burning all the fuel in a primary combustor, rather 

than diverting some of the fuel to a secondary combustor, but in practice there 

is a limit to the TET that can be used because of the temperature capabilities of 

the materials, turbine cooling requirements and the increased NOx generation 
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at high combustor temperatures. In a high OPR engine it can therefore be 

beneficial to have a second combustor to reheat the core flow after some initial 

expansion in the first one or two turbine stages. Thermodynamic efficiency can 

be improved by raising the mean temperature of heat addition and by increasing 

the core specific power so that the losses in compression and expansion only 

apply to a smaller core mass flow. To compensate for the reduced core mass 

flow, the LP turbine may need a higher pressure ratio and an extra stage, but 

with a high-speed LP turbine and a geared fan, the smaller core mass flow 

should still tend to reduce overall engine weight.   

Adjusting the fuel-flow-split between primary and secondary combustors 

provides an additional off-design variable-cycle capability with a potential 

benefit from reducing the secondary combustor fuel flow preferentially at part-

power conditions. The engine would then run with higher OPR and primary 

combustor fuel/air ratio. However, this will only improve SFC if high component 

efficiencies are maintained when the cycle rematches. 

SFC improvements from secondary combustion alone may be modest, but the 

potential weight reduction could make a significant contribution to reducing fuel 

burn. However, since secondary combustion tends to raise TEGT, it is expected 

to confer greater SFC benefits to recuperated engines and engines with 

bottoming cycles. 

4.2.5 Variable Geometry 

Low specific thrust engines with low fan pressure ratios have un-choked bypass 

exhaust nozzles at take-off. This means fan mass flow is relatively reduced at 

low flight Mach numbers, risking either fan surge or flutter during take-off, or 

compromising fan efficiency at cruise and top of climb. These problems can be 

avoided with a variable-area cold-flow exhaust nozzle, or by having variable-

pitch fan rotor-blades. For the low specific thrust turbofan engines originally 

anticipated for 2050, one or possibly both of these solutions is likely to be 

needed. The variable-pitch fan also holds out the prospect of providing reverse 

thrust without a conventional thrust reverser, though an auxiliary intake may be 
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needed to provide reliable thrust-reversal at higher forward speeds. Avoiding 

the extra weight and extra nacelle drag associated with conventional thrust 

reversers means that optimised engine designs can benefit from lower specific 

thrust and higher propulsive efficiency.  

In this study it has been assumed that the year-2050 turbofan could have a 

variable-pitch geared fan with the capability to provide reverse thrust if needed. 

The IP and HP compressors would also have Variable Inlet Guide Vanes 

(VIGV). Having variable-pitch fan blades and/or IP compressor VIGVs enables 

the fan bypass-section pressure ratio and mass flow, as well as the fan root-

section and IP-compressor pressure ratios and mass flows, to be varied relative 

to their rotational speeds. Because the geared fan and IP compressor are 

driven in a fixed-speed relationship by the same turbine, this means the work-

split between the fan bypass section and the fan root and IP compressor can be 

varied by actuating these variables. This capability can be used to optimize the 

engine’s off-design performance. 

Part of the benefit from intercooling, or from intercooling and recuperation, also 

comes from creating variable-cycle engines. In intercooled engines, maximizing 

intercooling at take-off reduces combustor and turbine temperatures and 

enables reduced core size and lower NOx emissions. At climb and cruise 

conditions the amount of cooling air for the intercooler can be reduced, raising 

core cycle temperatures to improve thermal efficiency while also reducing 

pressure losses on the cold side of the heat exchanger. It may also be possible 

to reduce hot-side pressure losses at cruise conditions by allowing part of the 

core flow to bypass the intercooler, as proposed in [130], though no benefit has 

been claimed for this in the author’s performance modelling. 

The intercoolers and CCA heat exchangers use bypass duct air for cooling with 

the spent cooling air flows either mixed back into the main bypass duct, or 

ejected through separate exhaust nozzles to generate thrust directly. The 

amount of cooling in these heat exchangers is controlled by varying the cold-

side air flows by means of variable-area mixers or variable-area exhaust 
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nozzles.  In principle, mixing these heated air flows back into the bypass stream 

should be the more efficient option, thanks to the ‘mixing gain’ effect, but in 

practice it makes little difference because the temperature of the spent cooling 

air is not very much higher than that of the bypass stream air. For simplicity in 

performance modelling, it has been assumed that the spent cooling air flows are 

ejected through separate variable-area exhaust nozzles. 

Variable-area nozzles might also be added to the core and main bypass 

exhaust systems to improve jet-velocity matching and fan bypass-section 

efficiency and operability, as discussed in [97] and [40]. However, if the fan 

already has variable-pitch, then having variable-area exhaust nozzles as well 

should be unnecessary from the operability point of view, unless extremely-low 

fan pressure ratios would be adopted, which was not the case in these studies. 

There is also the option of adding a variable-area turbine inlet Nozzle Guide 

Vane (NGV) to vary the expansion ratios of the upstream and immediately 

downstream turbine stages. Engines using recuperation, including the IRA 

design and the in-service WR21 marine gas turbine, use variable-capacity LP 

turbines to rematch the engine cycles off-design [31]. At lower-power 

conditions, such as at cruise, partially-closing the LP turbine NGV will reduce 

core mass flow and OPR, while increasing TET and TEGT. This results in more 

heat being transferred to the combustor inlet via the recuperator, reducing the 

fuel demand and significantly improving part-power SFC.   

A variable-area IP turbine was investigated in the ANTLE research programme, 

as an alternative means of controlling the off-design IP compressor working line 

[131], but the high pressure and temperature environment of the IP turbine NGV 

made this a much more challenging mechanical design than a variable-area LP 

turbine. Variable-cycle capability introduces extra degrees of freedom in the 

optimisation of engine performance and can improve operability, so this needs 

to be considered when comparing different advanced engine-cycle options. 
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4.2.6 Topping Cycles 

The term ‘topping cycle’ can be taken to mean several different things. For 

example: it can mean the gas turbine in a combined-cycle powerplant where the 

gas turbine exhaust passes through a heat recovery steam generator (HRSG) 

to power a steam turbine (or other bottoming cycle).  It has also been applied to 

the solid oxide fuel cell (SOFC) in a hybrid SOFC/gas turbine power generation 

system.  In this study the topping cycle is taken to refer to the part of the overall 

engine cycle coming after the last turbo-compressor’s diffuser and before the 

first turbine stage, but only if the intervening components raise the maximum 

cycle pressure and/or generate shaft power. A conventional gas turbine core’s 

‘constant pressure’ combustion system does not qualify as a topping cycle.   

The simpler topping cycles provide pressure-rise combustion without additional 

shaft power output. They can for example use valve-less resonant pressure-rise 

combustors [47], pulse-detonation combustors with inlet valves [65], ‘wave 

rotors’ with rotary inlet and outlet valves [49] or ‘free-piston’ engines [17] [58]. 

Combustion is intermittent in these designs, but there is also the possibility of 

developing a rotating detonation wave combustor, where a detonation wave 

runs continuously around an annular combustion chamber [132].  Even though 

combustion would be continuous, the exiting flow would still be highly unsteady, 

but with perturbations generated at frequencies an order of magnitude higher 

than typical of intermittent-pulse-detonation combustors. 

Alternatively, the positive displacement topping cycles could involve more 

complex machinery to generate additional mechanical or electrical power. The 

power could be used to help drive the main propulsor, or to drive aircraft 

accessories, or to power a core compressor such as an IP turbo-compressor or 

an additional piston compressor. These are not new concepts, as several highly 

efficient turbo-compound aero engines were developed in the mid-20th century, 

though only the Wright R-3350 Duplex Cyclone turbo-compound went into 

airline service [133]. In that turbo-compound engine most of the power for the 

propeller came from the topping-cycle piston-engine, but it was supplemented 
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by power from turbines driven by the exhaust gasses. In the Napier E.145 

Nomad II engine, a larger proportion of the power came from the gas turbine 

[23]. Some more recent proposals for turbo-compound engines have preferred 

to generate most of the propulsor’s power from the turbomachinery, rather than 

the topping cycle, as this is expected to improve the power/weight ratio. Whurr, 

for example, proposed replacing the HP spool of a three-shaft turbofan with a 

large high-speed Wankel engine [50] that would just have driven the 

supercharging IP compressor, while the fan would have been driven by the 

turbine. Topping cycles using more conventional piston engines have been 

investigated in LEMCOTEC [44] and in ULTIMATE [58]. Like the Napier E.125 

Nomad I [23] these engine cycles also include secondary combustion upstream 

of the turbines. Different levels of power output from the piston engine core 

were considered and in studies at BHL a preferred configuration was found to 

have a piston engine driving additional piston compressors in order to further 

supercharge the core flow following an IP compressor [44]. 

Various mechanical arrangements are possible for power generating topping 

cycles, apart from conventional piston engines, free-piston engines and the 

Wankel rotary engine. Nutating disc designs appeared to offer advantages [5] 

and so have been studied in some detail, as described in Chapter 5. They are 

very compact and their inlet and outlet flows are more continuous than those of 

most other machines, potentially providing easier integration with turbo-

machinery. On the other hand they present significant design challenges, not 

least requiring complex rotor sealing arrangements, akin to those that have 

plagued development of Wankel engines and limited their applicability. The 

author’s conclusions regarding alternative topping-cycle machinery options are 

given in section 10.3. 

4.2.7 Bottoming Cycles 

Unlike the topping cycles described above, a bottoming cycle uses a working 

fluid that is separate from the main core engine fluid flow. The bottoming cycle 

normally takes all of its heat input from the main cycle’s core exhaust. For 
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energy applications the most common working fluid is water, as in the Rankine-

cycle steam turbines normally incorporated into combined-cycle powerplants.  

Potential alternative working fluids include ammonia, carbon dioxide and 

organic compounds. Kalina cycles are claimed to be more efficient, particularly 

for modest temperature ratios, but they are also more complex, using two fluids, 

typically water and ammonia [134]. Another possibility would be to use a Stirling 

cycle, but none of these options is likely to provide a power/weight ratio that 

would make it attractive for an aero engine application. 

Bottoming cycles are generally closed-circuit, but where air is the working fluid, 

an open-circuit cycle can be used instead. Air behaves like an ideal gas, so 

adiabatic compression results in a significant temperature rise and the 

compression process uses relatively large amounts of power. Conversely, the 

fluids used in closed-circuit systems are typically compressed close to or below 

their critical temperatures, where compression is more energy efficient and 

more nearly isothermal thanks to real gas properties. This means that closed-

circuit cycles have the potential for higher thermal efficiency than open-circuit 

cycles using air. 

For a closed-circuit bottoming cycle on an aero engine, supercritical carbon 

dioxide (S-CO2) has been considered a preferred working fluid and its use has 

been studied in the ULTIMATE project [9]. S-CO2 offers much more compact 

turbomachinery than steam, it has good thermal stability and it is not flammable.  

Keeping the CO2 supercritical avoids potential problems with two-phase flow 

and minimises the size of the turbomachinery. On the other hand, closed-circuit 

systems need not only to extract heat from the main engine’s core exhaust, but 

also to reject heat in an air-cooled pre-cooler or condenser ahead of the 

bottoming cycle compressor. A third heat exchanger, a recuperator internal to 

the S-CO2 closed-circuit, may also be used to pre-heat the compressed CO2 

ahead of the main heat exchanger, while cooling the reduced pressure CO2 

ahead of the pre-cooler. This closed-circuit recuperator (not to be confused with 

a recuperator in a recuperated engine cycle) might further improve the thermal 

efficiency of the stand-alone closed-circuit cycle. When added to a simple-cycle 
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gas turbine, the S-CO2 bottoming cycle was predicted to improve fuel-burn by 

almost 2%, with the prospect of further improvements if combined with inter-

turbine combustion and intercooling [9]. 

While the S-CO2 system has lightweight turbomachinery, its pre-cooler is a 

large heat exchanger comparable to the intercooler in a high-OPR intercooled 

engine or an IRA. Like an intercooler, it imposes a pressure loss on the cooling 

air that passes through it. With these considerations in mind, an open-circuit air-

cycle bottoming cycle has been considered a realistic alternative. A recent study 

of a turbofan including such a bottoming cycle, described as an ‘Exhaust 

Heated Bleed Engine’ (EHB), concluded that SFC might be improved by 3-8%, 

but the weight penalty and potential fuel-burn benefits were not assessed [10]. 

It is still not obvious which type of bottoming cycle should be preferred. The two 

variants might well provide similar fuel-burn benefits. For simplicity, the less-

complex open-circuit bottoming cycle has been modelled in this study to assess 

the potential benefits from bottoming cycles. It is assumed that the air it uses 

would be bled-off from the main core flow at a suitable point in the compression 

system. By analogy with cycles employing recuperation, a further benefit is 

expected from locating the main heat exchanger between two turbine stages a 

little upstream of the core exhaust nozzle. The higher gas temperature there will 

improve the bottoming cycle thermal efficiency and the higher gas density 

enables a more compact heat exchanger. Splitting a regular LP turbine into two 

parts, either side of the heat exchanger, generally gives an unsatisfactory 

engine mechanical arrangement. However, the novel reverse-flow-core engine 

architecture proposed in Figure 2 may offer a design solution. 

4.3 Qualitative Assessment of Potential Synergies 

All the individual technologies discussed in section 4.2 above, taken in isolation, 

were assessed as likely to improve fuel burn, particularly in long-range aircraft.  

Even the relatively heavy option of recuperation alone might well improve fuel 

burn, given recent advances in heat exchanger technology. 
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Other potential technologies, such as using alternative fuels or water injection 

were ruled out-of-scope for this study. These technologies have considerable 

potential for application to engines by 2050, but they should not affect the basic 

cycle selection. The same argument applies to hybrid-electric and distributed-

propulsion arrangements. While these technologies may also find applications 

on aircraft in the 2050 timeframe, they are not expected to influence selection of 

the top-level core-engine cycles and configurations. It is contended that the best 

cycles will be needed irrespective of propulsor arrangements in hybrid systems. 

To investigate the potential benefits of combining multiple technologies into a 

single powerplant, a matrix was drawn up to identify all possible combinations of 

five core engine technologies. Including intercooling, recuperation, secondary 

combustion and a bottoming cycle provides 16 possible combinations. These 

options were then permed with conventional combustion, topping cycles that 

can deliver pressure-rise combustion, or topping cycles that provide extra power 

output. This provided 48 possible options as shown in Figure 24. 

Based on anticipated synergies between the generic technologies, an initial 

qualitative down-selection of potential cycles was made from the 48 top-level 

technology combinations. The cycles selected as credible candidates to reduce 

SFC and fuel burn in long-range and short-range aircraft applications are 

indicated by green cells in Figure 24. Some good technology combinations, 

such as intercooling and recuperation, are well known. Others may be less 

obvious. The initial selection excluded technology combinations considered 

unlikely to offer an overall benefit relative to simpler combinations.  

Figure 24 includes some brief notes on the logic behind selecting the different 

combinations of technologies, but further details are given below.  

The first numbered option, cycle#01, gives a conventional Brayton cycle with no 

added technologies. It is applicable to turbofans like the reference turbofan in 

Table 19, but also to open rotor engines. (Note some cycle numbers are now 

out of sequence because the previous cycle notation in references [62] and [77] 

has been retained to avoid potential confusion.)  
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Figure 24 – Qualitative Assessment of Potential Synergies  

between various advanced cycle technologies 

The cycles numbered #02 to #12 were identified in [77] as being of particular 

interest. Cycle#13 was the most-complex, combining five different advanced 

technologies. It was not originally considered by the author to be an attractive 

option, but Herman Klingels noted that the core flow could be split, with part 

passing through a topping cycle and part going through a recuperator to the 

secondary combustor [17]. Therefore this combination is also of interest. 

Cycle numbers #14 to #19 have been added to Figure 24 since [77]. Cycle#14 

and cycle#15 are simpler alternatives to cycle#06. Cycle#16 and cycle#17 are 

simpler alternatives to cycle#03 as investigated by Florian Jacob. Cycle#18 was 

an intermediate step to modelling cycle#03, and cycle#19 was a simpler 

alternative to cycle#05 studied by Joshua Sebastiampillai [62]. (Subsequently it 

was shown that cycle#18 offered no benefits over the simpler cycle#02.) 
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Each of the top-level technologies in Figure 24 could be delivered in several 

different ways, so in principle a much larger matrix of design options could be 

constructed. Each of the individual technologies alone was considered likely to 

improve SFC and fuel burn, particularly in long-range aircraft. Even the 

relatively-heavy option of recuperation alone might improve fuel burn in a large 

engine, given advances in heat exchanger technology expected by 2050.   

Cycle#02 is a high-OPR intercooled engine. Intercooling is generally synergistic 

with other technologies, but the combination with a bottoming cycle is a poor 

one, because a high OPR intercooled engine has relatively low TEGT, severely 

limiting the potential efficiency of any bottoming cycle. However, if an inter-

turbine combustor is also added, then the TEGT would be increased and the 

bottoming cycle should give a useful benefit. This combination, cycle#03, was 

researched by Florian Jacob in ULTIMATE with the S-CO2 bottoming cycle 

option [9]. Increasing the TEGT gave scope for a more efficient bottoming cycle, 

but made the main cycle less efficient, so an overall cycle assessment was 

necessary to quantify the benefit. 

The combination of intercooling with pressure-rise combustion also displays 

synergy because it enables a significant combustor pressure rise to be obtained 

even with a high pressure ratio in the upstream turbomachinery. By varying the 

amount of intercooling and/or aftercooling, the combustor inlet temperature and 

kinetics can be held fairly constant over a wide range of off-design conditions. 

Another study in ULTIMATE has considered combining pulse detonation with 

intercooling and aftercooling [65]. This concept uses cycle#04 in Figure 24. SFC 

improvements of around 8% seem achievable relative to a reference 2050 high-

bypass ratio geared turbofan engine. These results confirmed the increase in 

core specific power and the potential to reduce turbomachinery weight, which 

could compensate for the weight penalties of a heavier combustion system. It 

was concluded that using aftercooling in cruise gave SFC penalties that would 

outweigh any possible benefit from a further increase in combustor pressure 

rise, but aftercooling could still be beneficial during higher-power operation, in 
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order to reduce HP compressor delivery temperature to decrease the risk of 

pre-ignition and reduce NOx emissions.  

More ambitious topping cycles combine well with intercooling and also with 

secondary combustion to enable boosted power for take-off and climb without 

generating excessive NOx emissions. This three-way combination is cycle#05 

on Figure 24, and adding a bottoming cycle as well gives cycle#06. Both these 

cycles have been investigated in ULTIMATE. The former was studied by 

Joshua Sebastiampillai for an open rotor powerplant [62] [14] and the latter has 

been studied by the author for a turbofan engine, as described in section 7.5.2.   

Combining recuperation with intercooling, as in the IRA, gives cycle#07 and 

adding inter-turbine combustion gives cycle#08. A bottoming-cycle main heat 

exchanger would be competing with the recuperator for the engine core’s 

exhaust heat, so it probably only makes sense to add a bottoming cycle to a 

recuperated engine if that engine also has an inter-turbine combustor to raise its 

TEGT. This gives cycle#09. In this last case the two heat exchangers could be 

placed in series after the turbines, with the recuperator the first in line. 

An intercooled and recuperated engine could have a pressure-rise combustion 

system giving cycle#10, but a more complex power-generating topping cycle 

seems unlikely to be beneficial in this case. This is because these cycles will 

generally want lower topping-cycle inlet temperatures to permit higher pressure 

ratios, ease cooling and help to limit NOx production. As in the previous 

examples, the options of adding an inter-turbine combustor after the pressure-

rise primary combustor, or of adding a bottoming cycle, could be attractive. 

These options give cycle#11 and cycle#12 respectively.  

These preliminary qualitative assessments assumed that the added intercooler, 

recuperator, topping cycle and/or secondary combustor would act in series on 

the same core mass flow. However, there might also be merit in a split cycle 

where the core flow is divided-up so that different combinations of technologies 

can be applied to parallel core streams. For example, some core flow might 

bypass the topping cycle and be heated by a recuperator before being added to 
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a secondary combustor as proposed by Klingels [17]. In this way there might be 

a case for combining all five different technologies, as in cycle #13, but such 

added complexity was considered beyond the scope of the current studies. 

4.4 Further Engine Cycle Down-selection 

Initial studies exploring the potential benefits of intercooling and of combining 

multiple technologies in one powerplant were reported in ULTIMATE deliverable 

D1.3 [67]. Details of the studies were subsequently disseminated in [40] [77]  

and [97]. The initial studies provided the rationale for down-selecting engine 

cycles and architectures to be studied in more detail.  

A major objective was to integrate a topping cycle with the gas-turbine in order 

to attack the ‘combustor’ losses in a regular Brayton-cycle gas turbine. Current 

combustion chambers have a total pressure drop that contributes to combustor 

losses and reduces thermal efficiency, but the entropy generation within the 

combustor is even worse, because the potential for the heat addition to raise 

the gas pressure is not exploited. The solution is to introduce technologies that 

provide a pressure rise during constant-volume combustion (the Otto cycle) or 

extract work during the combustion process at constant pressure (the Diesel 

cycle) or some combination of the two. Technology enablers for pressure-rise 

combustion include pulse detonation tubes, wave rotors with or without pulse 

detonation, various piston engine configurations and rotary engines including 

the Wankel engine and nutating-disc engines. Each of these concepts has its 

pros and cons when implemented in a composite cycle engine. 

The second major objective was to investigate the addition of a bottoming cycle 

to make better use of exhaust heat from the core engine. While a hot exhaust 

jet converts some of this available energy into additional thrust, this 

thermodynamic conversion process is relatively inefficient in low specific-thrust 

subsonic aero engines because of low total to static temperature ratios across 

the exhaust nozzles. In most cases a bottoming cycle makes better use of 

residual exhaust heat than a thrust nozzle.  
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There seemed little benefit in combining recuperation with topping or bottoming 

cycles, and because recuperation was being addressed in other ULTIMATE 

research projects, recuperation was deselected. This reduced the matrix of top-

level cycle combinations to that shown in Figure 25. 

 

Figure 25 – Variants on Cycle#06 to quantify Technology Benefits 

The author chose to investigate in more detail a turbofan with an open-circuit 

bottoming cycle, a topping cycle, intercooling and secondary combustion. Such 

an engine having the cycle#06 combines all the major technologies except 

recuperation. The performance modelling of this turbofan is described in section 

7.5, demonstrating its potential SFC benefit relative to the year 2050 reference 

turbofan, cycle#01. The cycle modelling was followed by multi-disciplinary 

assessment of the engines with design optimization and trade-studies for 

minimum fuel burn and emissions, as reported in Chapter 8.   

To quantify the contribution of each of the four new technologies to the overall 

engine performance, it was proposed to model four further variants, each 

omitting one of the four down-selected technologies: the air-cycle bottoming 

cycle, the power-generating nutating-disc topping cycle, intercooling, or 

secondary combustion. The four variants on cycle#06 are noted on Figure 25. 

They are: cycle#03 omitting the topping cycle, cycle#05 omitting the bottoming 

cycle, cycle#14 omitting intercooling and cycle#15 omitting the secondary 
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combustion. However, in the time available to the author, of these four further 

cycles, only cycle#03 has been modelled. 

4.5 Component Technology Down-Selection 

A further activity was the selection of specific technologies for detail study. For 

example, various options existed regarding topping and bottoming cycles.  

The only topping-cycle technology addressed by the author in any detail has 

been the nutating-disc arrangement. The double-disc nutating-disc engine is a 

fairly-recent pressure-rise combustion concept for the topping cycle, which it 

was thought might be competitive with more established topping-cycle 

technologies. Relative to conventional piston engines, the nutating disc-engine 

has several pros and cons, as investigated in Chapter 5. That assessment has 

highlighted challenges in the nutating-disc detail design, materials and bearings, 

particularly when developing the technology for the higher-OPR engines. 

Considering the severity of these challenges, it now seems likely that the 

development of alternative pressure-rise combustion systems would be more 

attractive alternatives. Nevertheless the performance cycles developed for use 

with nutating discs are also relevant to other pressure-rise-combustor designs 

with similar performance characteristics. 

Bottoming cycles can be open-circuit or closed-circuit systems. It is not obvious 

which would be preferable for an aero engine application so both options were 

addressed at Cranfield in the ULTIMATE project. A closed-circuit arrangement 

offers very compact turbomachinery and higher thermal efficiency than an open-

circuit cycle running on air. Air tends to make less-efficient bottoming cycles 

because it does not benefit from the reduced work required to compress a 

working fluid like CO2 that is used closer to its critical point. However, an open-

circuit air bottoming cycle (ABC) might have better power/weight and lower 

drag, because it avoids the need for a pre-cooler or condenser and the 

associated cost, weight and installation drag. The ABC may also be partially 

integrated with the main gas turbine cycle, with parallel flows through certain 

elements of the compressor and turbine systems.  
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A major factor determining the attractiveness of a bottoming cycle is the level of 

TEGT inherited from the main cycle. A high TEGT gives scope for a more 

efficient bottoming cycle, but it may also result from a less-efficient core-engine 

cycle. Section 6.3 investigates increasing the efficiency of the ABC by locating 

the heat exchanger between turbine stages, rather than downstream of the last 

turbine stage. In the former case the ABC heat exchanger hot-side inlet 

temperature would be higher than the TEGT. 

Intercooling technology was investigated at Chalmers University in ENOVAL 

and ULTIMATE, following earlier studies in NEWAC and LEMCOTEC. The 

preferred intercooler configuration typically had two-pass cross-flow with the 

hotter air contained in elliptical-section tubes in order to maximise the ‘area 

goodness’ of the design and minimise pressure losses. Alternative designs 

were reviewed in [59]. 

Secondary combustion can take place after a topping cycle and before the 

turbines, or between turbine stages, where it may be referred to as inter-turbine 

reheat (ITR) or inter-turbine burning (ITB). Design studies on possible 

secondary combustors for the cycle#06 turbofan are reported in section 6.2.2. 

4.6 Advanced Engine Architecture 

Cycle#06 combines four major technologies that between them will significantly 

reduce the core mass flow relative to the reference cycle turbofan. This 

confirms that the turbofan will need a geared fan on account of its high bypass 

ratio. It also makes the reverse-flow-core arrangement quite attractive as the 

small high pressure spool will not then need to have another shaft running 

through it. Reverse flow core arrangements have previously been investigated 

in the LEMCOTEC project [38] [39] [18]. 

The reverse-flow arrangement means that the intercooler can be moved to the 

aft end of the engine. Placing the topping cycle modules around the engine core 

is a fairly obvious choice and is consistent with the arrangements proposed by 

Kaiser [44] [58]. The secondary combustor is proposed as a fully annular design 
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discharging into the downstream HP turbine. The proposed arrangement is 

shown in Figure 26, which was included in the poster [19] presented by the 

author at Cranfield University in 2017. 

 

Figure 26 – A Possible Schematic Arrangement for Turbofan Cycle#06 

The turbines do not have the high overall expansion ratios of the reference and 

high-OPR intercooled engine cycles (as in Table 19) because much of the 

overall expansion occurs in the topping-cycle machinery instead. The main 

purpose of the turbines is to drive the fan through the reduction gearbox and to 

do this a multi-stage turbine design is needed, typically three or four stages.  

Optionally the HP turbine may also drive a small HP compressor to further 

turbocharge the topping cycle modules after the intercooler. This is shown in 

Figure 26. It should enable a lower compression ratio to be used in the topping 

cycle, thereby saving weight, but the studies reported in Chapter 7 initially 

suggested that it would be unnecessary, so it was not included in the whole-

engine performance model for cycle#06. The overall pressure ratio can be 

made up by having a higher pressure ratio in the nutating-disc compressor 

(NDC) or in the IP compressor. However further investigation showed that if the 

pressure ratio in the NDC would be increased to the desired extent then the 

inlet non-dimensional flow would exceed the expander non-dimensional outlet 

flow that would otherwise be taken to size the discs. A larger-diameter NDC 

would be required, but this would be undesirable not only because of adding 

weight, but also because of installation drag penalties. The alternative of having 
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a much higher pressure ratio IP compressor before the intercooler would be 

detrimental to performance, so most probably the centrifugal compressor would 

be retained in a fully optimised design. 

In the illustrated arrangement, power output from the topping cycle modules is 

added to the HP turbine shaft via bevel gears. However, a variable ratio 

transmission is likely to be needed, as it was in the case of the Napier Nomad II 

engine [23]. Figure 26 shows the IP compressor driven by the LP turbine (as in 

the Garratt ATF3 engine, which has a reverse-flow core). The IP compressor 

provides the core airflow going into the intercooler and also the working air for 

the open-circuit bottoming cycle. This air goes to the ABC heat exchanger 

(ABCHX), after which it runs through a two-stage turbine. It was originally 

proposed to integrate the second stage of this ABC turbine with the single-stage 

core-exhaust LP turbine, so that both flows could drive the IP compressor, but 

alternative turbine arrangements have now been modelled where the LP turbine 

is omitted and power from the ABC is added to power from the HP turbine and 

nutating disc to drive the fan and the IP compressor. Transmission designs are 

discussed in section 6.4. 

The reverse-flow core arrangement may not be the best arrangement for all of 

the advanced cycles identified in Figure 25, but it still seems an attractive option 

for cycles including intercooling. 
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5 NUTATING-DISC DESIGN STUDIES 

There are many options for topping cycle machines to be added to gas turbines 

to improve thermal efficiency, but this study focuses on nutating-disc machines 

that have the potential to generate additional power for propulsion, rather than 

just providing a pressure rise. Nutating discs (ND) offer some advantages over 

conventional piston or Wankel rotary engines, but they also present significant 

design challenges, particularly when highly turbocharged. It had been intended 

to compare nutating-disc modules with alternative designs, but with limited time 

it was decided to make a more detailed examination of the pros and cons of the 

nutating-disc options. Some of the work described in this section was previously 

reported in ULTIMATE deliverable D4.3 [62]. 

5.1 Thermodynamic Cycle 

The thermodynamic cycle that best describes a nutating-disc engine is part Otto 

Cycle and part Diesel Cycle, as described by Korakianitis et al. [52]. Figure 27 

from Joshua Sebastiampillai [62] shows a Pressure–Volume (P-V) diagram that 

represents the thermodynamic processes within a nutating disc engine.  It also 

includes a top-down view of a single-nutating-disc engine configuration to show 

where the thermodynamic processes occur. These processes are the same 

whether it has one disc or multiple compression and expander discs [54], and is 

only slightly modified by variant porting and valve arrangements. 

The processes as described in [62] with reference to Figure 27 are as follows: 

 Process 01-02: adiabatic isentropic compression of the working fluid. 

 Processes 02-04: adiabatic expansion of the fluid from the end of the 

compression process through the accumulator and finally to the combustion 

chamber. 

 Processes 04-06: constant volume combustion and constant pressure 

combustion (either spark or compression ignited) 

 Process 06-07: the adiabatic expansion of the combustion products through 

to the exhaust ports. 
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Figure 27 – Thermodynamic Cycle and Stations in a Single-disc Engine [62] 

These processes occur on both sides of the disc, with compression and 

expansion thermodynamic processes on one side of the disc lasting for about 

270° of shaft rotation and overlapping each other by about 90°. This means the 

engine achieves two complete cycles per shaft revolution, as opposed to 2-

stroke and 4-stroke internal combustion engines, where a full shaft-rotation only 

provides one, or half of, a complete cycle, respectively [53]. 

The methodology proposed by Korakianitis et al. describes the performance of 

a naturally-aspirated nutating-disc engine. The performance of the ND engine 

core is determined by a set of independent variables. A few of the independent 

variables that are needed to determine the steady-state performance of the ND 

engine core are: the isentropic compression efficiency, the expansion efficiency 

and the heat loss factor through the combustion chamber. In all, there are 

eighteen independent variables that affect the performance of the ND engine, 

according to the steady state performance model in [52].  
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Although Mohanarangan [55] and Sebastiampillai [67] [62] have generated 

performance models for nutating discs, the author chose to create new Excel 

models to simulate the dynamic performance of the compressor and expander 

discs and to apply a simple steady-state approximation to the results from these 

models in the overall engine performance spreadsheet described in section 3.1. 

A mechanical design concept for the corresponding double-disc module was 

developed in parallel and is described in the following section. 

Note: in order to calculate the typical size of a nutating disc module, preliminary 

whole-engine performance data for cycle#06 was used, specifically the exit flow 

at secondary combustor inlet, which is defined in Table 20 in Chapter 6. 

5.2 Nutating-disc Topping-cycle-module Design Concept 

Having two separate discs is preferred for a high-power engine. Two discs will 

double the mass flow and power output and balance-out each-other’s nutating 

motion if they are the same size and mass and aligned in mirror image to each 

other. A single disc, however, will force its unbalanced wobbling motion on to 

the engine mountings. Furthermore, any single-disc engine will have a hot 

hemisphere and a cold hemisphere introducing asymmetric thermal distortions.  

In double-disc arrangements each disc has ‘D2h’ cyclic symmetry (like a 

traditionally-patterned basketball) so the same processes occur simultaneously 

in diametrically opposed volumes. The separate compression and expansion 

nutating discs may have different shapes or sizes, though for simplicity both 

discs are initially assumed to have the same geometry. Figure 3, repeated here 

as Figure 28, shows the main features of the proposed topping-cycle module.  

The 3-D computer model was produced by Francesco Mastropierro, based on 

the author’s drawings and intermediate 3-D models from Eleni Chatzidimitriou. 

Half of the module is cut-away and the model is simplified by omitting the 

sealing features and details of the systems for fuel injection, oil cooling, ignition 

etc. This design was then realized as a display model for the ULTIMATE Project 

Stand at the 2018 Farnborough International Air Show, as shown in Figure 29.  
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Figure 28 – Concept for a Nutating-disc Topping-cycle Module 

(3-D solid model courtesy of Francesco Mastropierro) 

 

Figure 29 – Model of a Nutating-disc Module displayed at Farnborough 
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The model was also displayed at the ULTIMATE project Final Review Meeting 

in Brussels. It was assembled by the author from components manufactured by 

Malcolm Nicholls Limited and Eleni Chatzidimitriou. In this model, the two 

nutating discs are rotably-mounted on roller bearings on the Z-shafts as shown 

schematically in Figure 30. 

Rotation of the Z-shafts causes the discs to nutate, or ‘wobble’, because the 

discs are prevented from rotating with the shaft. They only rotate relative to the 

shaft. In this two-disc machine, the expander disc provides the power to drive 

the compressor disc and be exported to the rest of the engine via the bevel-

gear drive shown on the end of the compressor Z-shaft. Note the expander disc 

is on the left and the compressor disc is on the right in Figure 30. 

 

Figure 30 – Vertical Section through a Nutating-disc Module 

showing the main casings (blue and orange), the rotating shaft  

(yellow), the nutating discs (grey) and oil or oily components (green) 

Figure 30 also shows a concept for the oil feed, vent and scavenging 

arrangements for a real module, assuming that it would be installed with its 

main axis horizontal. The Z-shafts are provided with a central oil-feed from a 
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muff at the expander-end of the module and the oil is then distributed to the 

three bearing chambers. Excess oil passes to a gearbox at the compressor end.  

Each disc has a basic ‘flying-saucer’ shape, but with the disc rim cut-away in 

two places down to the spherical hub as seen in Figure 29. Each disc is centred 

in its ‘cheese-shaped’ or ‘doubly-truncated spherical’ chamber. Static wedges 

are inserted where the disc rims have been cut away. For the compressor disc, 

both wedges contain the inlet ports. For the expander disc each contains an 

exhaust port and connects two pre-combustors to the expander disc chamber 

as shown in Figure 31. The wedges also house the anti-rotation mechanisms. In 

the model, rotation of the discs is prevented by pins projecting from the disc 

hubs and slide in axial slots in the wedges. Assuming no clearance in the slots, 

the resulting true motion of a disc is similar to that in Figure 97 in Appendix D. 

 

Figure 31 – Composite Cross-section through an Expander-disc Chamber 

showing the wedges, an exhaust port and a pre-combustor  

For each disc, as the shaft rotates, two pairs of diametrically-opposed virtual 

lines-of-contact precess around the disc-chamber side-walls as the conical 

faces of the disc ‘roll-around’ against them. However, the disc rims and the 

sidewalls are not continuous, being interrupted by the wedges where the core 

flow enters and exits the compressor and expander chambers.  
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In practice there is no direct physical contact between the discs and the 

sidewalls because the sealing is provided by ‘radial’ sealing elements. These 

elements must accommodate a little sliding contact, since the relative motion of 

the conical faces of each disc against the two side-walls is not pure rolling. 

Rolling contact with either side would require the disc to precess and this is 

prevented by the anti-rotation features.  

The sealing for nutating disc machines is complex and somewhat similar to that 

of Wankel engines. Figure 30 shows oil seals around the hubs of the discs and 

sealing strips at the rims of the nutating discs, but further vital sealing elements 

not shown in this cross-section. Detail design of the seals was out-of-scope for 

this study, but the seals proposed for an earlier design are shown in Figure 32.  

 

Figure 32 – Possible Nutating Disc Sealing Arrangements [135] 

At any instant the seals isolate either four or six separate volumes within the 

cheese-shaped casing and between the wedges. The number depends on the 

rotational position of the Z-shaft and the angle of the disc relative to the 

wedges. As the shaft rotates, these volumes serially expand and contract, with 

the air or gas inside them clocking-around in the same direction as the shaft 

rotates until squeezed-up against a wedge. The air or gas enters or exits each 

moving volume via exposed ports in the wedges or via valves in the side-walls.  
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The air that is compressed by the compressor disc passes through non-return 

valves into the accumulator. This includes the spaces between the inner and 

outer walls of the casings, shown as blue in Figure 30. The double-walled 

compressor and expander casings, the end casings and the accumulator casing 

in the middle are all interconnected. Thus the compressed air can pass from the 

cooler compressor-end to the hotter expander end of the module, where it cools 

the expander casing and the sidewalls for the expander chamber. The air then 

passes through transfer pipes and valves to the pre-combustors, where the fuel 

is injected and ignition occurs before the hot gasses expand and do work within 

the expander chamber. The pressure of the gases in this chamber causes the 

expander-disc to nutate and drives the rotation of the Z-shafts. This provides 

more than enough torque to make the compressor disc nutate. The remaining 

power is then exported via a bevel-gear drive to be added to the turbine shaft 

driving the geared fan, as shown schematically in Figure 2. 

The proposed new ND module design shares some novel features with the 

designs proposed by Joshua Sebastiampillai in [67] and [62], but in detail it 

differs significantly from these and earlier ND engine proposals. The discs were 

provisionally sized at 360 mm diameter for the cycle#06 engine as explained in 

section 5.4. The display model has 240 mm diameter discs and so is nominally 

two-thirds-scale. These discs are larger than most of the designs from Meyer, 

Korakianitis and Cochereau, but consistent with accommodating the cycle#06 

turbofan engine core mass flow in six modules. However, the larger disc 

diameter creates dynamic stresses that are an order of magnitude higher than 

the earlier 101.6 mm diameter designs if they would be run at the same speed. 

Shaft speeds of around 6000 rpm were envisaged. 

Figure 4 showed the proposed arrangement of six modules equally spaced 

around a secondary combustor. The secondary-combustor in this scale drawing 

was sized as it was for the second CFD study described in section 6.2.2.  The 

outer diameters of the nutating-disc casings are 420 mm, consistent with 

360 mm diameter discs. However, an improved installation design (with lower 

bypass duct loss or nacelle drag) would be possible if the discs could be 
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reduced to 300 mm diameter and the casings reduced to 350 mm diameter. 

These figures cover the range of sizes originally anticipated for the final scaled 

engine design with six modules. 

It is not necessary that the compressor and expander discs should have the 

same size and geometry, and for Sebastiampillai’s open rotor engine study, the 

compressor and expander discs were individually sized. However, from the 

mechanical design point of view there are advantages in making their diameters 

the same, or very similar. It means the casings can be assembled using a single 

set of long ‘through-bolts’ to hold them together, as indicated in Figure 33. 

Having equally-sized discs does however place some constraints on the 

performance cycles that can be selected. 

The new design integrates the accumulator volume within the mainly-cylindrical 

outer casings, so that the compressor and expander disc chambers are 

jacketed by compressor delivery air. This means that most of the heat lost 

through cooling the expander disc casings is fed back into the air going to the 

pre-combustors. The design is therefore referred to as the Recuperated 

Nutating-Disc Module (RNDM), though the pre-combustors themselves are 

anticipated to need extra cooling, which is why they are shown with cooling fins, 

similar to air-cooled piston engines. All the casings are expected to run hot, 

which provides tribological challenges for the seals. Seal deterioration could be 

the Achilles heel of the RNDM, but it is anticipated that new materials could be 

developed by 2050 to address this problem. 

A key feature of any nutating-disc engine design is the constraint provided to 

the discs to stop them rotating with the Z-shafts. Without dedicated anti-rotation 

devices there would be excessively-high contact forces and high wear-rates on 

the disc-to-wedge sealing elements. Various anti-rotation arrangements are 

possible and their detail design determines the exact motion of the discs. For 

the display-model the anti-rotation features are just steel pins projecting from 

the hubs of the discs and running in slots in the plastic ‘wedge’ components, but 

more sophisticated low-friction designs were studied for a real engine.  
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It is assumed that the expander disc and its sealing elements will be fabricated 

from advanced ceramic-composite materials and will run hot, so its gas-washed 

surfaces will not be cooled. The internal bearing-chambers would be insulated 

by thermal barrier coatings to reduce the heat transferred to the oil, but high oil-

flows will likely still be needed to maintain acceptable temperatures for the  

Z-shafts and bearings.  

 

Figure 33 – Cut-away View on ND Module showing Combustion System 

Figure 33 also shows some details of the pre-combustors and their compressed 

air supply, fuel injectors and ignitors. The two adjacent pre-combustors are fired 

alternately. Compression ignition was briefly considered, but judged to be 

impractical in this engine configuration. However, with electronic control of the 

air inlet valve and fuel injectors it should be possible to stratify the charge in the 

pre-combustor and run lean to minimise NOx emissions. Fuel can continue to 

be injected into the pre-combustor after ignition, but the increase in pressure 

with constant volume combustion will tend to shut-off the air supply. (A non-

return valve, shown as light blue in Figure 33, is included to prevent back-flow 

of air towards the accumulator.) This implies three possible ways of operating 

the engine: 

1. Introduce all the air at once and aim to maximise the pressure rise through 

near-constant-volume combustion. 
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2. Add the air and fuel gradually and aim for constant pressure (diesel-cycle) 

combustion. 

3. Interrupt the supply of air during an initial pressure spike following ignition 

and resume air (and fuel) injection for a limited period after the pressure has 

fallen below the pressure in the accumulator. 

Each approach has its pros and cons, and different approaches might be 

followed at different engine power-levels and in different flight regimes. Further 

options are opened-up by the ability to vary the compression ratio and the 

amount of intercooling. A fixed-ratio transmission would link the Z-shaft 

rotational speed to the fan (though there is also the possibility to have a 

variable-pitch fan and/or a variable ratio transmission, as was employed in the 

Napier Nomad CCE [23].) 

The precombustors in the nutating-disc model have not been definitively sized 

in relation to the volume swept by the discs. As illustrated in Figure 31 and in 

other figures in this section, the pre-combustors are relatively larger than in 

previous designs or shown in Meyer’s patent for example [51]. While no sizing 

calculations were made, it was argued that a highly turbocharged ND machine 

would normally operate at lower compression ratio than a normally aspirated 

design. It would therefore expect to have relatively-larger volumes of air being 

injected into the pre-combustor, relative to the overall capacity of the expander.  

Earlier studies have investigated varying the ratio of constant volume to 

constant pressure combustion in nutating disc engines. This will depend on the 

way in which the engine is operated. To avoid overcomplicating the initial 

performance studies with different options, the performance has been modelled 

using option 2 above, i.e. assuming diesel-cycle operation. 

Intercooling the upstream compression system enables the ND modules to run 

with higher core inlet pressures, but without excessive inlet temperatures. It has 

the potential to increase efficiency and reduced NOx emissions. By increasing 

the inlet air density, this reduces the compression work and results in module 

designs that are more compact, but the higher operating pressures also 
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increase mechanical loads on bearings etc. Most previously proposed nutating-

disc engine designs have been ‘normally aspirated’, i.e. without supercharging 

or turbocharging, so they have not needed to address the same problems. 

5.3 Nutating-disc Compressor Time-marching Model 

In comparison with a gas turbine the compression, combustion and expansion 

processes in the nutating-disc modules are discontinuous, though not so 

discontinuous as those in a single-piston engine. To better understand these 

processes, time-marching models were created in Excel. Since the proposed 

topping-cycle modules have compressor and expander discs operating in 

separate chambers, the compressor and expander performance can be 

analysed independently.  

The compressor model was created first and is simpler. It assumes the inlet 

pressure and exit pressure are constant and that all the compression occurs 

within the nutating disc chamber. In reality the accumulator volume will be finite 

so its pressure (and temperature) will not be constant, but these are second-

order effects that can be ignored provided the accumulator volume is relatively 

large. It is also assumed that the sealing of the discs is perfect with zero seal 

clearance, compression is adiabatic, the ports and valves open instantaneously 

and there are no pressure losses through them, which will tend to give 

optimistic performance predictions at high rotational speeds. However some 

irreversibility is allowed for by taking the polytropic compression efficiency to be 

95%, which is not atypical for positive displacement machines. (Gamma is fixed 

at 1.4.) In the proposed design, some heat will seep into the compressor from 

the accumulator, though this should be limited by the use of thermal barrier 

coatings and some is heat also removed by oil cooling of the bearing chambers.  

To a first approximation the heat ingress may be accounted for by the assumed 

compression efficiency. As great accuracy is not demanded, the nutating disc is 

conveniently divided into coarse ten-degree segments, or cells, as shown in 

Figure 34, and each time-step is taken to correspond to a 10° clocking of the Z-

shaft. Small-angle approximations are made. Supposing the shaft axis is 
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vertical, the space above each 10° disc segment and below the casing is 

treated like a column that has a sinusoidal variation in its height and volume.  

 

Figure 34 – Schematic Diagram showing how Cells are modelled 

Given the symmetry of the disc, chamber and wedges, it is only necessary to 

model what happens in one quadrant: i.e. in the top half, and in one 140° space 

between two wedges, as shown in Figure 34 and Figure 35. However, it is 

necessary to consider a full 360° shaft rotation to model the full cycle of 

operation. The Excel model keeps track of what happens in each cell.  

 

Figure 35 – Schematic Cross-section showing Cells in Different Quadrants  

 as modelled in the Excel spreadsheet 

All cells that are in direct contact with each other have the same pressure and 

temperature at any one time. When the inlet port is open, the pressure in the 

connected cells is the inlet pressure. When the non-return valve (in the last 
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segment before the wedge) is open, the pressure in the connected cells 

matches the accumulator pressure and the compression work is finished. This 

is not strictly correct if the accumulator is being charged-up, as then more work 

must be done. However, in quasi-steady-state operation, as much air will be 

leaving the accumulator as entering it, so on average no extra work will be 

required to transfer the air into the accumulator. Also, because of the discrete 

time-steps, there can be an overshoot in pressure before the non-return valve 

opens (unless the valve is set to open at the modelled pressure). Thus the 

model is more accurate when the accumulator pressure is set to match the 

trapped air’s pressure at a particular time-step. In the proposed design the 

accumulator pressure is determined by the operation of valves admitting the air 

into the pre-combustors. This means that the accumulator pressure, once it has 

been built-up, can be regulated, so that the compressor can be operated at 

variable pressure ratios. However, assuming the inlet porting geometry is fixed, 

the inlet volume flow rate and the mass flow for a given inlet air density will tend 

to be proportional to the Z-shaft rotational speed. In practice however the mass 

flow will tend to be smaller than calculated in the model, due to seal leakage at 

low rotational speeds and due to increased intake pressure losses at high 

rotational speeds. There may also be a small amount of back-flow from the 

accumulator if the non-return valve does not close promptly. 

Figure 36 shows a part of the spreadsheet listing the volume of each cell in one 

quadrant. The cell contents are colour-coded to show the cells in contact with 

each other. For the induction stroke the cells are coloured blue and for the 

compression stroke the cells are coloured red. Each new row in the 

spreadsheet represents a later time step. Each time-step adds or subtracts one 

cell from each group, such that the combined volumes wax and wane as the  

Z-shaft rotates and as the line of contact between the disc’s upper conical flank 

and the flat (top) side-wall clocks-around, one cell at a time. The inlet wedge is 

on the right-hand side of the matrix and the air flow is predominantly from right 

to left, though there can be some temporary flow-reversal at the inlet. (Note this 

is opposite to the direction of flow indicated in Figure 34.) 
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Figure 36 – Part of the Excel Time-marching Model for the ND Compressor 

Subsequent blocks or matrices of data list the computed mass, pressure and 

temperature of the air in each cell, and in each colour-coded group of cells. The 

total inlet and outlet mass flows over a full shaft-rotation are also compared. 

Since only one side of one half of the disc is modelled, only a quarter of the 

overall mass-flow through the compressor is accounted, so the overall mass-

flow in one nutating-disc module is four-times the modelled flow. The work done 

is calculated and various parameters are plotted. 

While cells are in contact with the inlet wedge, their pressures and temperatures 

are the same as the inlet pressure and temperature, but once the connected 

cells are closed-off from the inlet, the connected volume is reducing and the 

pressures and temperatures in all of the connected cells increase together until 

the pressure matches the pressure set for the non-return valve to open.  

Volumes of segments cc Red cells are reducing volumes in compression Blue cells are increasing volumes during induction

5° 15° 25° 35° 45° 55° 65° 75° 85° 95° 105° 115° 125° 135° 145° 155° 165° 175° Anti-

0.09 0.26 0.44 0.61 0.79 0.96 1.13 1.31 1.48 1.66 1.83 2.01 2.18 2.36 2.53 2.71 2.88 3.05 Phase Total Red Blue

0 0.00 0 0 55 41 28 17 9 3 0 0 3 9 17 28 41 55 0 0 180 308 154 154

10 0.17 0 0 41 28 17 9 3 0 0 3 9 17 28 41 55 71 0 0 190 324 99 225

20 0.35 0 0 28 17 9 3 0 0 3 9 17 28 41 55 71 87 0 0 200 370 58 312

30 0.52 0 0 17 9 3 0 0 3 9 17 28 41 55 71 87 104 0 0 210 446 30 417

40 0.70 0 0 9 3 0 0 3 9 17 28 41 55 71 87 104 121 0 0 220 550 13 537

50 0.87 0 0 3 0 0 3 9 17 28 41 55 71 87 104 121 136 0 0 230 677 4 673

60 1.05 0 0 0 0 3 9 17 28 41 55 71 87 104 121 136 151 0 0 240 824 0 824

70 1.22 0 0 0 3 9 17 28 41 55 71 87 104 121 136 151 163 0 0 250 987 987

80 1.40 0 0 3 9 17 28 41 55 71 87 104 121 136 151 163 174 0 0 260 1161 1161

90 1.57 0 0 9 17 28 41 55 71 87 104 121 136 151 163 174 183 0 0 270 1340 1340

100 1.75 0 0 17 28 41 55 71 87 104 121 136 151 163 174 183 188 0 0 280 1520 1520

110 1.92 0 0 28 41 55 71 87 104 121 136 151 163 174 183 188 191 0 0 290 1694 1694

120 2.09 0 0 41 55 71 87 104 121 136 151 163 174 183 188 191 191 0 0 300 1857 191 1666

130 2.27 0 0 55 71 87 104 121 136 151 163 174 183 188 191 191 188 0 0 310 2004 379 1625

140 2.44 0 0 71 87 104 121 136 151 163 174 183 188 191 191 188 183 0 0 320 2131 562 1569

150 2.62 0 0 87 104 121 136 151 163 174 183 188 191 191 188 183 174 0 0 330 2235 736 1498

160 2.79 0 0 104 121 136 151 163 174 183 188 191 191 188 183 174 163 0 0 340 2311 900 1411

170 2.97 0 0 121 136 151 163 174 183 188 191 191 188 183 174 163 151 0 0 350 2357 1050 1307

180 3.14 0 0 136 151 163 174 183 188 191 191 188 183 174 163 151 136 0 0 0 2373 1186 1186

190 3.32 0 0 151 163 174 183 188 191 191 188 183 174 163 151 136 121 0 0 10 2357 1307 1050

200 3.49 0 0 163 174 183 188 191 191 188 183 174 163 151 136 121 104 0 0 20 2311 1411 900

210 3.67 0 0 174 183 188 191 191 188 183 174 163 151 136 121 104 87 0 0 30 2235 1498 736

220 3.84 0 0 183 188 191 191 188 183 174 163 151 136 121 104 87 71 0 0 40 2131 1569 562

230 4.01 0 0 188 191 191 188 183 174 163 151 136 121 104 87 71 55 0 0 50 2004 1625 379

240 4.19 0 0 191 191 188 183 174 163 151 136 121 104 87 71 55 41 0 0 60 1857 1666 191

250 4.36 0 0 191 188 183 174 163 151 136 121 104 87 71 55 41 28 0 0 70 1694 1694

260 4.54 0 0 188 183 174 163 151 136 121 104 87 71 55 41 28 17 0 0 80 1520 1520

270 4.71 0 0 183 174 163 151 136 121 104 87 71 55 41 28 17 9 0 0 90 1340 1340

280 4.89 0 0 174 163 151 136 121 104 87 71 55 41 28 17 9 3 0 0 100 1161 1161

290 5.06 0 0 163 151 136 121 104 87 71 55 41 28 17 9 3 0 0 0 110 987 987

300 5.24 0 0 151 136 121 104 87 71 55 41 28 17 9 3 0 0 0 0 120 824 824 0

310 5.41 0 0 136 121 104 87 71 55 41 28 17 9 3 0 0 3 0 0 130 677 673 4

320 5.59 0 0 121 104 87 71 55 41 28 17 9 3 0 0 3 9 0 0 140 550 537 13

330 5.76 0 0 104 87 71 55 41 28 17 9 3 0 0 3 9 17 0 0 150 446 417 30

340 5.93 0 0 87 71 55 41 28 17 9 3 0 0 3 9 17 28 0 0 160 370 312 58

350 6.11 0 0 71 55 41 28 17 9 3 0 0 3 9 17 28 41 0 0 170 324 225 99

360 6.28 0 0 55 41 28 17 9 3 0 0 3 9 17 28 41 55 0 0 180 308 154 154

Segment Occupied volumes

Phase/Angle
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Although no back-flow is modelled through the non-return valve, the same is not 

true of the inlet port. This is because the connected volume starts to reduce 

before it is closed-off from the inlet. The phase angle at which the inlet closes 

can be set by the user. This could simply be when the line of contact between 

the disc and the side-wall reaches the first cell after the inlet wedge, but by 

engineering a narrower transfer port from the inlet wedge to the first cell, it is 

possible to make the port close earlier and so trap more air.  

In the current studies it is assumed that the inlet port on the modelled side of 

the disc is closed-off for 110° out of the 360° of shaft rotation. However, when 

there is no inlet flow (or some back-flow) on one-side of the disc, there is always 

incoming flow on the other 180° out-of-phase side, so the combined flow into 

the shared inlet-port is always uni-directional. 

Knowing the pressures in each cell, it is possible to calculate the forces and 

bending moments imposed by the gas loads on to the Z-shafts. The gas 

bending moments that are perpendicular to the plane of the Z-shaft apply a 

torque to the shaft, which varies according to the phase-angle or time-step. The 

shaft-torque driving the compressor peaks just as the non-return valve opens 

and the peak value depends on the accumulator pressure, though it is not 

directly proportional to it. The loads on the bearings between the Z-shaft and 

the disc are also computed, taking account of the forces both parallel and 

perpendicular to the plane of the Z-shaft. The forces due to the gas loads vary 

with the phase angle, but the total loads on the bearings include inertial loads 

that are continuous and proportional to the square of the rotational speed. 

User-inputs enable the disc diameter, disc-rim thickness, disc hub/tip ratio and 

angle of nutation to be varied. Based on design studies assuming six modules, 

and matching the ND expander outlet capacity to the preliminary performance 

from Table 20, the disc diameter was set to be 360 mm, with hub/tip ratio of 

53% and an angle of nutation of 20°. The hub/tip ratio was increased from 50% 

to 53% to make more space for the bearings between the Z-shaft and the disc. 
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The angle of nutation was limited to 20° in order to accommodate oil seals 

around the hub of the nutating disc. 

The following example outputs are for a case where the inlet pressure is 

5.6 bar, the inlet temperature is 120° C and the shaft speed is 6900 rpm. The 

accumulator air pressure is set at 70 bar and the compressor outlet air 

temperature is 840 K. Figure 37 shows how the total pressures at the non-

return valve vary with the Z-shaft phase angle, both for the modelled cells and 

for those cells that are 180° out of phase with them.  

 

Figure 37 – Example of Pressures adjacent to the Non-return Valves 

The differential pressure acting across the centre of each modelled segment of 

the disc, as a function of the phase angle, is shown in Figure 38. These 

differential pressures generate the bending moments that react the Z-shaft 

torque that drives the compressor, as shown in Figure 39. The mass of the 

orbiting bearings and the inertia of the discs also add to these bending 

moments. For the proposed bearings, bearing locations and masses of the 

bearings and disc, the total bending moments are as shown in Figure 40. These 

figures are calculated assuming the Z-shaft is rigid, runs at constant speed and 

is not subject to any torsional vibration or resonance. The resulting journal loads 

acting on each of the pair of bearings between the disc and the  

Z-shaft are shown in Figure 41. 
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Figure 38 – Differential Pressures acting across Each 10° Disc Segment 

 

Figure 39 – Resolved Gas-load Bending Moments acting on the Z-shaft 

 

Figure 40 – Resolved Total Bending Moments acting on the Z-shaft 
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To put these loads into context, it should be appreciated that there are 

proposed to be 12 such compressor disc bearings in the engine, and each one 

sees a peak journal load significantly higher than the engine’s gross take-off 

thrust. Furthermore, the compressor delivery pressure has been limited to 70 

bar in this example, whereas the delivery pressure would ideally be in excess of 

100 bar at take-off for better performance.  

 

Figure 41 – Journal Loads on a Compressor Disc Bearing 

The calculated bearing loads are also up to twice the quoted dynamic-load limit 

for a commercial roller bearing such as ‘SKF NU 2310 ECP’, and an order of 

magnitude higher than the fatigue limits quoted for this bearing with oil-jet 

lubrication, as assessed using the SKF on-line bearing calculation tool [136].  
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filtered lubricating oil, should withstand higher fatigue loadings than commercial 

bearings, but it is clear that the highly-turbocharged nutating-disc machines will 

stretch existing rolling-element bearing technology. It should also be noted that 

the expander discs’ bearings will experience even higher loads than those of 
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are not. However, it seems that the proposed roller bearings will be grossly 

overloaded at the operating pressures desired for the advanced cycle engines. 

Even with the best aerospace-standard bearings, lubrication and oil filtration 

quality, the fatigue lives are likely to be limiting. Aerospace-quality roller 

bearings would probably give adequate life in a normally aspirated nutating-disc 

engine delivering air to an accumulator at 20 bar, but in the absence of 

significant improvements in bearing technology by year 2050, it is likely that 

plain bearings with high-pressure oil-feed would need to be substituted. No 

calculations have been made for such bearings. 

Making the bearings larger would not help much, because it would increase the 

inertial loads. Furthermore, the space envelope available for the bearings has 

already been fully utilised for the proposed 53% hub/tip ratio disc design.  

Note the bearings supporting and axially locating the Z-shaft are not so highly 

loaded, are not subject to orbital motion. They also have space-envelopes that 

are less constrained, so they are not limiting the overall design. 

5.4 Nutating-disc Expander Time-marching Model 

This model was developed from the compressor model, initially just by running 

the compressor model in reverse. However the expansion process is more 

complicated than the compression process because it includes fuel injection, 

ignition and combustion and higher levels of heat transfer. Because of the 

higher temperatures and cooling requirements, these effects cannot be ignored. 

Nevertheless, even in its primitive state the basic model was useful in sizing the 

expander disc. This is because it could model the exit flow corresponding to the 

preliminary performance specified in Table 20, even when the peak cycle 

pressures and temperatures were uncertain.  

It has been assumed that the ignition occurs inside the pre-combustor just as it 

opens to the expander chamber. The gasses would then be admitted to the 

expansion chamber, where additional combustion and heat-release occurs. On 

completion of combustion adiabatic expansion follows until the pressure drops 
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to the exhaust back-pressure. To simplify the calculations, they were performed 

in reverse, starting with the known exit pressure, gamma was assumed to be 

constant at 1.333 and the polytropic expansion efficiency was taken as 95.24%.  

Thus it was concluded that with six ND modules for cycle#06, each disc should 

be 360 mm diameter and the Z-shaft should rotate at about 6900 rpm at take-

off. The disc diameter and number of modules were then fed into the whole-

engine mechanical design study. 

5.5 Nutating-disc Mass-flow Continuity 

One advantage of nutating-disc core modules is that they have continuous 

compressor inlet and expander outlet flows, though these flows are not entirely 

steady. This continuity makes integration with upstream and downstream 

turbomachinery easier and with less loss of efficiency than most other types of 

topping cycle, though wave rotors are similar in this respect. 

The time-dependencies of mass flows into and out of the ND compressor are 

shown in Figure 42. This shows the total flow through both intake wedges and 

for both sides of the disc (i.e. for all four quadrants). Note the outlet flow is at a 

maximum when two of the four non-return valves have just opened. 

 

Figure 42 – Total Flows in and out of a single ND Compressor 
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between the six modules. With each module running 60° out of phase with the 

next one, then the overall mass-flow is much steadier. Furthermore, the 

proposed engine design has an intercooler upstream of the ND modules and 

this will act like a plenum chamber between the turbomachinery and the ND 

modules and help damp-out the residual mass flow and pressure fluctuations. 

Considering the exhaust flows exiting the nutating disc modules, the outlet 

pressure and temperature were set to 21 bar and 1453 K respectively in order 

to match the take-off performance targeted in Table 20. The inlet pressure and 

temperature, when the transfer port from the pre-combustor first opens, were 

originally estimated as 138 bar and 2277 K. However that assumed all the fuel 

would be injected before ignition. In practice it seems preferable to have a more 

diesel-like cycle with the fuel introduced progressively. This will reduce the peak 

cycle pressure and temperature and tend to reduce NOx emissions.  

By arranging the six nutating disc modules to be 60° out of phase with each 

other, steadier expander outlet flows are generated, as shown in Figure 43. 

 

Figure 43 – Total Flows out of ND Expanders with Equal Pipe Lengths 
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the ripple in the overall exit mass flow rate from the six modules can be reduced 

to less than 1% as shown in Figure 44. After passing through the secondary 

combustor the pressure-fluctuations should be negligible, eliminating any 

adverse effects on downstream turbines.  

These plots assume the exit pressure is constant. In practice the pressure will 

also vary, depending on the intervening volume between the ND modules and 

the turbine nozzle guide vanes. The pressure variations will be small if the 

volume of the secondary combustor is, as proposed, relatively large.  

Results from these time-marching Excel models and other component-level 

studies were used to refine the steady-state performance assumptions made in 

the main Excel whole-engine performance models.  

 

Figure 44 – Total Flows out of ND Expanders with Unequal Pipe Lengths 
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development of advanced ceramic-matrix composite materials. However, the 

design concept still relies on poppet valves and complex sealing systems. The 

latter are likely to need significant R&D efforts to demonstrate the necessary 

reliability and durability for a commercial aircraft engine. Also, while the bearing 

loads may be acceptable in a normally-aspirated nutating-disc machine, the use 

of rolling-element bearings may not be possible when operating at the high 

peak pressures and shaft rotational speeds targeted for highly-turbocharged 

engine cycles. Current bearing technology is only expected to deliver very 

limited life. Other problems include the likely need for spark ignition and the 

probability of high oil-consumption resulting in increased particulate emissions. 

The efficient nutating-disc core-engine design concepts are therefore highly 

dependent on further enabling technology developments in the following areas: 

 Ceramic matrix composite materials 

 Materials for high-temperature oil-free sealing elements 

 Improved bearing materials and lubrication      

While significant advances in these areas are anticipated by 2045 to support 

TRL6 for 2050, the pace of progress is uncertain. The current level of nutating-

disc technology is about TRL3 and only TRL2 for the design described above. 

It is the opinion of the author that an alternative topping-cycle design using 

opposed-piston and/or free-piston technology is likely to prove more attractive 

than nutating discs, and therefore research into those technologies should be 

given higher priority. 
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6 OTHER NOVEL COMPONENT DESIGN STUDIES 

To make realistic ‘bottom-up’ performance assessments for the advanced-cycle 

engines it was first necessary to create models for their novel components.  

These component models enabled the viability of the novel component designs 

to be assessed and weight estimates to be produced. However, in order to 

produce these models it was necessary to put the designs in a whole-engine 

context. Thus a preliminary ‘top-down’ estimate of the performance of an engine 

with the full cycle#06 combination of novel technologies was generated. As 

shown in Table 20 it targeted an ambitious 20% reduction in SFC relative to the 

reference turbofan engine. These preliminary performance figures were used 

for designing the nutating-disc modules and the secondary combustor.  

Table 20 – Preliminary Performance for Cycle#06 Component Design 

Engine Parameters Units Top of Climb Mid-Cruise EOR Take-off 

Altitude ft (m) 35000 (10668) 37000 (11278) 0 

Mach Number – 0.82 0.80 0.20 

Deviation from ISA K + 10 0 + 15 

Net Thrust kN 50 33 183 

Fuel Flow kg/s 0.545 0.334 1.245 

SFC g/kN.s 10.9 10.1 6.8 

TF2050 SFC for reference  g/kN.s 13.7 12.6 8.3 

Re. Reference TF2050 – - 20 % - 20 % - 18 % 

Fan Mass Flow kg/s 450 390 1020 

Secondary Combustor Design Parameters (after topping cycle) 

Inlet Pressure bar 9.04 6.03 21.0 

Outlet Pressure bar 8.61 5.74 20.0 

Inlet Mass Flow kg/s 14.1 10.1 32.9 

Inlet Temperature K 1404 1265 1453 

Inlet FAR – 0.031 0.027 0.031 

Outlet FAR – 0.039 0.034 0.039 

Outlet Temperature K 1637 1481 1671 
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6.1 Heat Exchangers 

6.1.1 Intercooler Design 

Research into aero engine intercooling systems in NEWAC and LEMCOTEC 

has been described in section 2.3. In the ULTIMATE project the Milestone M1.1 

document [69] included a ‘technology simulator’ for a generic two-pass cross-

flow air-cooled intercooler. Its formulas are based on the intercooler design 

developed at Chalmers University in LEMCOTEC. While the arrangement of the 

inlet and outlet ducts may be varied depending on the engine installation, the 

methodology to assess the heat transfer, pressure loss, size and weight of the 

matrix is relevant to all the intercoolers in the current study engines. 

However, in the design of any heat exchanger there are always trade-offs to be 

made between effectiveness, pressure loss, size, cost and weight. In scoping-

out the potential of the various different advanced cycles with intercooling, it 

was not appropriate to make detail trade-off studies to optimally size the 

intercoolers for each application. Thus design-point intercooler effectiveness 

levels and pressure losses were set based on past experience from the more-

detailed studies in NEWAC and LEMCOTEC, as described in section 3.1.4. The 

methodology of [69] was only considered for weight estimation.  

The smaller core components in intercooled engines are lighter, but previous 

studies have shown high-OPR intercooled engines to be heavier (and more 

expensive) than conventional engines. The weight increase comes not only 

from the weight of the heat exchanger, but also from the support structure and 

ducting. The author’s estimate presented at the NEWAC final project review in 

Brussels in 2011 for the large high-OPR intercooled engine was a 15.3% weight 

increase. A later study at Cranfield, which optimised both conventional and 

intercooled engines for minimum fuel burn, predicted engine weight increases of 

between 16.5% and 22.3% [101]. However, ongoing improvements in heat 

exchanger design should reduce the weight penalty for intercooling by year-

2050. Secondary combustion also reduces core mass flow and weight. Weight 

estimates for the current intercooled study engines are given in section 8.2.  
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6.1.2 Recuperator Design 

Recuperators tend to be large, heavy and often mechanically-unreliable heat 

exchangers, so considerable efforts have been made to develop more compact, 

lower-pressure-loss designs with higher effectiveness. For future aero engine 

application, considerable research has been conducted by MTU and AUTH in 

the EU research programmes CLEAN, NEWAC, LEMCOTEC and ULTIMATE. 

The original MTU recuperator module design using profiled tubes was proposed 

for a recuperated turboshaft engine for the Abrams battle tank, but this engine 

bid was unsuccessful. Whereas the installation of a single module in the gas 

turbine exhaust stream would have been satisfactory in that application, the 

relatively-large frontal area of the heat exchanger was a problem for the IRA 

turbofan engine installation. Scaling-up the module would also have added 

disproportionately to its weight. Therefore MTU proposed splitting-up the 

recuperator into eight smaller heat exchangers and arranging them at an angle 

to the core exhaust as shown in Figure 6. A model of a quarter of the proposed 

recuperator installation was built and aerodynamically tested at AUTH. The 

design was refined in the NEWAC programme to minimise the pressure losses 

associated with this installation. Subsequent research in LEMCOTEC proposed 

alternative designs to minimise both hot-side pressure losses and weight. In 

ULTIMATE a radically different arrangement was studied using a liquid sodium 

and potassium mix to transfer heat from the core exhaust to combustor inlet.  

Since recuperated aero engines and novel recuperator designs were being 

researched by other partners in the ULTIMATE project, the author chose to 

focus on other technologies and combinations of technologies that did not 

include recuperation. To extract power from the ‘waste’ heat in an engine’s core 

exhaust, an alternative to recuperation is to add a bottoming cycle, so the less-

researched potential of bottoming cycles was investigated instead. However the 

author’s original Excel performance model was constructed with the capability 

to model recuperated engine cycles. 
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The patent application from Klingels at MTU [17] envisaged adding recuperation 

to a composite cycle engine that already includes intercooling, secondary 

combustion and an air bottoming cycle in addition to a free-piston topping cycle. 

This would correspond to cycle#13, the most-complex engine cycle considered 

in Figure 24, except that in his case recuperation was only shown as being used 

to preheat some air that had bypassed the topping cycle on its way to the 

secondary combustor. There is no obvious merit in taking some of the exhaust 

heat for recuperation and some to power a bottoming cycle, though it is possible 

that a bottoming cycle might make use of the low-grade heat still remaining 

downstream of a recuperator. 

6.1.3 State-of-the-Art for Heat Exchangers 

Recent studies in LEMCOTEC and ULTIMATE demonstrate that significant 

improvements in heat exchanger design and installation are still possible [8] 

[34]. For light-weight, low-loss, high-effectiveness heat exchangers, reducing 

approach velocities and increasing inlet areas will also help. This is generally in 

conflict with aero engine design requirements to minimise frontal area and drag, 

but those problems are reduced when core flows are reduced in more advanced 

engine cycles. The conflict might also be resolved if the heat exchangers could 

be mounted outside of the nacelle and buried inside the airframe. 

6.2 Combustion Systems 

6.2.1 Primary Combustion Systems 

Lean Direct Injection (LDI) combustion technology is preferred for the year-2050 

reference aircraft engines and for all other advanced-cycle engines without 

pressure-rise combustion systems. However, the design of future LDI 

combustors cannot be predicted with certainty as very different burner 

arrangements are being research by NASA and in EU programmes. 

Combustion arrangements in topping cycle machines vary widely, so each case 

must be considered on its merits. For the nutating-disc core modules, separate 

precombustors are proposed as described in Chapter 5. 
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6.2.2 Secondary Combustion Systems 

For study engines without topping cycles, the secondary combustors are inter-

turbine designs located between upstream and downstream turbine stages. 

These turbine stages may be on the same shaft system or on separate shafts 

not mechanically linked to each other. In the former case the combustors may 

more accurately be described as ‘intra-turbine’ designs, though ‘inter-turbine’ 

combustion is generally used to refer to either configuration. The distinction may 

seem academic, but it has a significant effect on the operability of the engine. 

If the upstream and downstream turbines are on separate shaft systems, then 

when the amount of fuel provided to the inter-turbine combustor is varied, the 

work-split between the turbines and shaft systems will vary. For example, if the 

inter-turbine combustor is lit-up, the temperature and also the pressure at inlet 

to the downstream turbine will increase. The back-pressure on the upstream 

turbine will then reduce its expansion ratio and power output. Conversely, if the 

inter-turbine combustion would be extinguished, the expansion ratio and power 

output of the upstream turbine could suddenly increase. This has the potential 

to drive a compressor attached to the upstream turbine into surge. 

This potential problem is largely eliminated if the upstream and downstream 

turbines are on the same shaft system or are otherwise mechanically linked. 

Changes in the fuel flow to the inter-turbine combustor will still change the work-

split between the upstream and downstream stages, but overall the effects will 

largely cancel out. It will be noted that the GT24/26 industrial gas turbine has 

this latter intra-turbine combustor arrangement.  

Florian Jacob at Cranfield University investigated inter-turbine combustion in 

combination with a closed-circuit S-CO2 bottoming cycle [9]. This cycle 

corresponds to cycle#17 on Figure 24. There is a synergy between inter-turbine 

combustion and a bottoming cycle because the second combustor increases 

core specific power at the same time as raising the exhaust gas temperature. 

This improves the thermal efficiency and power output of the bottoming cycle. 

However, for an overall improvement in SFC, the inter-turbine combustor needs 
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to be located quite close to the primary combustor; preferably just a single 

turbine stage behind it. Thus the downstream turbines and exhaust nozzle will 

still have a large expansion ratio to extract useful work from the extra heat input. 

The design of inter-turbine combustors has not been investigated in detail. The 

GT24/26 secondary combustor usually runs on natural gas and is not seen as 

appropriate for an aero engine. More recently the AHEAD project researched an 

inter-turbine combustor for an aero engine, as described in section 4.2.4. 

Where the primary combustion occurs in a topping cycle, the secondary 

combustor may be located between the topping cycle machinery and the 

downstream turbines. This is the arrangement assumed for the secondary 

combustor in the author’s engine design studies based on cycle#06. 

Two Cranfield University MSc students have worked on candidate secondary 

combustor designs proposed by the author for the cycle#06 engine. The first 

study was performed by Victor Martinez Bueno and reported in his thesis [76]. 

Unfortunately an error resulting in the combustor being undersized was not 

noticed until the end of this study. His CFD models showed high exit Mach 

numbers and high pressure losses and predicted poor combustion efficiency. 

Nevertheless lessons were learned from this study and a revised design was 

proposed, modelled by Mirko Romanelli and reported in his thesis [78]. This 

second study used the performance data from Table 20 and the dimensions 

proposed by the author for the revised combustor shown in Figure 45. This 

assumes 12 exhaust pipes from the six nutating disc modules would enter the 

combustor axially, upstream of a forced mixer that entrains flow into the main 

annular vortex where it circulates before passing on to the downstream turbine. 

In the absence of better weight estimates for the inter-turbine combustors in 

cycle#03 and cycle#18, these are assumed to have the same weight as the 

primary combustors in those engines. 
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Figure 45 – Secondary Combustor Geometry  

(as proposed by the author in February 2018) 

The secondary combustion occurs immediately downstream of the mixer and in 

the main vortex, in the wake of the fuel injectors. The concept of ‘oxy-poor’ or 

so-called ‘flameless’ combustion was similar to that researched by Technion in 

the AHEAD project [75]. The basic design of Figure 45 was later modified by 

Mirko Romanelli to add swirl to the incoming flow and to inject some of the 

incoming flow into the main vortex in-between the fuel injectors and the mixer.  

The front end of the secondary combustor now acts as a plenum chamber to 

help to smooth-out the flow through the mixer, through the combustor and into 

the downstream turbines. The incoming pipes would swirl the flow such that 

flow entering the main vortex would follow helical flow paths to enhance mixing. 

Figure 46 shows some predicted temperatures for Romanelli’s final design [78]. 

The final design reduced pressure loss in the secondary combustor, increased 

combustion efficiency by virtue of better mixing and a longer mixing length, and 

reduced the tip-bias in the outlet radial temperature profile that enters the 

turbine. However, the predicted NOx emissions increased on account of the 

longer residence time for the gasses in this larger combustor.  

Inside surface of 
combustor liner

R 328

R 210          R 168

R 110

R 450 
inside 
of 
casing

30° segment

c. 3° offset to induce 
swirl in the combustor12 inlet pipes

Combustor 
outer casing

Turbine bearing support 
structure here

Angular position 
and number of 
fuel injectors is 
TBD, but start 
with 24 as in the 
previous study?

12 inlet 
pipes

Fuel 
injectors R 141

R 55

Adjust mixer flow area 
to optimise velocities 
in the vortex

Optimise the 
splitter geometry

Φ 90



 

172 

 

 

Figure 46 – Secondary Combustor Temperature Contours [78] 

The basic concept of oxy-poor combustion is to minimise net NOx formation by 

recirculating the flow within the combustor to give a very uniform fuel-air mixture 

that is close to stoichiometric conditions. This means that the CO molecules will 

have plenty of time preferentially to scavenge oxygen from the NO molecules in 

order to form more CO2. (Exhaust gas recirculation in diesel engines has a 

similar effect.) The combustor should then combine high combustion efficiency 

with low NOx emissions. This can work well in large-volume industrial furnaces 

giving so-called ‘green flame’ combustion, but the conditions required to make 

this work successfully in an aero engine are more difficult to achieve. Instead of 

having an average of six to ten recirculations in the main vortex, the incoming 

flow is limited to one or two recirculations by the smaller volume of the aero 

engine combustor. This results in less-perfect mixing and larger variations in 

fuel-air ratio in the main vortex. Aero engine combustors must also operate over 

a wide range of conditions with varying overall fuel-air ratios and combustion 

pressures and temperatures.  

By adding new inlet slots, Romanelli’s final design did succeed in entraining 

more of the incoming gas from the topping cycle into the vortex. Therefore more 
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of the combustion occurred in the vortex, rather than downstream of the mixer, 

but this meant that much of the combustion in the vortex was occurring closer to 

stoichiometric conditions and with higher flame temperatures, resulting in 

increased production of thermal NOx, aggravated by relatively long residence 

times. This is in contrast to Victor Martínez Bueno’s smaller-volume combustor 

design, where the temperatures in the vortex were generally lower and N2O-

intermediated NO generation was believed to be more significant.  

So far the proposed secondary combustors have not met the original objective 

of ‘oxy-poor’ combustion, but have operated instead more like RQL combustor 

designs. It remains to be seen whether some further innovations, perhaps 

including variable geometry, might be able to get closer to the original design 

intent. In the meantime it cannot be claimed that the proposed secondary 

combustor will reduce NOx emissions. Radically different designs may need to 

be investigated. 

The conclusion to be drawn from these observations is that the strategy of 

minimising NOx formation by providing a very-oxy-poor environment in the 

secondary combustor does not seem practical in this aero engine. Therefore the 

alternative philosophy of RQL combustion may need to be developed instead to 

deliver lower NOx emissions and enable a more compact combustor design. 

6.2.2.1 State-of-the-Art for Secondary Combustion 

Taken in isolation, this technology does not offer much benefit in terms of SFC. 

However, in combination with intercooling, recuperation or bottoming cycles, it 

is capable of improving overall thermal efficiency. It also has the potential to 

reduce NOx emissions, though that has not been properly demonstrated in 

these studies.  

The ‘oxy-poor’ low-NOx combustion design philosophy does not really seem to 

work in the ULTIMATE aero-engine designs, so it is recommended that future 

design studies target RQL (rich-burn and quick-quench to lean) combustion 

instead to minimise NOx. Another factor that needs further research is how best 



 

174 

 

to schedule fuel-flows between the primary and secondary combustors at off-

design conditions. 

6.3 Open-circuit Air Bottoming Cycle (ABC) 

Given the significant design and performance-modelling challenges of closed-

circuit bottoming cycles, the author has only modelled open-circuit ABC 

designs. Anders Lundbladh [10] and Herman Klingels [17] have previously 

proposed ABC designs. The former proposal integrated the ABC turbine with 

the LP turbine and the latter proposal had a separate ABC turbine geared to the 

HP turbine shaft. In Figure 7 a new arrangement was proposed for integrating 

the ABC turbine with the LP turbine, but on subsequent investigation, it seemed 

that it might not be the best arrangement. 

The simple stand-alone ABC system spreadsheet model has been described in 

Section 3.4. It was used to explore optimum pressure ratios and performance 

for a range of inlet conditions.  

The power output and efficiency of the ABC cycle modelled in isolation, can be 

significantly improved by placing the ABCHX further upstream in the main-

engine gas-path, between HP and LP turbine stages, rather than downstream of 

the last turbine stage. This has the secondary benefit of increasing the hot-side 

gas pressure and density in the heat exchanger, making it easier to produce a 

compact low-loss ABCHX design for a given level of temperature-effectiveness. 

A high air-side temperature-effectiveness is required to maximise the inlet air 

temperature to the ABC turbine, but the down-side is that this will tend to make 

the ABCHX larger and heavier and/or increase pressure losses on both sides.  

Other factors to be considered are the ideal pressure for the air entering the 

cold side of the ABCHX, and the pressure ratio and efficiency of the associated 

upstream compression system, comprising part of the flow through the fan root 

section and the IP compressor.  

To address all these ABC design issues, a series of parametric studies was 

performed using the stand-alone model to simplify the processes downstream 
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of the secondary combustor. Turbomachinery efficiencies and heat exchanger 

pressure losses were specified, with the latter taken to include the losses in the 

inlet and outlet ducting at entry and exit from the ABCHX. The pressure and 

temperature of the gas entering the HP turbine was also fixed for each study. 

Modelling on the air side started at ambient pressure and temperature. The air-

compressor pressure ratio was set and ambient air was compressed before 

passing through the ABCHX and being expanded back through the ABC turbine 

to generate power. After the HP turbine exit flow had passed through the 

ABCHX, the gas was further modelled as expanding through the LP turbine.  

For simplicity, unit HP turbine inlet mass-flow was specified and turbine cooling 

and sealing air flows were ignored. To further simplify the parametric studies, 

the thrust nozzle pressure ratios were set to unity so that the total power 

generated by the virtual ABC and LP turbines included the power needed to 

accelerate the air and gas through the thrust nozzles.  

Initially fixed values were used for specific heat at constant pressure (Cp) and 

for gamma5, but more-accurate values were subsequently input for each 

process to demonstrate that using fixed values had given negligible errors.   

The net power generated in the modelled system provided a figure of merit for 

the given combination of input parameters.6 By running the model with zero or 

negligible ABC air flow and no pressure losses in the heat exchanger, a 

baseline level of net power could be calculated. A net power increase of 50 kW 

per kg/s of core flow with the ABC corresponded to about 3 percentage points 

of thermal efficiency, or 6% reduction in SFC. 

                                            
5
 The ratio of the specific heat at constant pressure to the specific heat at constant volume. 

6
 In practice the turbines would not be expanding to ambient pressure, but would be followed by 

exhaust systems that provided their contributions to jet thrust. However, this would just be using 
the available energy in the air and gas streams in another useful way. The efficiency of the 
transfer of this energy into thrust through the exhaust nozzles should be slightly higher than the 
efficiency for power generation in the ABC and LP turbines, but the discrepancy was a minor 
factor when comparing the overall efficiencies of variant systems. The overall compression and 
expansion polytropic efficiencies were set to 90% for most of the studies. 
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Only sea-level static take-off cases were modelled, but logically the relative 

benefits for the same temperature ratios per unit turbine mass-flow would be 

almost identical if they had been modelled at altitude and with forward velocity. 

For initial studies the HP turbine inlet pressure and inlet temperature (after the 

secondary combustor) were fixed as consistent with the preliminary take-off 

performance shown in Table 20, though strictly those figures were for an EOR 

case. Different HP and LP turbine pressure-ratio splits were modelled and the 

pressure ratio of the compression system was varied together with the ratio of 

the air mass flow relative to the flow in the HP turbine.  

To avoid modelling unrealistic designs, temperature-effectiveness levels on 

both sides of the ABCHX were monitored and limited to values no greater than 

90% on the air side and 85% on the gas side. (These figures should give 

roughly equal design-difficulty on the two sides, on account of the combustion 

products having lower density.) Trade-offs for different effectiveness levels were 

also considered because high effectiveness also implied higher pressure losses 

and higher ABCHX weight. It was demonstrated that if the effectiveness levels 

were reduced to 80% on the air side and 70% on the gas side, the maximum 

pressure losses on both sides should then reduce from an estimated 8% to 5% 

or less. (To keep the models simple, the ABCHX percentage pressure losses on 

the hot and cold sides were assumed to be equal.) 

Parametric studies using the stand-alone spreadsheet model generated some 

interesting and useful results, helping to optimise the cycle#06 whole-engine 

performance model. They showed that, in order to maximise the overall thermal 

efficiency for the secondary combustor exit conditions assumed, it was better to 

place the ABCHX downstream of the last core turbine, rather than further 

upstream in the expansion system. In other words; it was better to do all the 

work in the HP turbine and not have the LP turbine. This was an unexpected 

result, since moving the recuperator upstream in an LP turbine of a recuperated 

engine would normally improve overall engine performance. However, this did 

not necessarily mean that placing the ABCHX downstream of the last turbine 

stage would always give the lowest fuel burn, as this location will tend to make 
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the ABCHX relatively larger and heavier. Nevertheless, it strongly suggested 

that the LP turbine could be omitted and a simpler ABC turbine designed 

without integrating it with the LP turbine as originally proposed. 

In the initial studies, the ABCHX pressure losses were fixed consistent with the 

upper limits on hot-side and cold-side temperature-effectiveness, typically 90% 

effectiveness on the cold side and 85% on the hot side. These effectiveness 

limits seemed reasonable given that the hot gas would be less dense than the 

cold air and have lower heat transfer coefficients at a given Mach number. 

Normally the cold side limited the heat transfer, but the hot side could be limiting 

when the air mass-flow was large with respect to the gas mass-flow. 

As the cold-side mass flow was reduced, the heat transferred by the ABCHX 

reduced, and the mean temperature-difference between the hot and cold sides 

increased. The overall performance benefit from adding the ABC was shown to 

be maximised by increasing the ratio of ABC air-flow to HP turbine mass-flow, 

but only up to the point where the hot-side effectiveness of the ABCHX became 

limiting. This implied that air/gas mass-flow ratios around 100% would be 

optimal, as this was roughly where the limiting effectiveness switched between 

the hot and cold sides. However, for fixed heat-transfer coefficients, the 

required heat-transfer surface area would be roughly proportional to the heat 

transferred divided by the mean temperature difference, and this ratio could be 

proportional to the size of the matrix and to the pressure loss through the 

matrix. Since the ratio reduces rapidly as the air/gas mass-flow ratio reduces, a 

significant reduction in heat exchanger weight and matrix pressure loss could 

be achieved by modest reductions to the otherwise optimum air-side mass-flow.  

For 90% maximum cold-side effectiveness, it was found that reducing the mass-

flow ratio to 80% roughly halved the size of the heat exchanger matrix and 

matrix pressure loss. At fixed pressure loss this would reduce the net power 

benefit from adding the ABC by about a third, but because the pressure loss 

reduced when the mean temperature difference between the hot and cold sides 

was raised, the reduction in net power was much smaller. Considering the 
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shape of the curve of power increase v. mass-flow ratio it seemed likely that the 

fuel-burn optimum air/gas mass-flow ratio would be around 80-90%.  

The stand-alone model was therefore modified so that the pressure losses 

varied automatically in proportion to the required heat transfer surface area, 

which was assumed to be in inverse-proportion to the mean temperature 

difference between the hot and cold sides, all other factors being equal. This 

avoided over-penalising the pressure losses when the ratio of ABC air flow to 

core flow was relatively low.  

In a heat exchanger having the air inside tubes, the number of tubes increases 

as the ABC air mass flow increases, but the tubes also need to get longer as 

the mean temperature-difference reduces, and this accounts for the increasing 

pressure loss on both sides of the heat exchanger. However, the entry and exit 

losses give the tubes a minimum pressure loss even if they are very short.  

Results from one of the parametric studies are given as an example. In this 

stand-alone model study the following conditions were fixed:  

 Sea-level static ambient pressure with air inlet temperature 300 K, 

 HP turbine inlet temperature 1671 K and inlet pressure 20 bar, 

 ABC air-compressor pressure ratio 6, 

 HP turbine pressure ratio 16, 

 Polytropic compression and expansion efficiencies 90%, 

 Heat exchanger pressure losses minimum 2% and maximum of 8%. 

The high HP turbine pressure ratio implies that there would be no real LP 

turbine in this case. The exhaust gasses, having passed through the ABCHX 

would go directly to a core exhaust nozzle (or would be mixed into the bypass 

flow in the proposed reverse-flow core arrangement). 

Figure 47 shows the net amount of extra power generated in this parametric 

study, as a function of the ratio of ABC air mass flow to core mass flow. 

However, increasing the ABC air mass flow implies a larger heat exchanger 

matrix with increased weight and pressure loss penalties. 



 

179 

 

 

Figure 47 – Example Showing the Extra Power generated with an ABC 

Figure 48 shows how the corresponding temperature effectiveness on each 

side of the ABC heat exchanger was assumed to vary with the mass flow ratio. 

 

Figure 48 – Assumed ABC Heat Exchanger Temperature Effectiveness 

Figure 49 shows how the hot-side and cold-side pressure losses in the ABC 

heat exchanger were predicted to vary in this example, which assumed the heat 

exchanger was sized to give maximum pressure losses of 8% when the hot and 

cold mass flows were equal and a minimum of 2% for entry and exit losses 
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Figure 49 – Assumed ABC Heat Exchanger Pressure Losses 

With very small air mass flows, the modest overall performance penalty 

observed in Figure 47 was to be expected, because of the small pressure 

losses on both sides of the heat exchanger which would not have been there if 

there were no heat exchanger. However, as the ABC air mass-flow was 

increased, the net power (the power generated by the turbines, less the power 

required to drive the air compressor) increased to a maximum when the air 

mass-flow was about 110% of the gas flow (and the thermal capacities of the 

hot and cold flows were roughly equal).  

The overall results from these studies were informative. Given the assumptions 

made about how the heat exchanger pressure losses reduce with reduced heat 

transfer, there were diminishing returns for increasing the ABC air mass-flow 

much above 80% of core-mass flow. 80% was therefore taken as the initial 

design-point target for the air mass-flow. The extra net power obtainable from 

the ABC peaks at around 60 kW/kg of core mass-flow, equivalent to about 2 

MW at take-off, or an improvement in SFC of 4–5%.  

The simple models also showed that the results were not very sensitive to the 

polytropic compression and expansion efficiencies in the range 85% to 95%, 

though higher efficiencies did result in improved performance. 
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These were encouraging results, but it should be noted that the HP turbine inlet 

temperature was relatively high, consistent with having a secondary combustor, 

so it was still possible that reducing the fuel flow to the secondary combustor, or 

even deleting it in an engine without an ABC, might be a simpler way of 

improving SFC. However, the resulting reduction in core specific power would 

add mass-flow and weight to the core turbomachinery, so the assessment of the 

trade-offs can only be made using detailed engine models. 

6.3.1 Conclusions from the Stand-Alone ABC Model 

It had been thought that increasing the hot-side inlet temperature of the heat 

exchanger by shifting work from the HP turbine to the LP turbine would improve 

overall performance, but purely from the performance point of view it seems 

better to locate the ABCHX at the exit of the last turbine stage. However, this 

might increase the size and weight of the heat exchanger, so from the fuel-burn 

point of view it might still be better to locate the heat exchanger ahead of the 

last core-turbine stage, as shown in Figure 7. Nevertheless, based on the above 

observation, and also for simplicity, it was decided to model the overall 

performance of cycle#06 with the ABCHX located downstream of a higher-

pressure-ratio HP turbine and without the LP turbine.  

The results were surprisingly insensitive to compressor pressure ratios in the 

range 4 to 8. In the real engine the ABC air would either be bled-off from the IP 

compressor, or taken from IP compressor delivery upstream of the intercooler, 

but the latter arrangement is simpler. Based on the author’s previous high-OPR 

intercooled engine studies, a ‘fan plus IP compressor’ pressure ratio of around 4 

to 8 upstream of the intercooler, at high power conditions, would also be close 

to the optimum for intercooler placement, as indicated by figure 14 in [30].  

Since the original concept was to power the IP compressor from the combined 

output of the ABC turbine and the LP turbine, any shortfall in the power required 

to drive the IP compressor would now need to be made-up by power taken from 

the HP turbine and/or the nutating-disc modules. Therefore the whole-engine 

performance models for all the cycles that included the ABC were configured to 
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drive the IP compressor from the last core turbine (either HP or LP) and to add 

the power from the ABC to the power from that turbine. 

6.3.2 State-of-the-Art for Air Bottoming Cycles 

The combination of an ABC and secondary combustion seems promising, 

offering up to 5% reduced SFC. The heat exchanger technology requirements 

are similar to intercoolers in terms of pressure capability and to recuperators in 

terms of temperature capability. Apart from the heat exchanger, no new 

technology is required to implement an ABC, so this is seen as a low-risk 

development that could be introduced well ahead of year 2050. However, to 

realize the full potential benefits, technology for an efficient low-NOx secondary 

combustor would also need to be developed, which may be more challenging.  

It is worth noting that integrating a bottoming cycle in a buried core-engine 

installation for a distributed or hybrid-electric propulsion system may provide 

additional benefits. 

6.4 Closed-circuit Bottoming Cycle 

Closed-circuit bottoming cycles have not been modelled by the author because 

when comparing the author’s results with Jacob’s in [9], the ABC arrangement 

seems a simpler option that more than matches the closed-cycle performance 

in an aero engine. However, if future engines should switch to using a cryogenic 

fuel, the balance might shift in favour of a closed-circuit arrangement.  

Using kerosene to cool the closed-circuit supercritical CO2 working fluid close to 

its critical temperature (31.1°C) is not very practical because it has a limited 

heat-sink capability that is also wanted for cooling engine oil. However, with 

liquid hydrogen (LH2), liquefied natural gas (LNG) or pure liquid methane, the 

fuel would have spare capacity to help cool the CO2. The larger temperature 

differential enables a relatively compact ‘pre-cooler’ heat exchanger to be used. 

This reduces the need for bulky air-cooled pre-coolers, though to maximise the 

overall performance it is likely that an air pre-cooler would still be used for the 

first stage of cooling, where the temperature gradients are more favourable.   
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To further improve performance of the cooling system, the author proposed an 

innovative arrangement to increase the cooling capability of the hydrogen while 

avoiding the risk of freezing CO2 in the heat exchanger. The liquid hydrogen is 

first compressed to a supercritical pressure, which raises its temperature closer 

to the CO2 freezing point. The hydrogen then enters the pre-cooler, but not in a 

counter-flow arrangement, so as not to freeze the CO2. It is then expanded in a 

small turbine or positive displacement device. The power extracted may be 

used to drive the hydrogen compressor. The pressure of the hydrogen falls, but 

remains high enough to be injected into the combustion chamber. However, the 

temperature of the hydrogen also reduces, enabling it to be used a second time 

to cool more CO2 via a further set of passages in the heat exchanger. To further 

protect the CO2 from the risk of freezing, a valve enables some of the fuel to 

bypass the heat exchanger when a sudden increase in fuel flow is demanded. 

The concept was developed by Mikel Beretens in his Cranfield University MSc 

study [63]. The schematic diagram in Figure 50 shows typical inlet and outlet 

temperatures (but the intermediate CO2 temperature of 310 K on this diagram is 

incorrect). 

 

Figure 50 – Cryogenic Heat Exchanger for maximum cooling of CO2 by H2 

Incorporating a catalyst in the hydrogen lines in the heat exchanger to convert 

up to 75% of low temperature parahydrogen isomer to orthohydrogen could also 
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significantly increase the potential to absorb heat. Nevertheless the relatively 

low engine fuel mass flow, even for a 100%-hydrogen-fuelled engine, still limits 

the overall cooling potential of the cryogenic pre-cooler.  

6.5 Transmission Systems for Topping and Bottoming Cycles 

Nutating disc modules can have bevel gears at their compressor ends that 

connect via ‘radial’ drive shafts to a bevel gear on the main turbine shaft, as 

shown schematically in Figure 2. However, alternative arrangements could also 

be considered.   

An MSc project undertaken at Cranfield by Olatz Cánovas Ahedo [137] provided 

insights into potential transmission systems for linking a high-speed supercritical 

CO2 turbine to the lower speed LP system of a geared turbofan engine. This 

was determined to be the most efficient means of utilising the extra power 

generated by a bottoming cycle. A Matlab preliminary design tool for sizing and 

estimating the weight and efficiency of the required reduction gearbox was 

produced as part of that project. 

A similar arrangement might be used with the ABC turbine, particularly if it is 

mounted in the tail-cone of an engine with a conventional ‘straight-through’ 

core. In this case however, the rotational speed of the ABC turbine will be lower 

than the S-CO2 turbine as it has significantly higher non-dimensional flow. 

A design study of alternative ABC turbine and transmission arrangements is 

one of the recommendations for further work noted in section 10.3. 
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7 PERFORMANCE ASSESSMENT OF YEAR-2050 

ENGINES  

This Chapter reviews the year-2050 aircraft requirements and the whole-engine 

performance modelling using the spreadsheet described in section 3.1. It covers 

the study of scale effects on engine performance, studies of alternative cycles 

including the selected engine cycle (cycle#06) with intercooling, secondary 

combustion and topping and bottoming cycles. The sensitivity of performance 

results to component efficiency assumptions is also investigated to provide an 

indication of the uncertainties inherent in the performance analysis. 

Not all of the originally proposed advanced cycles have been modelled to the 

latest set of thrust requirements, but section 7.6 tabulates performance for the 

engines identified in Figure 24 and Figure 25 as cycles #01, #02, #03, #06 and 

#18. The last of these, combining intercooling and inter-turbine combustion is 

clearly not an attractive option because its SFC is worse than the simply 

intercooled engine cycle#02 and it is not much lighter. However, it was an 

intermediate step to modelling cycle#03 that adds the ABC and shows a benefit. 

Cycle#06 has the best overall performance, but is also the cycle with the 

greatest uncertainty.  

7.1 Year-2050 Aircraft and Engines 

The ULTIMATE project has provided a framework for predicting credible levels 

of performance for aircraft and engines that could be entering service in 2050. 

Aircraft performance studies undertaken by BHL were disseminated in [11], 

based on the results in ULTIMATE deliverable D2.1 [12]. 

These studies included two advanced ‘tube and wing’ configured aircraft that 

have provided thrust requirements for more detailed engine design studies and 

have facilitated performance assessments over complete flight missions. The 

two airframes were an ‘intra-European’ aircraft with twin open rotor powerplants 

and an ‘intercontinental’ aircraft with two turbofan engines. However, the 

revised thrust requirements were not defined in time for the initial engine 
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studies, so the reference turbofan engine thrusts were taken from the previous 

Framework 6 EU research programme NEWAC [28] [29].  

Factors influencing the choice of propulsor configuration include: initial cost, 

maintenance cost, weight, propulsive efficiency, nacelle drag, noise, installation 

and reverse thrust requirements. 

Reverse thrust is a requirement for most commercial aircraft because it 

provides an effective means of stopping them on icy runways. Turboprops and 

open rotor engines with variable-pitch blades can provide reverse thrust at 

relatively little cost or weight penalty, but conventional thrust reverser designs 

for large turbofan engines come with significant penalties. They add cost, 

weight and drag, and are a disincentive to the development of engines with 

larger fans for increased propulsive efficiency. In this study it is assumed the 

year-2050 turbofan engines would have variable-pitch fans with the capability to 

provide reverse thrust if needed. All the engines are modelled with the same 

low cruise specific thrust that ULTIMATE industry partners considered likely to 

be feasible by 2050. Ground clearance is a possible restriction on fan diameter 

for under-wing mounted engines, but no constraint is applied in the author’s 

studies because the thrust requirements for long-range aircraft in 2050 should 

be significantly reduced by airframe and engine weight savings and overall 

efficiency improvements reducing fuel load and take-off weight. 

These design studies review combinations of core engine technologies to 

identify synergies between them. Engine performance is compared at typical 

mid-cruise, max climb and max take-off conditions. Consistent rules are applied 

for component efficiencies, temperature limits and turbine cooling flows as 

described in the methods section 3.1. This section compares the performance 

of alternative engines for 2050 EIS. It is assumed they will still run on kerosene 

or a drop-in replacement bio-fuel, but the use of different fuels could well affect 

future engine designs. The potential benefits of cryogenic fuels are discussed in 

section 10.3.2. 
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A significant observation from the ABC component design studies for the 

cycle#06 engine concept was that the original engine architecture proposed in 

Figure 2 and Figure 26 could be simplified without losing engine performance.  

Unlike two-stroke diesel engines, where inlet and exhaust ports are both open 

at the same time, the nutating disc core modules with their non-return valves 

can accept a compressor inlet pressure that is lower than their expander outlet 

pressure. The compressor can have a higher pressure ratio even when it is only 

the same size as the expander. This advantageous modification allows the 

centrifugal HP compressor shown in Figure 2 and Figure 26 to be omitted, 

provided that the IP compressor delivery pressure would not be too low. It also 

means that more of the power generated by the nutating-disc expanders can be 

used to drive the nutating-disc compressors, reducing the time-averaged power 

left-over to be exported to the rest of the engine. This power might be 

transmitted by the originally proposed double-bevel-gear arrangement shown in 

Figure 26 or by other arrangements considered in section 6.4.  

A further simplification, suggested by the ABC study in section 6.3, has been to 

increase the pressure ratio of the core HP turbine (which ultimately drives the 

fan) and eliminate the core LP turbine originally proposed to be integrated with 

the second-stage of the ABC turbine. In this case the HP turbine exhaust, after 

passing through the ABCHX, would discharge directly into the bypass duct, as 

would the ABC-turbine exhaust flow. This would originally have meant that the 

ABC turbine alone would be driving the IP compressor, but the ABC turbine 

cannot produce enough power to do this, given that the IP compressor air flow 

is more than twice as large. In the example given in section 6.3, for unit HP 

turbine mass flow, the ABC turbine generates 272 kW and its share of the 

compression system uses 193 kW. In a real engine the power to drive the fan 

root stage would come from the HP turbine and the nutating disc modules, 

rather than from the ABC turbine. The fan root contributes 10-15% of the LP 

compression work, so the IP compressor power requirement is about 169 kW, 

or 62% of the ABC turbine output. The remaining 38% (103 kW) is not enough 

to drive the rest of the IP compressor, which would need about 211 kW per unit 
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HP turbine mass flow to drive it. This was one reason why it was originally 

proposed to boost the ABC turbine’s power output by combining its last stage 

with the single-stage LP turbine downstream of the ABCHX. This LP turbine 

could have made-up the power shortfall, which, factored-up by the HP turbine 

mass flow at take-off, amounts to about 3.6 MW. 

However, rather than retaining the original design concept illustrated in Figure 

6.2, the preferred solution now is to drive the IP compressor directly from the 

HP turbine and nutating-disc module, and to use shaft power transfer to add-on 

the power from the ABC turbine. It seems reasonable to assume that efficient 

power transfer between different shafts will be possible in the 2050 timeframe. 

Such a system would help to match off-design power demands and might be 

needed anyway to improve engine operability and transient performance. 

7.2 Year-2050 Reference Brayton-cycle Turbofan 

In this initial Excel performance model for the year-2050 reference engine the 

stream-tube thrusts were fixed at three key flight conditions. These thrusts were 

based on those used in the previous EU research programmes VITAL and 

NEWAC for a long-range twin-engined aircraft [29] of around 240 tonnes 

maximum take-off weight. The thrust requirements and installation details are 

shown in Table 21. Note take-off performance is quoted for a hot-day end-of-

runway case, so the static take-off thrust would be higher. 

Table 21 – Initial Long-range Aircraft Thrust Requirements (per engine) 

Parameter Mid-Cruise Max Climb Max Take-off 

Altitude (ft) 35,000 35,000 0 

Altitude (m) 10,668 10,668 0 

Mach number 0.82 0.82 0.25 

Deviation from ISA (K) 0 + 10 + 15 

Net thrust (kN) 49 67 253 

Power offtake (kW) 260 260 260 

Intake pressure recovery 0.997 0.997 0.997 
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The reference engine configuration is a conventional Brayton cycle turbofan 

with its component efficiencies, materials, OPR and operating temperatures 

projected forwards to year 2050 entry into service as described in section 3.1.1. 

The specified component efficiencies create overall engine performance 

consistent with the recommendations of ULTIMATE industry partners in [64]. 

Similar to the Rolls-Royce UltraFan ® engine in Figure 23, the reference turbofan 

has the following key features: 

 A geared variable-pitch fan with a high-speed booster and LP turbine   

 Fixed-area separate-jet exhaust nozzles  

 An all-axial HP compressor driven by a two-stage HP turbine 

 Cooled cooling air for cooling the HP system 

 High OPR and very low specific thrust, giving bypass ratios of over twenty   

Aircraft accessory power was assumed to be taken from the HP spool, but no 

compressed air was supplied to the aircraft. (For scaled engines the thrusts and 

power offtakes at each condition are scaled by a common thrust scale factor.)  

The resulting performance that was modelled for the initial reference Brayton-

cycle turbofan engine for 2050 entry into service is summarised in Table 22.  

Table 22 – Original Reference Year-2050 Turbofan Performance 

Parameter Mid-Cruise Max Climb Max Take-off 

TET (K) 1580 1890 1950 

T3 (K) 880 992 1063 

OPR 64.4 75.0 62.0 

HP compressor ratio 20.0 25.9 23.2 

Fan bypass pressure ratio 1.33 1.43 1.34 

Bypass ratio 20.7 20.4 20.0 

Specific thrust (m/s) 72 95 157 

SFC (mg/N.s) 12.9 13.9 8.7 

FHV (MJ/kg) 42.797 42.797 42.797 
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The design-point figures match the thrust requirements of Table 21 and the 

general consensus on projected technology developments provided by the 

ULTIMATE consortium industry partners in ULTIMATE deliverable D 1.1 [64]. 

Note the jet-fuel specification minimum fuel heating value (FHV) was used to 

calculate the SFC figures. 

Base-level polytropic efficiencies were specified at the three flight conditions 

given in Table 21, starting with the mid-cruise case and applying the efficiency 

deltas given in Table 10 together with the scale corrections to HP compressor 

and HP turbine efficiencies to account for tip-clearance effects, as described in 

section 3.1.2. Since component designs are assumed optimised for the mid-

cruise condition, they are sub-optimal at top of climb and at take-off. These 

efficiency deltas provide performance consistent with the thrusts and cycle 

temperatures given in Table 21 and Table 22 and with performance data quoted 

in [64]. The basic HP turbine efficiency was assumed not to vary with the high-

power cruise, climb and take-off flight conditions, but the HP turbine and HP 

compressor efficiencies did change when the core was physically scaled.  

The fan root section and IP compressor were modelled as a single component 

referred to as the LP compressor (LPC). 

The off-design component efficiency penalties in the reference turbofan model 

make the core thermal and overall efficiency for top of climb and take-off worse 

than at mid-cruise. They account for the worsening SFC at the high thrust end 

of the altitude SFC loop as shown in Figure 51. The fan and compressor off-

design efficiencies reduce at top of climb because of their high inlet Mach 

numbers, which are a consequence of minimising weight by under-sizing the 

components for this ‘corner of the envelope’ condition where relatively little fuel 

is burned. Between the mid-cruise and max climb points, parabolic variation in 

the component efficiency deltas was assumed in order to plot the ‘SFC loop’.  

Fan efficiency at climb and take-off might be slightly improved by using variable-

area exhaust nozzles, but they were not modelled for the reference turbofan. 
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Figure 51 – SFC Loop for the Full-scale Reference Turbofan 

The cycle temperatures and overall pressure ratios may appear to be only a 

little more aggressive than those targeted in LEMCOTEC for 2025-2030 entry 

into service, but there are important differences in the core engine designs. The 

ULTIMATE reference engine assumes ceramic matrix composite turbine stator 

blades and improved turbine annulus sealing that greatly reduces the required 

secondary air system flows. The deletion of film cooling in the HP turbine statics 

improves aerodynamic efficiency. Restricting increases in OPR and T3 saves 

cost and weight and maintains more respectable blade heights to maximize HP 

compressor and turbine efficiency. Another benefit of restricting OPR and TET 

is that it avoids the combination of very high combustor inlet pressures and 

temperatures that would tend to increase flame temperatures and NOx 

emissions at take-off, even with advanced lean-burn combustor technology. 

Before studying more advanced cycles, the reference turbofan was investigated 

to confirm that its cycle had been set up to give optimal performance. Figure 52 

shows the effect of varying fan bypass pressure ratios, assuming nozzle areas 

are held constant between the cruise, climb and take-off cases. As design-point 

changes are being considered here, the component efficiencies were held 

constant at each condition. It is clear that a fan bypass pressure ratio of 1.33 at 

mid-cruise gives very close to the optimum SFC at all three plotted conditions.  
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Figure 52 – Effect of Fan Pressure Ratio on SFC 

Fan bypass pressure ratios at or very close to these figures were used for all 

the turbofan models, since they all targeted the same mid-cruise specific thrust. 

The optimisation study was not systematically repeated for the other cycles, but 

their exhaust jet velocity ratios were checked to ensure that their matching had 

remained close to the optimum for best cruise SFC.  

Because the reference engine is assumed to have a variable-pitch fan and also 

variable stator vanes on its IP compressor, it should be possible to vary the 

work-split between the core and bypass streams. Figure 53 shows how OPR 

and TET at the mid-cruise design point might be traded-off against each other.  

Assuming the component efficiencies stay constant when compressor pressure 

ratios change, the mid-cruise SFC hardly varies during this trade-off, as shown 

in Figure 54.  

Constant component efficiency may be a reasonable assumption for small 

changes, but it may not be a reasonable assumption over the full range of 

compressor pressure ratios shown in Figure 53. The IP compressor’s peak 

efficiency and off-design variation will depend on its detail design, the number of 

variable stages and how the variables are operated in this variable-cycle 

engine.  
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Figure 53 – Effect of Fan and LP Compressor Work-split  

on Compressor Pressure Ratios at Cruise assuming Constant Efficiencies 

 

Figure 54 – Effect on Mid-cruise SFC of Varying the Work-split 

for the Fan and LP Compressor, at Constant Component Efficiency 
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Small variations in work-split could be used in practice to optimise the overall 

compression efficiency throughout the flight envelope. Figure 55 shows the 

working line for the altitude SFC loop and how the mid-cruise working point 

could be repositioned along the dashed line by changing the trade-off between 

OPR and TET. The selected matching for cruise gives performance consistent 

with [64] and implies a particular schedule for the IP compressor variable vanes. 

 

Figure 55 – Reference Turbofan LP Compressor Altitude Working Line  

showing the Effect of Varying the Fan and LP Compressor Work-split 

Thermal efficiency in the Brayton cycle tends to be maximised by increasing 

OPR and TET, but higher OPR reduces HP compressor last-stage blade-height, 

and higher T3 and TET require increased cooling air flows. Thus it is not 

obvious that maximising T3 and TET will always give the best SFC. However, 

Figure 56 shows that for the component efficiency and cooling technology levels 

assumed for the reference turbofan, SFC is minimised by maximizing both T3 

and TET at take-off. Limiting T3 also limits OPR, and since all the engines in this 

study are designed for the same cruise specific thrust, varying the core mass 

flow also varies the bypass ratio. Bypass ratio is increased by increasing TET, 
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blade-height, improving HP compressor efficiency and slightly increasing OPR 

2.0

3.0

4.0

5.0

6.0

80% 90% 100% 110%

LP
 c

o
m

p
re

ss
o

r 
p

re
ss

u
re

 r
at

io

LP compressor non-dimensional flow

SFC loop
0.82 Mach.
Mid-cruise
variability.
Max climb
0.82 Mach.
Max takeoff
0.25 Mach.



 

195 

 

for a given T3.  Figure 57 shows the effects of reducing the max take-off T3 and 

TET on the reference turbofan mid-cruise OPR and bypass ratio.   

 

Figure 56 – Effect on SFC of reducing Hot-day Take-off TET and T3  

on the Reference Engine at Mid-cruise 

 

Figure 57 – Effect on OPR/BPR of reducing Hot-day Take-off TET and T3 

on the Reference Engine at Mid-cruise 
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Note the high-OPR engine cycles that have the highest take-off and climb T3 

temperatures need to cool the CCA at take-off and climb to 900 K, as do the 

intermediate OPR cycles with 1010 K T3 at hot-day take-off, though in this case 

less CCACA mass flow is needed. However, the lowest OPR and T3 cycles only 

need to pre-cool the CCA air at take-off conditions. These cycles do not need to 

use any CCACA at the ISA day mid-cruise condition because T3 remains below 

900 K. The mass flow of CCACA in the CCA heat exchanger is regulated 

according to the amount of pre-cooling required and the heat exchanger is sized 

to meet the max hot-day take-off cooling requirement. 

7.3 Consequences of Reduced Thrust Requirements 

In developing models for advanced cycle engines it is clear that the theoretical 

benefits of higher core specific power and increased overall pressure ratios 

must be offset by reductions in core component efficiency and by increases in 

secondary air flows consequent upon the scaling-down of core turbomachinery.  

Aircraft are also becoming aerodynamically and structurally more efficient, so 

for a similar numbers of passengers, design payloads and ranges, future aircraft 

will have lower take-off weights and lower thrust requirements, compounding 

these problems for aircraft-engine designers. Therefore the author’s first studies 

addressed the effects of scaling on component and whole-engine performance.   

The study of scale effects became the chief topic of the first conference paper 

prepared by the author for ISABE 2017 [97]. The paper compares scale effects 

on conventional and intercooled geared-turbofan engines. In preparing that 

paper the main efforts were devoted to improving the Excel performance 

models and their modelling assumptions. Feedback from co-authors to the 

paper encouraged the author to revise most of the original scaled performance 

by scaling the customer power offtake by the engine thrust scale factor. 

Originally the power offtakes were kept constant because it was assumed that 

the major power demand would be for the ECS and the thrust reductions would 

be a consequence of having more efficient and lighter-weight aircraft and 

engines. However, the range of thrust scaling considered, from 100% down to 
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25% made the power offtake from the smaller engines unrealistically high, so 

the parametric studies were reworked with scaled power-offtakes. While the 

Excel models had the capability for customer bleed-air offtake, no bleed air was 

extracted in these studies, assuming that by 2050 all the engines would be 

zero-bleed with the ECS and airframe anti-icing electrically powered. 

In estimating scaled engine performance three factors were taken into account: 

 Scale correction to HPC polytropic efficiency 

 Scale correction to HPT polytropic efficiency 

 Scale correction to HPT cooling and sealing air flows 

Methods adopted to account for these effects are described in sections 3.1.2 

and 3.1.3. The mass flow for the cooling air for the cooled-cooling-air system 

was also adjusted to limit the cooling air temperature for the HP turbine to 900 K 

at all conditions. 

7.3.1 Scale Effects on the Year-2050 Reference Turbofan 

Figure 58 shows the effect of thrust scaling on mid-cruise SFC, when cruise, 

climb and take-off thrusts are scaled pro rata. It also shows the effects of 

reducing T3 and TET on engines having different thrust scales. Specific thrust is 

held constant at the mid-cruise condition, so total engine mass flow is 

proportional to the thrust.   

The ratio of CCA mass flow to core mass flow increases as the TET increases 

and as core mass flow reduces, as shown in Figure 59. The ratio also increases 

when T3 reduces because this also reduces the core mass flow and because 

Tgrel increases when less work is demanded of the HP turbine.  It is assumed 

that reducing T3 at climb and take-off does not reduce Tc, but as T3 reduces, the 

required CCACA mass flow reduces instead. Figure 59 also shows how the HP 

compressor last-stage blade-height varies as thrust is scaled. Core mass flow 

and HP compressor last-stage blade-height reduce as the thrust requirements 

reduce, and as TET increases. Conversely, the core mass-flow and the HP 

compressor last-stage blade-height increase when T3 and OPR increase. 
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Figure 58 – Effect on Mid-cruise SFC of Scaling the Reference Engine 

for Various Hot-day Take-off T3 and TET Temperature Limits 

Smaller blade heights reduce compressor efficiency, reducing OPR for a given 

T3 as shown in Figure 60. The combined effects of reduced HP compressor and 

turbine efficiency, reduced OPR and the need for more cooling air, mean that 

the core thermal efficiency and specific power tend to reduce as thrust reduces. 

100% 
thrust scale

1950 K TET

1852 K TET

Takeoff TET 
1755 K

65%    
thrust scale

40%     
thrust scale

25%    
thrust scale

1063 K T3

1010 K T3

Takeoff T3 
957K

-1%

0%

1%

2%

3%

4%

5%

6%

7%

8%

9%

10%

11%

-1 -0.5 0 0.5 1 1.5 2 2.5 3 3.5 4 4.5 5 5.5 6 6.5

In
cr

ea
se

 in
 m

id
-c

ru
is

e 
SF

C



 

199 

 

 

Figure 59 – Effect of Scaling on HP Cooling-flows and Blade-height  

for the Reference Engine, v. T3 and TET Limits at Hot-day Take-off  

 

Figure 60 – Effect of Scaling on OPR and HP Compressor Blade-height 

v. Reference Engine Hot-day Take-off T3 and TET 
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Figure 61 shows how bypass ratio varies (roughly in inverse proportion to the 

scaled core mass-flow at fixed thrust and fixed specific thrust).   

 

Figure 61 – Effect of Scaling on BPR and HP Compressor Blade-height 

v. Reference Engine Hot-day Take-off T3 and TET 

7.3.2 Scale Effects on High-OPR Intercooled Engines 

In intercooled turbofan engines, part of the fan bypass air-flow is used to cool 

the intermediate pressure (IP) compressor delivery air before this enters the HP 

compressor. Intercooled engines can have the same geared fan arrangement 

as Figure 23, but with intercooler modules positioned as shown in Figure 5. 

However, in detail, these intercooler modules may instead adopt the two-pass 
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The NEWAC project showed that high OPR intercooled cores, or intercooled 

and recuperated cores, should reduce SFC and NOx emissions. However, the 

required heat exchangers would add significant weight and drag to such 

propulsion systems, offsetting much of the potential fuel burn benefit [29]. Some 

rig testing has been conducted on potential intercooler geometries and 

installations [138] [139] [140] [141] and [142], but intercooling has not yet seen 

full-scale engine demonstration in gas-turbine aircraft engines. 

Intercooling, like recuperation, inter-turbine combustion and added topping and 

bottoming cycles, has the potential to improve thermal efficiency, but these new 

technologies also tend to increase core specific power and reduce core mass 

flow, tending to give smaller and less efficient core components and lower 

transfer efficiency. Turbine cooling also gets more difficult as engine cores get 

smaller. The core-size-dependent performance penalties become increasingly 

significant with the development of more aerodynamically efficient and lighter-

weight aircraft having lower thrust requirements. Intercooling therefore is most 

attractive for the large aero engines typically used on long-range aircraft. 

In this study, using Excel performance models, the effects of engine thrust and 

core size on performance for intercooled engines are compared with those for 

the conventional engine cycles reported in section 7.3.1. Larger intercooled 

engines are shown to offer 3–4% SFC improvement relative to conventional 

cycle engines, while smaller engines may only realize half of this benefit. The 

study has provided a foundation for later investigations of more complex cycles. 

Intercooling reduces compression work by reducing the inlet air temperature for 

the HP compressor and the volume flow rate of the air passing through it, 

enabling higher OPR without raising HP compressor delivery air temperatures 

to very high levels. It also reduces annulus cross-section areas in the HP 

system, saving some weight, but by reducing blade heights it also reduces core 

HP-component efficiencies. 

Small blade height at the back of the HP compressor was a major issue for 

intercooled engine designs in the NEWAC programme. The original three-shaft 
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study engines had fans directly driven by the low-speed LP turbines via high-

torque shafts. The LP and IP system shafts passed through the central bores of 

the HP spools, imposing minimum bore diameters and limiting HP rotational 

speeds. Thus the HP turbomachinery could not be scaled down very much in 

diameter and it needed to have higher hub/tip radius ratio blading, giving much 

smaller blade heights and reduced component efficiencies. 

This problem was alleviated in a later NEWAC study by having a geared fan 

driven by a high-speed turbine. The lower torque and smaller diameter shaft 

also drove the IP compressor or ‘booster’, eliminating the need for a separate IP 

turbine and its shaft. This enabled a faster-running smaller-diameter HP system 

with increased blade heights, lower hub/tip radius ratios and notably improved 

compressor efficiency [143].  

In the more recent LEMCOTEC programme a reverse-flow-core intercooled 

turbofan was investigated [38]. This arrangement is shown schematically in 

Figure 7. By placing the fan, IP compressor and turbines in front of the HP 

compressor, the HP system no longer needs to have other shafts passing 

through it [39]. HP compressor efficiency is improved and the optimum OPR is 

increased, but following reassessment of the exhaust mixer performance and 

ducting losses it was concluded that the overall improvements in SFC and fuel 

burn from this architecture were only about one per cent [18]. 

The reverse-flow-core arrangement is also an option for other novel cycles with 

core components that may not integrate so well into the more conventional 

straight-through-flow and front-fan turbofan engine layout. However, ongoing 

development of improved materials for discs and shafts may reduce the small 

performance benefit that the reverse-flow-core arrangement currently offers. 

Nevertheless some advantages are still seen for a mixed exhaust arrangement 

and mounting the intercooler at the aft end of the engine. In the reported 

performance studies it has been assumed that, in year-2050, in one way or 

another, small cores would not be penalised by large LP-shaft diameters.  



 

203 

 

Previous studies of intercooled turbofan engines have shown that positioning 

the intercooler relatively early in the overall compression system gives better 

SFC [143] [144]. Thus all the high OPR intercooled engines modelled have 

high-pressure-ratio HP compressors driven by two-stage HP turbines. 

Intercooling enables these engines to have increased OPR and core specific 

power relative to the reference turbofan cycle, but without the very high T3 

temperatures that challenge mechanical design and NOx emissions. Increasing 

OPR and TET generally gives higher thermal efficiency, but because the HP 

compressor last-stage blade-height and efficiency reduce as the design point 

OPR increases, there is an optimum OPR for best SFC and there are 

diminishing returns for increasing TET. In the reported study, increases in max 

climb OPR of up to 60% are considered; giving 120 as the limiting OPR. 

In these intercooled engines most of the cycle benefit from intercooling comes 

from having smaller core components that increase OPR and core specific 

power at a thrust. Intercooling enables this to be done without exceeding any 

cycle temperature limits. Overcooling the core flow at cruise does not improve 

thermal efficiency, but reducing the intercooler cold-side cooling air mass flow at 

cruise and climb, relative to take-off, significantly reduces the cold-side pressure 

losses and so helps to improve overall cycle performance. The downside is that 

the engine runs hotter at cruise with potential impact on component life, but the 

T3 levels are still generally much lower than for the non-intercooled engines, so 

this can help to compensate for the higher mid-cruise TET levels. 

For the 100% thrust-scale engine, the highest permitted max-climb OPR and 

TET give the best climb and cruise SFC. However, the improvement in mid-

cruise SFC relative to the conventional reference engine seems smaller than 

the improvement in max-climb SFC. In order to minimise mid-cruise SFC, a 

parametric study investigated the trade-off between intercooler effectiveness, 

TET and OPR at the mid-cruise condition. Mid-cruise intercooler effectiveness 

was varied between 50% and 69%. The results for two different engines with 

max climb design point pressure ratios of 75 and 120 are shown in Figure 62 

and Figure 63. 
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Figure 62 – Mid-cruise OPR v. TET, and Intercooler Effectiveness 

for two different engines with 75 and 120 OPR at the max climb design point 

 

 

Figure 63 – Mid-cruise SFC v. TET, OPR and Intercooler Effectiveness 

for two different engines with 75 and 120 OPR at the max climb design point 
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Figure 62 shows how the mid-cruise OPR varies with intercooler effectiveness 

and TET, and Figure 63 shows how the SFC varies. The highest max-climb 

OPR cycles give the best max-climb SFC, but mid-cruise SFC for the higher 

OPR cycles is improved by reducing off-design OPR and optimising intercooler 

effectiveness and TET. This also increases the mid-cruise bypass ratio by 

reducing the core mass flow.  

The max climb design-point cases in the scaling parametric study were run with 

the assumed limiting intercooler effectiveness of 75% and TET of 1890 K, but 

with OPR levels ranging from 75 to 120. TET is limited to 1950 K for the hot-day 

take-off cases by adjusting the fan bypass section to LP compressor work-split. 

The HP compressor last-stage blade-height is significantly reduced in the higher 

OPR intercooled engine cycles. This is costing these cycles 1-2% of HP 

compressor efficiency and 0.5-1.0% of HP turbine efficiency relative to the 

reference turbofan. The SFC levels of the intercooled engines are therefore 

several percentage-points worse than they would have been had the 

component efficiencies not been reduced by the scaling-down of the core 

components relative to those in the non-intercooled engines. 

Some intercooled cycles would seem to benefit from having HP compressor 

pressure ratios of 30 or more at max climb. However, the design of HP 

compressors with such high pressure-ratios is difficult and likely to lead to 

reduced component efficiency. As already noted in section 3.1.9 this is because 

of the need for low hub/tip radius ratio and high blade-tip inlet Mach number at 

inlet, and high hub/tip radius ratio and small blade-height at exit. Therefore in 

this study the HP compressor pressure ratios were generally limited to 26 at top 

of climb. However, the HP compressor pressure ratios typically fall to around 

22–23 at take-off and to 18–21 at mid-cruise.  

The lower cycle temperatures in the HP compressors of the intercooled engines 

result in more lightly-loaded two-stage HP turbines, as do the lower T3 and 

higher TET variants for the conventional cycle engines. Their turbines might 
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merit having slightly-higher component efficiencies, but no credit has been 

taken for this in the author’s studies. 

The scaled intercooled engine cycles are run to the limiting max climb and max 

take-off TET specified in Table 12, but in this study the mid-cruise TET is varied 

in the range 1640 K to 1730 K. The intercooler mid-cruise effectiveness is varied 

in the range 50% to 69%, with the higher values giving better SFC in engines 

with higher OPR. This is in line with the trend in Figure 63. Increasing TET gives 

the best SFC, but for little penalty, the TET can be reduced by increasing OPR 

or intercooler effectiveness.  

In practice it seems the optimum performance is likely to be obtained as much 

by optimising the cycle matching to maximise HP and LP compressor 

efficiencies, as by adjusting the amount of cooling air provided to the intercooler 

at cruise. However, such finessing is beyond the scope of these studies. 

Figure 64 and Figure 65 show how max climb SFC and mid-cruise SFC vary 

with OPR and thrust scale. The smaller core-size intercooled engines are 

designed with 75, 90, 105 or 120 OPR at max climb, whereas OPR for the 

conventional engines is limited by T3 as shown in Figure 60.  

 

Figure 64 – Max Climb SFC for Conventional and Intercooled Engines 
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Figure 65 – Mid-Cruise SFC for Conventional and Intercooled Engines  

For the scaled intercooled engines, the OPR rather than T3 has been varied. 

Figure 66 and Figure 67 show the max climb and max take-off T3 figures, for 

the intercooled cycles at max climb and at mid-cruise, are substantially lower 

than those for the scaled conventional reference engines that had the best SFC.   

 

Figure 66 – Max Climb T3 for Conventional and Intercooled Engines  
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Figure 67 – Max Take-off T3 for Conventional and Intercooled Engines 

Note T3 increases significantly at an OPR as the HP systems are scaled down.  

For the highest OPR and 25% thrust scale cases, T3 approaches the limits set 

for max climb and max take-off in Table 12, but this high-OPR cycle does not 

give the best max climb SFC.  

A summary of the results for the conventional and intercooled engine cycles 
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thrust scale is given in Table 23. 
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improve turbine life and reduce maintenance costs, so it is a trade-off worth 

considering.  
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Table 23 – Performance of Selected Scaled Year-2050 Turbofans 

(Reference Brayton and Intercooled Cycles) 

Parameter Brayton Cycle Turbofans Intercooled Cycle Turbofans 

Engine Geometry 

Thrust Scale: 100% 65% 40% 25% 100% 65% 40% 25% 

  HP compressor exit 

    blade height (mm) 
16.8 14.0 11.5 9.5 12.3 10.1 8.3 7.2 

Take-off, Sea-level, 0.25 M, ISA +15 K 

Thrust (kN) 252 164 101 63 252 164 101 63 

Mid-cruise Performance, 35,000 ft (10668 m), 0.82 M, ISA 

  Thrust (kN) 49.0 31.8 19.6 12.2 49.0 31.8 19.6 12.2 

  OPR 64.4 62.3 59.5 56.5 91.9 91.9 91.9 83.5 

  Bypass ratio 20.7 20.0 19.2 18.2 27.6 26.4 24.8 22.1 

  SFC (mg/N.s) 12.88 13.10 13.41 13.80 12.51 12.72 13.07 13.60 

  Relative SFC datum +1.7% +4.1% +7.1% -2.9% -1.3% +1.4% +5.6% 

Max Climb Performance, 35,000 ft (10668 m), 0.82 M, ISA +10 K 

  Thrust (kN) 67.3 43.8 26.9 16.8 67.3 43.8 26.9 16.8 

  OPR 75.0 72.4 69.0 65.5 120 120 120 105 

  SFC (mg/N.s) 13.91 14.13 14.43 14.81 13.38 13.60 13.98 14.49 

  Relative SFC datum +1.5% +3.8% +6.5% -3.8% -2.2% +0.5% +4.1% 

7.4 Revised Thrust Levels for Year-2050 Turbofans 

As anticipated, the year-2050 reference aircraft studies at BHL in the 

ULTIMATE project resulted in a scaling-down of the thrust requirements for the 

long-range aircraft and a reduction in the specified mid-cruise flight Mach 

number from 0.82 to 0.80 in order to reduce fuel burn [11] and [12]. To match 

the new requirements Florian Jacob updated his PROOSIS engine performance 

model to give revised engine performance [1]. This included applying non-linear 

scale factors from BHL giving some further minor changes to the thrust 

requirements and increasing the typical mid-cruise altitude. The changing 
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requirements and performance assumptions for the final year-2050 reference 

engines (TF2050 and cycle#01 etc.) are shown in Table 24.  

Table 24 – Revised Engine Requirements for Year-2050 Turbofans 

Parameter Units Original Spec. Revised as [1] Scale Factor 

Max Climb 

Altitude ft (m) 35,000 (10668) 35,000 (10668) – 

Mach Number – 0.82 0.82 – 

Deviation from ISA K +10 +10 – 

Thrust kN 67.35 49.99 74.22% 

Power Offtake kW 260 0 – 

Mid-Cruise 

Altitude ft (m) 35,000 (10668) 37,000 (11278) 105.71% 

Mach Number – 0.82 0.80 97.56% 

Deviation from ISA K 0 0 – 

Thrust kN 49.00 32.56 66.45% 

Power Offtake kW 260 0 – 

Max Take-off 

Altitude ft (m) 0 0 – 

Mach Number – 0.25 0.20 80% 

Deviation from ISA K +15 +15 – 

Thrust kN 252.07 183.46 72.78% 

Power Offtake kW 260 0 – 

The new thrust levels are strictly only applicable to Jacob’s updated reference 

engines, since the advanced cycle engines each have different SFC and 

installed weight. Re-optimising the aircraft for the advanced cycle engines 

should result in further new thrust requirements. However, it was not practical to 

keep reiterating thrust levels, so the revised thrust figures and flight conditions 

in Table 24 have been used for the final performance studies. 

The author’s Excel spreadsheet was used to scale the original year-2050 

reference engine model to these revised thrusts. The results of this final scaling 

are presented in sections 7.6 and 8.4 where they are compared with the final 
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advanced-cycle engine performance and fuel-burn assessments. Note reduced 

thrust levels were anticipated in generating the preliminary performance 

estimates for cycle#06 as described in Chapter 6 and shown in Table 20.  

The changes in the thrusts, offtakes, design-point altitudes and Mach numbers 

mean that the earlier performance results cannot be directly compared with later 

ones. The later models also used the more-typical FHV figure of 43.124 MJ/kg, 

as assumed by Jacob in [1], instead of the minimum figure of 42.797 MJ/kg 

used in the original reference and high OPR intercooled engine scaling studies.  

7.5 Studies on Alternative Engine Cycles 

The series of performance studies on more-complex cycles was also carried-out 

using the Excel performance spreadsheet described in section 3.1. Following 

the original scaling study on the year-2050 reference engine, the high-OPR 

intercooled engine was modelled and its sensitivity to scaling was investigated 

as described in section 7.3.2. The reference and selected high-OPR engines 

were then resized for the revised thrust requirements of Table 24 before the 

remaining advanced-cycle engine options were modelled to common thrust 

requirements. The final studies, modelling cycle#06 and some of the variants 

shown in Figure 25, are described hereafter.  

It was not possible to fully automate execution of the Excel models, so it was 

not possible to complete detailed optimisation studies for all of the advanced-

cycle engine options within the timeframe of the PhD project. Therefore the 

parametric studies that were undertaken for cycle#06 and its variants have not 

yet mapped-out all of the potential design-spaces for engines using the four 

proposed new technologies. Recommendations for further studies are included 

in section 10.3. 

7.5.1 Intercooling, Secondary Combustion and a Bottoming Cycle  

Cycle#03 was derived from cycle#02 by adding the ABC. The secondary 

combustor was modelled as an intra-turbine combustor between the first and 

second HP turbine stages. While it is assumed that the secondary combustor 
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would be fabricated from CMC materials that would not require significant 

cooling, the higher gas temperatures at inlet to the second stage of the HP 

turbine required an increase in the cooling air mass flow for cooling the second-

stage rotor blades. Both stages are assumed to have the same TET. The 

second stage should be easier to cool, but the taller blades are subject to higher 

stress levels, so may need to be cooled to lower mean metal temperatures than 

the first stage blades. Ideally the second stage might be cooled by a separate 

CCA system taking lower-pressure bleed air from the HP compressor to 

maximise its efficiency, but for simplicity the cooling of the second stage has 

been modelled using uncooled cooling air. This lower-pressure cooling air is in 

any case relatively cool as it is taken from an intercooled compression system.   

7.5.2 Preferred Configuration with all Four Technologies 

Cycle#06 in Figure 25 was modelled after the reference engine cycle#01 and 

the high-OPR intercooled engine cycle#02 and after cycle#03 had added the 

ABC. It incorporates intercooling, topping and bottoming cycles and secondary 

combustion immediately after the topping cycle modules. The topping cycle is 

assumed to comprise the six topping-cycle modules as described in Chapter 5.  

As discussed in section 4.6, cycle#06 has been modelled without the additional 

centrifugal compressor after the intercooler, but using it to offload the nutating-

disc compressor would make little difference to the overall performance.  

7.6 Comparison of Advanced-Cycle Engine Performance 

The characteristics and modelled performance of the advanced-cycle engine 

variants down-selected for more detailed study in section 4.1 (as shown in 

Figure 25) are compared in the following tables. These tables also include data 

for Jacob’s final TF2050 reference engine [1] that was sized to match BHL’s 

fuel-burn-optimised long-range year-2050 aircraft. The engines compared in this 

section and in 8.4 are all resized to match the reduced thrust levels and revised 

flight conditions and fuel heating value etc. This was so that the (linear) fuel-

burn exchange rates from BHL could be used for fuel-burn assessments.  
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The author’s final cycle#01 scaled-down reference engine has mid-cruise 

performance that very closely matches Jacob’s final TF2050 model, but at TOC 

and EOR take-off conditions cycle#01 has up to 3% worse SFC on account of 

its assumed greater reductions in off-design component efficiencies. As a result 

of the fuel-burn optimisation study, the reference and intercooled engines now 

have lower bypass ratios, higher specific thrusts and higher fan pressure ratios 

than the engines in the earlier scaling studies described in sections 7.3.1 and 

7.3.2. The later engine SFC levels are penalised relative to the original full-scale 

engines because of efficiency penalties from scaling-down the cores and from 

increasing specific thrust, but they benefit from not needing to provide customer 

power offtake. It is assumed fuel cells would provide aircraft auxiliary power. 

Table 25 provides a summary of the different technologies and architectures 

assumed for various cycles. The final scaled models for cycles #01, #02, #03, 

#06 and #18 all have the same thrusts and specific thrust at the TOC design 

point, a geared front fan and a high-speed IP compressor or booster.  

Table 25 – Configurations for Various Advanced Cycle Engines 

Engine Cycle 
TF2050 

and #01 
#02 #03 #05 #06 #14 #15 #18 

Intercooling No Yes Yes Yes Yes No Yes Yes 

Topping Cycle No No No Yes Yes Yes Yes No 

Bottoming Cycle No No Yes No Yes Yes Yes No 

Secondary Combustion No No Yes Yes Yes Yes No Yes 

Reverse-flow Architecture No No Yes Yes Yes Yes Yes Yes 

HPT Cooled Cooling Air Yes Yes Yes Yes Yes Yes No No 

Number of HPT Stages 2 2 2 3 3 3 2 2 

Fan Diameter (m) 2.84 2.84 2.84 2.84 2.84 2.84 2.84 2.84 

Table 26 compares the TOC design-point performance of the reference and 

high-OPR intercooled engines before and after scaling. The flight conditions are 

the same, but the scaled engines were modelled with a higher fuel heating 

value (FHV) so a more relevant comparison is made of overall efficiency. Note 

the 260 kW customer power offtake for the original study engines is credited in 
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their quoted overall efficiency figures – it adds about 0.3 percentage points to 

their overall efficiency, an increase of about 0.7%.   

Table 26 – Final Scaling of Reference and Intercooled Engines  

(Max Climb Design-Point, 10688 m, 0.82 Mach, ISA+10 K) 

Engine Original 

Reference 

Scaled #01 

Reference 

Original 

Intercooled 

Scaled #02 

Intercooled 

Thrust (kN) 67.35 49.99 67.35 49.99 

Specific Thrust (m/s) 95.5 111.3 94.0 111.3 

True Air Speed (m/s) 247.8 247.8 247.8 247.8 

Fan bypass pressure ratio 1.426 1.510 1.424 1.510 

Bypass Ratio (re. core flow) 20.41 16.52 23.42 18.76 

OPR 75.0 75.0 120 120 

HPC Exit Blade Height (mm) 16.82 14.87 12.27 10.87 

T3 (K) 992.2 998.5 912.2 931.3 

TET (K) 1890 1890 1890 1890 

Power Offtake (kW) 260 0 260 0 

FHV (MJ/kg) 42.797 43.124 42.797 43.124 

SFC (g/kN.s) 13.91 14.08 13.38 13.51 

  Relative SFC -1.2% new datum -5.0% -4.1% 

Overall Efficiency 41.92% 40.80% 43.59% 42.55% 

  Relative Efficiency +2.7% new datum +6.8% +4.3% 

Table 27 compares performance at the top of climb flight condition for six 

different cycles, including the final TF2050 model from [1], [62] and [14]. Table 

28 gives performance for the same engines at mid-cruise and Table 29 gives 

their performance at end of runway (EOR) take-off. Note the turbine cooling air 

(TCA) is the balance of the turbine cooling and sealing air that is tapped from 

the core compressors at lower pressures and temperatures than the cooled-

cooling-air (CCA) and so does not pass through the CCA system. ‘NDC’ refers 

to the nutating-disc compressors. The ABC cycles (#03 and #06) split their core 

inlet flow between the intercooler and ABCHX in the ratio 5:4. Cycle#06 uses a 

variable-area bypass nozzle to simulate mixing and improve jet velocity ratios.  
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Table 27 – Summary Comparison of Advanced Cycle Engines at Max Climb 

(Scaled Engines, TOC design point, 10688 m, 0.82 Mach, ISA+10 K, TAS 247.8 m/s) 

Parameter\Engine Cycle TF2050 #01 #02 #03 #06 #18 

Thrust (kN) 49.99 49.99 49.99 49.99 49.99 49.99 

SFC (g/kN.s) 13.73 14.08 13.51 12.84 12.02 13.93 

  Relative SFC (%) -2.5 datum -4.1 -8.7 -14.6 -1.1 

Overall Efficiency (%) 41.85 40.80 42.55 44.72 47.79 41.25 

Inlet mass flow (kg/s) 449.1 449.1 449.1 449.1 449.1 449.1 

Specific Thrust (m/s) 111.3 111.3 111.3 111.3 111.3 111.3 

OPR (turbomachinery + NDC) 75.4 75.0 120.0 120.0 80.0 120.0 

BPR (based on core flow) 16.08 16.52 18.76 14.23 19.10 24.35 

Fan bypass pressure ratio 1.51 1.51 1.51 1.51 1.51 1.51 

Jet velocity ratio bypass/core – 0.753 

 

0.784 0.808 0.775 0.726 

Fan (bypass) efficiency (%) is 92 92.58 92.58 92.58 92.58 92.58 

Bypass duct loss (%) 1.1 1.0 1.0 1.0 1.0 1.0 

LPC pressure ratio 3.33 2.98 5.04 5.04 8.74 5.04 

LPC efficiency (%) is – 89.53 88.79 88.79 87.99 88.79 

IP/HP and IC duct loss (%) 1.3 2.67 8.51 8.51 8.51 8.51 

Intercooler effectiveness (%) – – 75.0 75.0 75.0 75.0 

Intercooler cold-side loss (%) – – 6.93 7.93 7.93 7.93 

Intercooler cooling flow (kg/s) – – 27.7 19.7 14.9 21.3 

HPC/NDC pressure ratio 23.01 25.86 26.00 26.00 10.0 26.00 

HPC/NDC efficiency (%) is 85 80.4 77.26 74.86 93.25 75.42 

T3 (K) 1011 998.5 931.3 948.9 683.0 944.7 

CCA air flow (% of core) – 7.7 6.9 4.2 – 7.2 

CCACA air flow (% of CCA) – 20.1 10.0 10.0 – 10.0 

First combustor loss (%) 3.0 3.0 3.0 3.0 – 3.0 

HP1 turbine TET (K) 1890 1890 1890 1890 – 1890 

HP2 turbine TET (K) – – – 1890 1890 1890 

HPT efficiency (%) is 91 90.6 89.6 – – – 

Second combustor loss (%) – – – 3.0 3.0 3.0 

HPC last blade height (mm) – 14.87 10.87 9.08 – 9.43 

TCA air flow (% of core) – 2.05 2.05 6.05 6.05 6.05 

 



 

216 

 

Table 28 – Summary Comparison of Advanced Cycle Engines at Mid-Cruise 

(Scaled Engines, 11277.6 m, 0.80 Mach, ISA, TAS 235.3 m/s) 

Parameter\Engine Cycle TF2050 #01 #02 #03 #06 #18 

Thrust (kN) 32.56 32.56 32.56 32.57 32.59 32.56 

SFC (g/kN.s) 12.62 12.63 12.24 11.60 10.76 12.61 

  Relative SFC (%) -0.1 datum -3.1 -8.2 -14.8 -0.2 

Overall Efficiency (%) 43.24 43.19 44.57 47.18 50.69 43.26 

Inlet mass flow (kg/s) 384.7 384.9 378.7 376.9 394.4 379.7 

Specific Thrust (m/s) 84.6 84.6 86.0 86.4 82.6 85.8 

OPR (turbomachinery + NDC) 62.10 64.42 89.59 88.20 60.20 89.59 

BPR (based on core flow) 16.84 16.52 22.75 17.55 24.80 29.63 

Fan bypass pressure ratio 1.39 1.393 1.407 1.414 1.387 1.402 

Jet velocity ratio bypass/core – 0.924 0.999 1.049 1.007 0.933 

Cold nozzle area re. TOC (%) 100 100 100 100 105 100 

Fan (bypass) efficiency (%) is 95 94.97 94.96 94.96 94.97 94.96 

Bypass duct loss (%) 1.1 1.0 1.0 1.0 1.0 1.0 

LPC pressure ratio 3.44 3.381 3.870 3.655 4.626 3.770 

LPC efficiency (%) is – 90.54 90.37 90.44 90.14 90.40 

IP/HP and IC duct loss (%) 1.64 2.67 7.54 7.54 7.54 7.54 

Intercooler effectiveness (%) – – 49.28 50.00 75.00 49.28 

Intercooler cold-side loss (%) – – 6.94 4.86 7.93 6.94 

Intercooler cooling flow (kg/s) – – 17.53 9.03 9.34 13.63 

HPC/NDC pressure ratio 18.34 19.57 25.03 26.1 14.08 25.70 

HPC/NDC efficiency (%) is 87 86.07 82.60 80.08 92.95 80.68 

T3 (K) 860 872.7 870.7 887.2 654.1 884.8 

CCA air flow (% of core) – 7.7 6.9 6.4 – 7.2 

CCACA air flow (% of CCA) – 0.0 0.0 0.0 – 0.0 

First combustor loss (%) 3.0 3.0 3.0 3.0 – 3.0 

HP1 turbine TET (K) 1540 1547 1723 1730 – 1720 

HP2 turbine TET (K) – – – 1730 1481 1721 

HPT efficiency (%) is 90 90.80 89.72 – – – 

Second combustor loss (%) – – – 3.0 3.0 3.0 

TCA air flow (% of core) – 2.05 2.05 6.05 6.05 6.05 
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Table 29 – Summary Comparison of Advanced Cycle Engines at Take-off 

(Sea level, 0.20 Mach, ISA+15K, TAS 69.5 m/s) 

Parameter\Engine Cycle TF2050 #01 #02 #03 #06 #18 

Thrust (kN) 183.46 183.46 183.46 183.37 183.49 183.46 

SFC (g/kN.s) 8.28 8.533 8.312 7.734 6.91 8.551 

 Relative SFC (%) -2.9 datum -2.6 -9.4 -19.0 +0.2 

Inlet mass flow (kg/s) 1002 1005 1020 1006 1007 1017 

Specific Thrust (m/s) 183.1 182.5 179.8 182.3 182.2 180.5 

OPR (turbomachinery + NDC) 60.13 62.00 99.95 92.80 69.68 99.95 

BPR (based on core flow) 16.14 16.00 18.50 14.97 19.41 23.90 

Fan bypass pressure ratio 1.39 1.390 1.388 1.394 1.392 1.388 

Fan (bypass) efficiency (%) is 93 94.24 94.24 94.24 94.24 94.24 

Bypass duct loss (%) 1.1 1.0 1.0 1.0 1.0 1.0 

LPC pressure ratio 2.92 3.097 5.913 4.225 4.626 5.950 

LPC efficiency (%) is – 90.19 89.34 89.78 89.66 89.33 

IP/HP and IC duct loss (%) 1.64 2.67 7.54 7.54 7.54 7.54 

Intercooler effectiveness (%) – – 52.75 75.0 75.00 52.75 

Intercooler cold-side loss (%) – – 10.9 7.93 7.93 10.9 

Intercooler cooling flow (kg/s) – – 78.5 45.49 35.63 61.24 

HPC/NDC pressure ratio 20.92 20.57 18.28 23.76 16.29 18.17 

HPC/NDC efficiency (%) is 86 84.15 81.44 78.41 92.88 79.65 

T3 (K) 1053 1065 1037 1007 836.5 1049.6 

CCA air flow (% of core) – 7.7 6.9 4.2 – 7.2 

CCACA air flow (% of CCA) – 35.1 21.0 21.0 – 21.0 

First combustor loss (%) 3.0 3.0 3.0 3.0 – 3.0 

HP1 turbine TET (K) 1921 1913.5 1953.3 1950 – 1950 

HP2 turbine TET (K) – – – 1950 1671 1930.8 

HPT efficiency (%) is 91 90.62 89.56 – – – 

Second combustor loss (%) – – – 3.0 3.0 3.0 

TCA air flow (% of core) – 2.05 2.05 6.05 6.05 6.05 

The performance of the cycle#01 reference engine matches the TF2050 SFC at 

mid-cruise, but it deviates at climb and take-off, where its SFC is significantly 

worse. Both engine models were derived following guidelines provided by 
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ULTIMATE industry partners in [64] for cruise performance, but using different 

modelling tools and assumptions. Thus some differences were to be expected.  

7.7 Uncertainty Analysis for Performance Assessments 

The reference engine performance models have component efficiencies and 

pressure losses originally chosen by the author to reproduce the overall mid-

cruise performance recommended by industry partners in [64]. When the 

engines were scaled, scale-corrections to efficiency were applied to the HP 

compressors and turbines as shown in Table 30.  

Table 30 – The Effects of Reduced Component Efficiency on Cycle#01 

Cycle Cycle#01 Cycle#01 -1% 

Parameter/Case TOC CR EOR TOC CR EOR 

Thrust (kN) 49.99 32.56 183.46 49.9 32.56 183.46 

SFC (g/kN.s) 14.08 12.63 8.53 14.51 13.06 8.86 

  Change in SFC (%) datum datum datum +3.0 +3.4 +3.8 

TET (K) 1890.0 1547.5 1913.6 1890.0 1550.9 1920.5 

T3 (K) 998.5 872.7 1065.3 1011.2 883.1 1077.7 

OPR 75.0 64.4 62.0 75.0 64.4 62.0 

BPR 16.52 16.52 15.98 15.84 15.87 15.36 

Polytropic Efficiencies (%) 

Fan bypass 93.0 95.2 94.5 92.0 94.2 93.5 

LP Compressor 91.0 92.0 91.6 90.0 91.0 90.6 

HP Compressor Basic 86.0 89.6 88.2 85.0 88.6 87.2 

  Scale-corrected 86.8 90.4 89.0 85.9 89.5 88.1 

HP Turbine Basic 88.6 88.6 88.6 87.6 87.6 87.6 

  Scale-corrected 89.0 89.0 89.0 88.1 88.1 88.1 

LP Turbine 91.2 93.2 92.2 90.2 92.2 91.2 

HPC last blade ht. (mm) 14.87 15.22 
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To test the sensitivity of the overall performance of the reference engine to the 

input assumptions, cycle#01 has been modelled again with a one per cent 

reduction in component polytropic efficiencies. The results with these ‘design-

point exchange rate’ are also compared with the performance of the original 

model in Table 30. The cycle with lower efficiencies has been matched to the 

same OPR and TET at the top of climb design point. The result is a 3–4% 

increase in SFC a 10–14 K increase in T3 and a 2.4% increase in HP 

compressor last-stage blade-height, The TET at take-off increases by about  

7 K, but is still within the limits set at the start of the study.  

Other design point matchings are possible, but would not make much difference 

to the change in SFC. A similar exercise on the other study engine cycles would 

be expected to show similar results. 

7.8 Diagrams to Compare Different Performance Cycles 

Temperature–entropy (T-s) and Sankey diagrams can be used to compare 

different cycles. The engine performance spreadsheet plots the temperature-

entropy diagrams and provides the data needed to construct Sankey diagrams 

in PowerPoint. For example, Figure 68 compares the take-off temperature and 

entropy values for the reference engine (cycle#01) with those of the high-OPR 

intercooled engine (cycle#02).  

  

Figure 68 – Take-off Temperature–Entropy Diagrams for Cycle#01 and #02 
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One example of a novel Sankey diagram (Figure 69) is also presented. This 

shows the different types of energy flow in a high bypass ratio intercooled 

geared fan turbofan engine at cruise. The width of the bands is proportional to 

the power at that point in the cycle, normalized by 100% of the chemical power 

available in the fuel flowing into the combustor. 

 

Figure 69 – Colour-coded Sankey Diagram for an Intercooled Turbofan 
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8 TECHNOLOGY EVALUATION OF ADVANCED CYCLES 

This Chapter makes further assessments of the advanced-cycle engines that 

have had their performance modelled as described in Chapter 7. The cycle   

options are a subset of those identified in Figure 24 and Figure 25. 

Comparisons are made with baseline year-2000 in-service engines and other 

ULTIMATE project study engines. Engine weight, fuel burn and NOx emissions 

are estimated quantitatively and engine noise is considered qualitatively. An 

uncertainty analysis is included and the development potential and the risks for 

the different options are reviewed. 

8.1 Comparison with In-service Engines in Year 2000 

ACARE targets are baselined to engines in-service in year 2000. The 

ULTIMATE project and previous EU programmes such as NEWAC and 

LEMCOTEC have taken a CFM56-like engine in an Airbus A320-like aircraft as 

a baseline for short-haul aircraft and a Trent 700-like engine in an Airbus A330-

like aircraft as a baseline for a long-haul aircraft. 

8.2 Weight Assessments 

As described in section 3.3.1, the engine weight assessments have taken as 

their starting-point the WeiCo weight assessment for the final TF2050 reference 

engine, equivalent to cycle#01 in Figure 24 and Figure 25.  

The same percentage breakdown has been taken for the cycle#01 component 

weights. Component weights for the alternative cycles have been estimated as 

described in section 3.3.1 and Chapter 6 and scaled according to the 

component sizes implied by the relevant cycle performance. The resulting 

weights are listed in Table 31. 
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Table 31 – Component Weight Breakdown (kg) for Alternative Cycles 

Parameter\Engine 

Cycle 

#01 #02 #03 #06 #18 

Fan 1529 1529 1529 1529 1529 

Reduction Gearbox 217 219 219 222 219 

IP Compressor 408 542 741 784 402 

HP Compressor 155 72 49 – 53 

Combustor 124 62 41 – 43 

HP Turbine 124 54 38 – 42 

LP Turbine 408 485 312 205 442 

Hot Nozzle 98 80 89 60 71 

Cold Nozzle 109 102 102 106 105 

Engine Shafts 57 56 45 36 48 

Main Bearings 67 66 51 40 54 

Accessories 258 255 246 232 258 

Intercooler – 733 800 627 572 

Nutating-disc Modules – – – 666 – 

Extra Transmissions – – – 76 – 

Secondary Combustor – – 82 75 87 

ABC Heat Exchanger – – 640 502 – 

ABC Turbine – – 125 125 – 

Total Engine 3554 4254 5109 5518 3925 

  Relative to Cycle#01 datum +20% +44% +55% +10% 

Nacelle 1607 1607 1607 1607 1607 

Total Engine and Nacelle 5161 5862 6716 7125 5532 

  Relative to Cycle#01 datum +14% +30% +38% +7% 

8.3 Nacelle and Afterbody Drags 

Nacelle and afterbody drags for the different advanced cycle options have not 

been systematically assessed, though such assessments are candidates for 

further work as noted in section 10.3. Since all the engines specified in Table 25 

are assumed to have the same fan diameter they will all have similar nacelle 

diameters and nacelle drags. There should however be some differences in 
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nacelle drag resulting from the different engine architectures. The high-OPR 

intercooled engines are expected to need slightly-fatter nacelles than the 

reference engines. The engines with topping cycles are also likely to need 

slightly-fatter nacelles, and the engines with reverse-flow cores are expected to 

have higher afterbody drags, but in these cases the drag increase would be 

offset by the benefit of having a mixed exhaust. Neither effect has been 

modelled, but the effects have been assumed to cancel out. 

8.4 Fuel-burn Assessments 

The methodology for assessing the fuel-burn benefits of alternative engines on 

the reference advanced year-2050 tube-and-wing aircraft has been covered in 

section 3.2 and is also described in [14]. The results are given in Table 32. Note 

the design mission fuel burn when the exchange rates were calculated was 

47500 kg prior to the final scaling of the TF2050 engine.  

Table 32 – Fuel-Burn Calculations for Alternative Cycles 

Parameter\Engine Cycle #01 #02 #03 #06 #18 

Weighted SFC (g/kN.s) 12.71 12.28 11.60 10.80 12.65 

∆ SFC weighted from Equation 8 -0.2% -3.3% -8.5% -15.0% -0.4% 

Engine + nacelle Weight (kg) 5161 5862 6716 7125 5387 

Fan Diameter (m) 2.84 2.84 2.84 2.84 2.84 

∆ Fuel burn from Equation 9 -1.0% -4.4% -10.3% -19.3% -0.9% 

Design mission fuel burn (kg) 47056 45472 42655 38353 47117 

  Fuel burn saving (kg) datum 1584 4401 8703 -61 

  Fuel burn saving (%) datum 3.4% 9.4% 18.5% -0.1% 

8.4.1 Uncertainty in the Fuel-burn Assessments 

There are five major sources of uncertainty in the fuel burn assessments: 

 The performance of the novel technologies 

 The SFC assessments at design and off-design (see section 7.7) 

 The component weight assessments 

 Changes in installed nacelle drag (which have not been assessed) 
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 The linear fuel-burn exchange rates for the aircraft 

The combination of these five factors compounds the overall uncertainty. 

However, the relative fuel burn comparison between the different engine cycles 

is of greatest interest, and in this respect the uncertainty is somewhat less, 

because consistent methods and assumptions have been adopted. 

The 18.5% fuel burn reduction for cycle#06 might prove to be optimistic if more 

detailed study would add to the engine weight and/or nacelle drag. 

8.5 Noise Assessments 

The author has only made qualitative noise assessments.  

The reference turbofan for year 2050 should be quieter than existing engines 

and has been assessed at Chalmers University in the ULTIMATE project [145], 

but the advanced cycle turbofans may or may not be quieter than the reference 

engine.  

All the study engines have low-speed geared fans and lower specific thrust than 

existing engines, which should reduce fan noise relative to currently-in-service 

large engines. The associated high-speed LP turbines may generate more 

noise on account of slightly higher Mach numbers than current direct-drive 

turbines, but the higher blade-passing frequencies should mean that this noise 

is better attenuated. 

Engines configured with intercoolers and/or bottoming-cycle heat exchangers 

can expect to benefit from additional attenuation of core turbomachinery and 

combustion noise. The ABC turbine, downstream of the ABC heat exchanger, is 

an additional noise source, but should be no worse than the LP turbine. In the 

proposed reverse-flow-core arrangement it is well buried inside the engine. 

The alternative closed-circuit bottoming cycle has no direct gas-path to the 

atmosphere and would be expected to generate relatively high frequencies that 

are more-easily attenuated. 
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The reverse-flow core arrangement with its mixed exhaust flow should generally 

be quieter than a conventional separate-jets engine. 

Gearbox noise is an unknown as is the noise from lean-burn primary and 

secondary combustors. All combustion systems have the potential to generate 

noise through combustion instability and acoustic resonance. The control or 

elimination of these noise sources, particularly troublesome in lean-burn 

combustion systems, is largely down to detail design. However, it seems 

reasonable to assume that improved simulation techniques will enable these 

potential problems to be averted by the year 2050. 

The topping cycle machines are the main concern, though it is arguable that the 

dual-disc nutating-disc modules should at least have low vibration, since they 

are overall well-balanced, and they should be at least as quiet as conventional 

piston engines, given their relatively steady exhaust streams.  

The author is unaware of any noise measurements having been made on actual 

nutating disc engines, and even if data were to exist for normally-aspirated 

designs, their applicability to the highly-turbocharged high-speed units proposed 

for the year-2050 engines would be questionable. 

The operating speeds of the proposed nutating-disc modules are higher than 

most high-speed piston engines, so the noise they generate should also be 

higher-frequency, particularly noting that in each module ignition occurs twice 

for each shaft-revolution and as noted in section 5.5 the proposed arrangement 

of six modules for cycle#06 operating 60° out-of-phase with each other, raises 

the firing frequency by a further factor of three, feeding the secondary 

combustor with only small pressure fluctuations at around 41 kHz at take-off. 

However, piston engines with multiple cylinders out-of-phase obviously also 

benefit from having raised noise frequencies.  

The most fuel efficient engines should benefit a bit more from the scaling-down 

of the aircraft take-off weight and reduced thrust requirements, as this further 

iteration has not been taken into account.  



 

226 

 

Where the nutating-disc modules feed into secondary combustors or plenum 

chambers, these should also be quite effective in reducing the noise propagated 

downstream; however, the combustion systems themselves add some noise. 

8.6 Emissions Assessments 

Quantitative NOx emissions assessments have been made for the year-2000 

baseline and for the year-2050 study engines that are assumed to incorporate 

advanced the LDI combustors. The latter estimates, using the author’s 

recommended NASA correlation, Equation 21, are compared with the CAEP 

limits, SRIA Flightpath 2050 targets and year-2000 baseline engines. 

Another ULTIMATE study was expected to develop a quantitative emissions 

correlation or methodology for engines with the nutating-disc core, but attempts 

to adapt existing diesel-engine methods proved unsatisfactory. Therefore only 

qualitative assessments have been made. Also, as explained in section 6.2.2, 

predictions have only been made for the primary combustors in other engine 

cycles, not for secondary combustion.  

For several of the study engines the emissions would come from the same 

advanced lean direct injection (LDI) type of combustor assumed for the year-

2050 reference engine, so assessments could be made using Equation 21. 

In a more rigorous comparison, the actual emissions should be slightly lower for 

the advanced cycle engines on account of their improved fuel burn and potential 

to be further scaled-down or de-rated to match the reduced thrust requirements 

for the year-2050 intercontinental aircraft mission. 

8.6.1 Year-2000 Baseline Engine Emissions Assessments 

Declared ICAO database emissions for representative year-2000 in-service 

engines have been taken as the starting points for estimating the potential 

improvements arising from year-2050 technology. This applies not only to the 

LTO-cycle emissions, which for year-2000 engines can be read from the ICAO 

emissions database, but also to the on-route emissions of NOx at top of climb 
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and at mid-cruise conditions. For the year-2000 baseline engines this required 

the modelling of their performance at sea-level and at altitude. The baseline 

engine performance data were provided by Joshua Sebastiampillai and Florian 

Jacob from their PROOSIS performance models described in ULTIMATE 

deliverable D2.6 [13]. However the original PROOSIS models would not run 

down to low static thrusts, so some extrapolation of the available performance 

was made in order to get down to the 30% and 7% sea-level static thrust cases 

needed for the LTO-cycle emissions assessments.  

The year-2000 baseline engine emissions figures were then computed by the 

author and reported in the ULTIMATE deliverable D2.3 [108]. All the engine 

performance modelling assumes dry air, so humidity effects were accounted for 

by applying the correction to the high altitude NOx emissions estimates as part 

of the P3T3 method as described in Section 3.8.5.  

For long-range aircraft, the reported emissions for the Trent 772 were taken to 

be representative of engines in-service in 2000, and for short-range aircraft the 

emissions of the CFM56-5B7/P engine were taken. The selection of the Trent 

772B was straightforward, but various standards of CFM56-5B logged over 140 

different emissions tests [82]. The number of tests was large because the 

CFM56 was offered with multiple ratings and an optional lower-emissions 

double-annular combustor (DAC), though most CFM56 engine operators did not 

take-up this costlier option. Discounting the DAC combustors, very early tests 

and tests conducted since 2000, left a series of tests conducted in 1995 on one 

engine configured for a range of different thrust ratings. CAEP/2 and CAEP/4 

NOx limits were met at all ratings, but the higher rated engines would now fail 

CAEP/6 and all engines would now fail CAEP/8. (An improved combustor 

design was tested in 2006.) Therefore emissions data for the CFM56-5B7/P 

engine that had the single-annular combustor and an intermediate thrust rating 

were used in the ULTIMATE project studies, to be fairly representative of the in-

service fleet in year 2000. Few details of these assessments are included in this 

thesis as they are not relevant to the larger turbofan engines modelled. 
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8.6.2 Long-range Aircraft Engine Performance 

A Trent 772B-like engine in an A330-like aircraft provides the other appropriate 

year-2000 baseline for emissions comparisons in these studies. Such a 

combination was also used in previous EU Framework Programmes including 

VITAL, NEWAC and LEMCOTEC to provide baseline year-2000 state-of-the-art 

in-service engine performance, noise and emissions figures.  

The Rolls-Royce Trent 772B itself was certificated with an early ‘Phase-5’ 

combustor in 1994. 

The ULTIMATE deliverable D2.6 [13] describes modelling a Trent 772B-like 

engine, designated LRTF2000, and tabulates its TOC, CR and EOR design-

point performance.  Selected performance parameters for these three cases are 

listed in Table 33. Note the mid-cruise performance is quoted for an ISA day. 

Table 33 – Selected Performance Parameters for the LRTF2000 Turbofan 

Parameter Units TOC CR EOR 

Mach number - 0.82 0.82 0.25 

Altitude m 10668 10668 0 

Deviation from ISA day temperature K 10 0 15 

Total net thrust (FN) kN 73.01 52.43 250.95 

SFC g/kN.s 18.64 17.25 12.96 

Engine air inlet mass flow kg/s 381.8 358.8 939.0 

Bypass ratio - 4.7 5.2 5.1 

OPR - 46.5 36.5 39.2 

Combustor Inlet Pressure (P3) kPa 1714 1347 4131 

Combustor Inlet Temperature (T3) K 874 760 941 

HP Turbine Entry Temperature (TET) K 1691 1422 1757 
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For the purposes of emissions assessment, additional LTO-cycle performance 

data points were generated using the LRTF2000 model. Table 34 gives a 

summary of these data. 

Table 34 – Selected LTO-cycle Performance Data for the LRTF2000 

Parameter Units T/O C/O App Idle 

Mach number - 0 0 0 0 

Altitude m 0 0 0 0 

Deviation from ISA day temperature K 0 0 0 0 

Total net thrust (FN) kN 316.3 268.9 94.9 22.1 

Relative thrust - 100% 85% 30% 7% 

SFC g/kN.s 9.81 9.30 8.60 12.13 

Engine air inlet mass flow kg/s 938.9 871.8 526.3 252.5 

Bypass ratio - 5.05 5.20 5.89 6.41 

OPR - 40.1 34.9 15.9 6.71 

Combustor Inlet Temperature K 897 851 682 528 

Combustor Outlet Temperature (COT) K 1681 1564 1154 1013 

HP Turbine Entry Temperature (TET) K 1603 1493 1106 972 

In this case the design-point bypass ratio of the LRTF2000 is a good match to 

the Trent 772B, but the OPR as modelled is higher than that quoted for the 

engine in the ICAO database [82]. This means the LRTF2000 might be 

expected to have higher NOx emissions than the Trent 772B. However, in 

estimating the design-point NOx emissions using the P3T3 methodology, it is 

still possible to produce credible mission-level emissions estimates by taking 

the relative fuel flows and temperature differences in the combustor and 

datuming the LRTF2000 emissions to the Trent 772B databank figures. 

The combined combustor and HP compressor exit diffuser pressure loss is 

modelled as a constant 4.0% dP/P in the LRTF2000 model. 
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The LRTF2000 NOx emissions, estimated using the P3T3 methodology, are 

given in Table 35. Note the OPR for calculation of the NOx limit for DP/Foo is 

re-datumed to 35.79 as for the Trent 772 in the ICAO database. For the 

emissions assessments, the LTO-cycle pollutant emissions are summed over 

the times specified in Table 7 for the LTO-cycle, and also quoted for one minute 

of operation at each of the TOC, CR and EOR conditions. Humidity corrections 

are applied to the NOx emissions estimates as previously described. 

Table 35 – Emissions Estimates for the SRTF2000 Turbofan 

for 60% relative humidity 

Parameter Unit

s 

T/O C/O App Idle TOC CR EOR 

Mach number - 0 0 0 0 0.82 0.82 0.25 

Altitude m 0 0 0 0 10700 10700 0 

Deviation from ISA K 0 0 0 0 10 0 15 

Thrust kN 236.2 200.8 70.8 16.5 49.99 32.56 183.4

6 Humidity factor eH – 1.000 1.000 1.000 1.000 1.125 1.125 0.832 

Fuel Flow kg/s 3.10 2.50 0.82 0.27 1.36 0.90 3.25 

EI NOx (corrected) g/kg 43.6 32.7 10.7 5.7 31.0 15.1 46.9 

Duration s 42 132 240 1560 per minute of operation 

 

 

Mass NOx kg 8.11 10.79 2.11 2.40 2.53 0.82 9.15 

Table 36 compares the Dp/Foo results with CAEP limits. Since the LRTF2000 

OPR at the LTO-cycle T/O condition (πoo) is 35.79, then the Dp/Foo NOx limit 

for CAEP/2 is 89.25 and for CAEP/8 it is 61.7. Like the SRTF2000, the 

LRTF2000 is meets the CAEP/2 limit, but would not meet the later CAEP/8 limit. 

Table 36 – LTO-cycle NOx Emissions for Year-2000 Long-range Engines 

LTO cycle 

total Dp (kg) 

LRTF2000 

Dp/Foo (g/kN) 

average engine 

LRTF2000 

Dp/Foo (g/kN) 

characteristic 

Trent 772B 

Average 

LRTF2000 re. 

CAEP/2 limit 

Average 

LRTF2000 re. 

CAEP/8  limit 

23.4 74.0 78.9 82.9% 119.9% 
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8.6.3 Year-2050 Reference Engine NOx Emissions Assessments  

The ULTIMATE project considered that by the year 2050 a geared open rotor 

powerplant would be a credible solution for aircraft for short to medium ranges, 

so performance was worked-up for a ‘GOR2050’ reference engine for the 

corresponding ‘advanced tube and wing’ (ATW) short-range aircraft. For the 

long-range aircraft the ‘TF2050’ geared-fan turbofan was modelled. Both these 

engines had performance models created in PROOSIS and reported in 

ULTIMATE deliverable D2.6 [13]. However, the original TF2050 was later 

scaled-down to match the reduced thrust requirements of the iterated long-

range ATW aircraft design. Thus the TF2050 performance was re-issued by 

Florian Jacob in a coordination memorandum ULTIMATE-CU-ECM-005 [1].  

The author’s study has focused on geared turbofan engine configurations, so 

only the TF2050 performance and emissions assessments are described here. 

Selected design-point performance parameters are presented in Table 37. 

Table 37 – Selected Performance Parameters for the TF2050 Turbofan 

Parameter Units TOC CR EOR 

Mach number - 0.82 0.80 0.20 

Altitude m 10668 11277.6 0 

Deviation from ISA day temperature K 10 0 15 

Total net thrust (FN) kN 49.99 32.56 183.46 

SFC g/kN.s 13.73 12.62 8.28 

Engine air inlet mass flow kg/s 449.0 384.7 1002.2 

Bypass ratio - 16.08 16.84 16.14 

OPR - 75.4 62.1 60.13 

Combustor Inlet Temperature (T3) K 1011 860 1058 

Combustor Outlet Temperature (COT) K 1890 1540 1921 
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For the purposes of emissions assessment, additional performance data were 

generated from the LRTF2000 model to cover the four LTO-cycle ground-level 

emissions measurement points as shown in Table 38. 

Table 38 – Selected LTO-cycle Performance Data for the TF2050 Turbofan 

Parameter Units T/O C/O App Idle 

Mach number - 0 0 0 0 

Altitude m 0 0 0 0 

Deviation from ISA day temperature K 0 0 0 0 

Total net thrust (FN) kN 236.2 200.8 70.8 16.5 

Relative thrust - 100% 85% 30% 7% 

SFC g/kN.s 6.12 5.80 5.51 7.94 

Fuel Flow kg/s 1.446 1.165 0.390 0.131 

Engine air inlet mass flow kg/s 992.0 916.9 547.6 263.5 

Bypass ratio - 15.89 16.14 19.57 27.60 

OPR - 60.5 52.8 21.8 6.69 

Combustor Inlet Temperature (T3) K 1004 949 753 577 

Combustor Outlet Temperature 

(COT) 

K 1839 1704 1327 1127 

For reference, the TF2050 combustion efficiency was modelled as a constant 

99.95% and the combined combustor with HP compressor diffuser pressure 

loss as just 3%. 

The TF2050 emissions were estimated using the correlation Equation 21 as 

discussed in section 3.8.7 and the results are shown in Table 39. The LTO-

cycle pollutant emissions are summed over the times specified times in Table 7, 

and for one minute of operation at each of the TOC, CR and EOR conditions. 

As for the year-2000 baseline engines, humidity corrections are applied to the 

NOx estimates, assuming 60% relative humidity at sea level for ISA and 

ISA +15 K days and a 12.5% increase in NOx emissions at high altitudes. Note 

the higher absolute humidity assumed for the hot day take-off case reduces the 



 

233 

 

amount of NOx produced relative to the prediction from the uncorrected 

correlation, but NOx emissions still increase relative to an ISA day. 

Table 40 compares the Dp/Foo results with CAEP limits. Since the TF2050 

OPR at the LTO-cycle T/O condition (πoo) is 60.49, then the Dp/Foo NOx limit 

for CAEP/2 is 128.8 and for CAEP/8 it is 111.1. Note these are estimates for 

average engine emissions, not projected characteristic values. Very significant 

reductions in NOx emissions are predicted relative to the LRTF2000 at all 

comparable conditions. At altitude and particularly at top of climb, the NOx 

reductions are not quite as impressive as those of the GOR2050, but both 

engines run relatively hot at top of climb because of their low specific thrusts. 

Table 39 – NOx Emissions Estimates for the TF2050 Turbofan 

Parameter Units T/O C/O App Idle TOC CR EOR 

Mach number - 0 0 0 0 0.78 0.78 0.25 

Altitude m 0 0 0 0 10668 10668 0 

Deviation from ISA K 0 0 0 0 10 10 15 

Thrust kN 236.2 200.8 70.8 16.5 49.99 32.56 183.4

6 Humidity factor eH – 1.000 1.000 1.000 1.000 1.125 1.125 0.832 

Fuel Flow kg/s 1.446 1.165 0.390 0.131 0.686 0.411 1.519 

EI NOx g/kg 47.9 31.7 6.4 1.4 36.9 12.7 64.0 

EI NOx (corrected) g/kg 47.9 31.7 6.4 1.4 41.6 14.3 53.2 

Duration s 42 132 240 1560 per minute of operation 

 

 

Mass NOx kg 2.906 4.875 0.599 0.285 1.712 0.353 4.849 

NOx re. LRTF2000 – -64% -55% -72% -88% -32% -57% -47% 

Mission-level emissions assessments are beyond the scope of this study, but 

they could be made using Equation 21 together with the humidity correction.  
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Table 40 – LTO-cycle NOx Emissions Compliance for the TF2050 Turbofan 

LTO Cycle    

Dp (kg) 

Dp re. 

SRTF2000 

Dp/Foo  

(g/kN) 

Re. CAEP/2 

limit 

Re. CAEP/8 

limit 

8.66 -63% 36.7 28.5% 33.0% 

Based on the above figures, the year-2050 reference turbofan is estimated to 

reduce total NOx emissions by 63% in the LTO cycle and by 57% at mid-cruise 

relative to the year-2000 baseline engine, equivalent to about 60% per ASK at 

mid-cruise, given that the ATW aircraft capacity is assumed to grow by 8.3%. 

For comparison, the year-2050 reference open rotor was estimated to reduce 

total NOx emissions by 78% in the LTO cycle and by 83% at mid-cruise relative 

to the year-2000 baseline engine, equivalent to about 86% per ASK at mid-

cruise, given that the short-range aircraft capacity is assumed to grow by 20%.  

8.6.4 Advanced Cycle Engines NOx Emissions Assessments 

The emissions assessments using Equation 21 have only been made for the 

engine cycles with lean ‘constant pressure’ combustors. EINOx figures given in 

Table 41 are just for the primary combustors. For those cycles that also have 

inter-turbine combustors (#03, #18), it is not obvious whether the overall EINOx 

would be increased or reduced. As in section 8.6.2 humidity corrections are 

applied. It is important to note that the intercooled cycles have been matched 

for best SFC, not for minimum NOx, so for these cycles the higher OPR has 

outweighed the NOx-reduction benefit from intercooling. 

Table 41 – NOx Emissions Estimates for Advanced-Cycle Turbofans 

Parameter\Engine Cycle TF2050 #01 #02 #03 #18 

EINOx at TOC (g/kg) at ISA+10 K 41.6 39.6 33.2 34.9 35.6 

EINOx at mid-cruise (g/kg) at ISA 14.3 15.2 18.9 22.0 20.5 

EINOx at EOR T/O (g/kg) at ISA+15 K 53.2 57.3 60.5 60.2 64.2 

Since the engines have the same primary combustor technology and similar 

combustor exit temperatures, it is not very surprising that they have similar 

emissions indexes for NOx. For the engines with intra-turbine combustors, the 
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figures imply that, in proportion to their fuel flows, the second combustors would 

add as much NOx to the incoming flow as the primary combustors,  

8.6.5 Uncertainty in Emissions Estimates 

The uncertainty in the emissions estimates is greater than the uncertainty in 

SFC or fuel burn. For year-2050 study engines without topping cycles or 

secondary combustion, Equation 21 gives consistent lean-combustor NOx 

emissions estimates. The correlation predicts credible trends for changes in P3, 

T3, and T4, so it should at least be capable of ranking different engine designs 

in a sensible order of severity regarding NOx emissions. It should also be 

possible to use it in trade studies of NOx emissions v. CO2 emissions. However, 

the prediction method cannot be used for engines with topping cycles and 

cannot be relied upon for cycles including secondary combustion, nor be 

expected to give very accurate absolute assessments of NOx emissions. 

Some further discussion of uncertainties in emissions assessments is given in 

Appendix B following the investigation of existing and potential new methods for 

estimating NOx emissions. 

8.7 Development Potential 

In general it can be said that the advanced-cycle engines with intercooling and 

closed-circuit bottoming cycles have low overall development risk, since the 

engine architectures can remain close to the year-2050 reference engine and 

the same combustor technology can be used. Development of the supercritical-

CO2 bottoming cycle is considered low to medium risk in the 2050 timeframe 

and should be capable of being developed for earlier entry into service. The 

ABC might also be located in the tail-cone rather than needing a reverse-flow 

core arrangement, now that it seems that its heat exchanger is best placed 

downstream of the last turbine, rather than further upstream in the engine.  

The proposed topping cycles using nutating-disc modules rely on significant 

enabling technology developments in the coming decades. Cycle#06 is the 

most-complex cycle with highly-turbocharged nutating disc modules. It assumes 
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relatively-low heat loss from the topping cycle, reducing the average hot-section 

temperatures by intercooling, but it sets very challenging requirements for the 

nutating-disc bearings, valves, sealing technologies and associated materials. 

The heat exchangers and the bottoming cycle turbine are considered to be 

lower risk. 

8.7.1 Potential Hazards associated with the New Technologies 

No systematic risk or hazard assessments have been carried out. However, the 

risk of uncontained turbomachinery or nutating-disc failures is considered low 

for all the concept engines (no greater than the risk of uncontained failures in 

conventional-cycle engines). Engine fuel or oil fires should also be a low risk for 

most of the new technologies, given sufficient attention to detail design.  

The nutating-disc modules would add potential new failure modes and the 

highly-loaded bearings give cause for concern. A transmission system that 

could isolate and disconnect a module with overheated bearings or other 

problems might be able to avoid a potential in-flight shutdown, but it would also 

introduce the risk of inadvertent disconnection of the modules causing a 

shutdown.    

All of the novel technologies will need to be developed to higher TRL and be 

rigorously assessed at each level during the process to ensure that they will be 

capable of meeting the required performance, weight, safety and reliability 

targets and to justify their inclusion in future aero engines. 
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9 SCENARIOS FOR THE ENVIRONMENTAL IMPACT OF 

AVIATION  

This chapter analyses the potential impact of engine technology improvements, 

including those targeted by the author’s advanced cycle studies, on the fuel 

burn and CO2 emissions of the overall future civil airline fleet.7 It considers 

factors affecting growth in civil aviation and different economic scenarios up to 

the year 2075 and beyond. It shows the potential impact of a step-change in 

fuel economy introduced starting from year 2050, consistent with the successful 

development of the proposed advanced engine technologies. It assumes the 

reference aircraft and engines would be available by 2050 and that the original 

target of a further 15% reduction in fuel burn could be achieved by combinations 

of advanced technologies. The implications of the study are discussed.  

The spreadsheet developed for this study has been described in section 3.6. 

9.1 Factors Affecting Growth in Civil Aviation 

The design and operation of future aircraft could be significantly affected by 

consideration of aircraft noise and engine exhaust emission levels, but these 

factors have not been quantitatively assessed. For noise, the societal impact of 

the technology improvements is highly dependent on levels of local air traffic 

and operational procedures. It is anticipated that future aircraft will be quieter 

than current ones (even if and when open rotor engines are widely introduced) 

but any quantitative assessment of the impact of aircraft noise on airline market 

growth and economics is beyond the scope of this study. It is assumed that the 

long-term sensitivity of the global development of aviation to changing noise 

footprints and noise-reducing technologies will be relatively small. 

Whereas aircraft noise has long been a major concern, more recently public 

interest has turned back to concerns about local air quality and to the global-

warming impact of aircraft emissions. Legal challenges over NOx emissions as 

                                            
7
 The author participated in the ULTIMATE project’s ‘Scenario Studies’ and wrote the 

confidential ULTIMATE deliverable D5.5 [104], the main results of which are summarised here. 



 

238 

 

well as noise may now hinder airport expansion. Assessments should be made 

of the advanced-cycle-engine exhaust emissions, not only for the certification 

Landing and Take-off (LTO) cycle that is indicative of emissions in the 

immediate environment of airports, but also for on-route emissions that may 

contribute to climate change and stratospheric ozone depletion. 

Aircraft operating economics are also considered as part of the scenario studies 

in sections 9.4 and 9.5. A simple top-down approach has been adopted for the 

current study, based on the proportion of operating costs attributable to fuel 

costs, either with or without additional taxation. Economic modelling is 

applicable to airline operations by both of the year-2050 ULTIMATE reference 

aircraft. These two aircraft types together are taken to be representative of 

airline fleet operations as a whole. Airline operations are assessed either for a 

fleet of aircraft with a fleet-mix typical of the airline aviation fleet as a whole, or 

for operation of just the latest aircraft and engine types, either with or without 

ULTIMATE technology. CO2 emissions are also assessed for the whole civil 

aviation fleet, not just for passenger airliners and regional aircraft. It is important 

to distinguish between these different cases. 

In order to predict the effects of changes in operating costs on the market for air 

travel, it is necessary to consider the price elasticity of demand. The price 

elasticity of demand (PED or e(P)) is defined in Equation 22 as the change in the 

quantity Q  ‘demand’ divided by the change in the ‘price’ P. No change in unit 

demand means the elasticity is zero, but if demand reduces, PED is negative. 

𝑒(𝑃) =  
∆𝑄 𝑄⁄

∆𝑃 𝑃⁄
 

Equation 22 

The PED is not a constant but varies along the demand curve. It will tend to rise 

towards zero as the price falls, but this study is more interested in relatively 

small changes relative to the baseline scenario, typically for the years between 

2040 and 2080, so the PED may be considered as a constant. Also, in terms of 

the elasticity of demand in the market for air travel, it can reasonably be 

assumed that the total sum that people would be prepared to spend on air travel 
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would not reduce if air fares increased, but that they would choose to fly less-

frequently, so the PED is expected to be between -1 and 0.   

A priori, it might be supposed that the number of flights taken should vary in 

inverse proportion to the square root of the price per km travelled, i.e. that PED 

is -0.5. Thus a 10% increase in the ticket price would result in about 5% fewer 

flights being taken, while total airline revenues would increase by about 5%. If 

airlines planned for this and reduced capacity and operating costs by 5%, then 

they would be able to accommodate a 10% increase in DOC per mission for the 

same level of profitability. Alternatively, if they did not reduce capacity they 

would only be able to accommodate about a 5% increase in DOC per mission. 

(However, these assumptions are likely to break down for very low prices.) 

The actual elasticity of demand is obviously more complicated and will depend 

on the market sector, the routes, and the circumstances leading to the increase 

in ticket prices. These include, for example, levels of airline competition and 

increases in fuel costs, and whether other areas of the economy would also be 

affected by increased energy prices that might result in changes to disposable 

incomes. Note ticket sales are not the only source of airline income.  

The International Air Transport Association (IATA) published an analysis of the 

price elasticity for air travel in 2008 [146]. This briefing document includes 

further useful references, and other more-detailed reports are also available on 

the IATA website under ‘economics’. The IATA analysis noted that passengers 

were becoming less sensitive to price, as increasingly lower prices, in real 

terms, meant that the air travel price itself has become a smaller and less 

important part of the total cost of a typical journey or trip. This is a trend that is 

likely to continue, at least in mature markets, though it may be less true in 

markets that are still rapidly expanding as a result of rising levels of disposable 

income (typically in the so-called BRICS economies of: Brazil, Russia, India, 

China and South Africa). Despite some current difficulties, these economies are 

expected to lead substantial growth in demand up to and beyond 2050, though 

by that time they might also be considered to be substantially mature markets. 
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For international travel PED was found to be about -0.6, but for domestic travel, 

where alternative modes of transport are likely to be available, the PED falls to 

about -0.8. For routes where there is airline competition, the PED falls still 

further to around -1.4, meaning that most passengers will be actively seeking-

out lower cost options. These figures show that, up to year 2008 at least, 

demand was still quite cost sensitive. Assuming real disposable incomes will 

increase faster than real air travel prices, then it seems reasonable to assume 

PED will rise to -0.5 by year 2050, at least for long-haul flights. However, it 

makes sense to use a much more negative figure when comparing alternative 

airline operations and different levels of engine technology on competing routes. 

The assumptions regarding air-traffic growth and infrastructure development 

scenarios were originally agreed in ULTIMATE deliverable D5.2 [106] but were 

further developed in D5.5 [105] and are summarised in the following sections. 

9.2 Different Growth-rate Scenarios 

The baseline air-traffic growth scenario assumes 4.5% increase in RPK and 

ASK per annum from year 1996 up until year 2030 and then modest reductions 

from 4.5% in each subsequent half-decade, as shown in Figure 70. 

 

Figure 70 – Assumed Baseline Global Air Traffic Growth Rate (ASK p.a.) 

The growth rate for previous years smooths-out the annual variations and may 
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1% higher or 1% lower than the baseline. Figure 71 shows the cumulative effect 

of these different assumptions, normalised against the year 2020 ASK level. 

 

Figure 71 – Effect of Different Growth Rates on Total ASK per Annum 

For reference, in year 2020 it is assumed that global passenger airlines will 

service 3643 billion RPK, 4554 billion ASK. The passenger load factor (PLF), 

which is the ratio of RPK to ASK, is assumed to remain constant at 80%.  

9.3 Fuel-burn and CO2 Emissions Estimates 

Given the preceding methodology and assumptions, the overall civil commercial 

fleet’s fuel consumption and mission-level CO2 emissions for the baseline year 

2000 have been estimated as shown in Table 42 and Table 43.  

The factors in Table 42 also apply to the baseline scenario calculations, tables 

and plots for subsequent years, whereas the factors in Table 43 are specific to 

the year 2000. In Table 43 the estimated civil fleet fuel-burn figure for the year 

2000 is compared to the production of jet fuels in that year.  
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Table 42 – Benchmark for Fuel-burn and CO2-emissions Calculations 

Parameter Units Value Remarks 

Litres per barrel of jet fuel – 159 US standard barrel 

Typical density of jet fuel kg/m
3
 797 From [106] 

Typical mass of jet fuel/barrel kg/barrel 126.7 Product of the two terms 

above kg of CO2 per kg of jet fuel burned – 3.148 As explained above 

ASK flown by short-haul aircraft – 54% The current-fleet factors as 

[106] are assumed constant 

from 1990 onwards ASK flown by long-haul aircraft – 46% 

Extra fuel for other operations – 20% Estimated 

Total RPK in 2017 km/year 7.7 x 10
12

 From www.statistica.com  

Total ASK in 2017 km/year 9.625 x 10
12

 Assumes 80% PLF 

Table 43 – Estimation of Fuel-burn and CO2 Emissions in Year 2000 

Parameter Units Value Remarks 

Total ASK in 2000 km/year 4.554 x 10
12

 = (9.625 x 10 
12

 )/(1.045 
17

 ) 

Baseline short-range fuel burn/seat g/km 19.64 From [12] 

Baseline long-range fuel burn/seat g/km 22.23 From [12] 

New a/c fuel burn per seat in 2000 g/km 20.831 The weighted figure 

FB factor allowing for older aircraft – 1.1586 = 1/0.98539 
10

  

Fleet fuel burn per seat in 2000  g/km 24.13 Product of the two terms above 

FB factor for operations in 2000 – 1.1765 = 1/0.85  

FB factor for additional fuel use – 1.200 Estimated as above 

Fleet fuel consumption in 2000 M  tonnes 155.2 Estimated as above 

Fleet mission-level CO2 in 2000 M  tonnes 489 Conversion using factor 3.148 

Jet fuel production/day in 2000 k barrels 4703 From IATA Press Release No. 4 

Total jet fuel production in 2000 M  tonnes 209 Using the factors in Table 42 

Ratio of estimated civil aircraft fuel 
use to production in 2000 

– 74.3% Note not all jet fuel is used in 
civil aircraft or in aero engines 

The estimated consumption of about 155 million tonnes in the civil aircraft fleet 

is about 74% of the total. This may well be an underestimate, notwithstanding 

that significant amounts of fuel would have been used in other types of aircraft 

http://www.statistica.com/
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and some also in some gas turbines for power generation and oil pipeline-

pumping operations etc. 

Calculations for the baseline scenario, summarised in Table 43 for year 2000, 

were repeated for years 2017, 2020, 2035, 2050 and 2075 and tabulated in 

[105]. In the baseline scenario, no ULTIMATE technology benefits are claimed 

before 2050. However a 15% fuel-burn reduction from ULTIMATE technologies 

is accounted in 2075, assuming that these would be introduced progressively 

across the fleet between the years 2050 and 2075, and ultimately applied to 

aircraft accounting for 90% of the total civil-aviation fuel burn. 

Figure 72 shows the baseline scenario with projected civil aviation fleet mission-

level fuel burn as a function of air traffic growth, ATC and operational 

improvements, aircraft and engine technology improvement and the original 

15% target for ULTIMATE fuel-burn reductions, assuming these are introduced 

progressively into 90% of the civil fleet over 25 years from the end of 2050. The 

green dotted line shows the ATAG target for stabilising CO2 emissions by 2020 

and halving them by 2050. The CO2 reductions to achieve this target might 

include the use of bio-fuels and synthetic fuels as well as sequestration and 

other forms of offsetting. 

 

Figure 72 – Baseline Scenario predicting Civil Aviation CO2 Emissions 

0

1,000

2,000

3,000

4,000

5,000

6,000

2000 2010 2020 2030 2040 2050 2060 2070

G
lo

b
al

 f
le

et
 C

O
2

em
is

si
o

n
s 

M
 t

o
n

n
es

 p
.a

.

1. Baseline CO2 Scenario

Demand for air traffic

After ops Improvents

After Non-ULTIMATE tech

After ULTIMATE tech

Target after offsetting etc.



 

244 

 

The predicted saving from ULTIMATE technologies is over 290 million tonnes of 

CO2 per annum by 2075 according to the baseline scenario in Figure 72. 

Figure 73 shows how Figure 72 is modified by the higher and lower growth rate 

scenarios shown in Figure 71. Only in the low-growth scenario do mission-level 

CO2 emissions more or less level-off after 2050. For the baseline and high-

growth scenarios the CO2 emissions continue to grow rapidly, accelerating 

again after 2075, when all the available technology improvements have been 

rolled-out across the fleet. In the near-term these targets can only be met by 

offsetting the aviation CO2 emissions, but in the longer-term biofuels and/or 

synthetic fuels may help close the gap, but these technologies are beyond the 

scope of the current study. 

 

Figure 73 – Effect of ASK Growth Rates on Mission-level CO2 Emissions 

for the whole civil aviation fleet 
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year-2050 reference aircraft and engine designs, and the SRIA targets. These 

additional technologies together with more-radical airframe designs might 

provide the further ‘non-ULTIMATE’ technology improvements anticipated after 

2050. Even though the technologies providing improvements in the 2050–2070 

timeframe are highly uncertain, it seems likely that there would still be some.  

Further mission-level CO2 reductions might be achieved with alternative engine 

fuels such as liquid methane or liquid hydrogen. However, the use of liquid 

hydrogen in fuel cells to generate auxiliary power on the ground for emissions-

free taxiing and to generate secondary power in the air is already assumed in 

the reference aircraft for year 2050. This contributes to the claimed reference 

engine technology CO2 reductions in 2050 relative to year 2000, but the fuel 

consumption by auxiliary power units prior to year 2050 has not been explicitly 

accounted. In common with [11] and [12], this study assumes that lower cruise 

speeds will be used in year 2050 to help reduce CO2 emissions. Whether fuel 

cells would actually be used in-flight in primarily-kerosene-fuelled aircraft and 

whether lower cruise speeds would actually be adopted by airlines to save fuel, 

are questions very-much open to debate. 

No charts are presented for pollutant emissions other than CO2, though efforts 

to reduce fuel burn will also tend to reduce overall emissions pro rata for a given 

combustion technology level. Flightpath 2050, however, sets more demanding 

targets for disproportionate reductions in emissions of oxides of nitrogen (NOx). 

Reducing these pollutant emissions is particularly challenging, but necessary in 

order to minimise the impact of aviation on human health and the environment.  

The ULTIMATE study engine cycles and combustion technologies aimed to 

demonstrate that these further emissions reductions would be possible. With 

that in mind, the reference engine cycles for year-2050 avoided excessively-

high combustor and turbine entry temperatures that would tend to increase NOx 

emissions, even with advanced lean-burn combustor technology.  

Note the CO2 emissions predicted here for civil aviation are only the emissions 

from burning fuel in the aircraft. There are further CO2 emissions associated 
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with producing fuel and distributing it to airports. These extra emissions 

(typically adding 15–30% CO2) may also be attributed to aviation, together with 

the emissions from airport operations and associated ground traffic.  

9.4 Fuel Cost, Taxation and Airline Economics 

A large number of assumptions have had to be made to estimate future aviation 

fuel costs, potential carbon taxes and operating economics. Further to the 

methodologies described in section 3.6, Figure 74 below, from [106], proposes 

likely upper, lower and ‘most likely’ oil prices out to year 2090, based on nearer-

term predictions in the public domain. It also considers the possible introduction 

of a carbon tax increasing progressively after its introduction from year 2050 

and effectively adding to the cost of oil. Note the cost of oil is converted to the 

cost of aviation fuel (in USD/kg) as described in section 3.6. 

 

Figure 74 – Suggested Future Oil-price Scenarios [106] 

The predicted commercial airline fleet total fuel costs for the high, baseline and 

low fuel-cost scenarios are shown in Figure 75, assuming no change in demand 

due to cost of fuel, i.e. assuming the PED is zero. Note the global figures are for 

airlines only and not for the whole civil aviation fleet. 
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Figure 75 – Total Cost of Fuel for Airlines assuming Demand is Unaffected 

(ULTIMATE technologies providing 15% fuel savings to 90% of the fleet by 2075) 

Airline costs are generally expressed in US cents per ASK. Therefore Figure 76 

divides the total cost of fuel to global airlines by ASK. Note the improvement in 

fuel economy outweighs the anticipated increase in fuel cost. (The slight kink in 

the curves at year 2035 is because it is assumed that after that date there are 

no further benefits to come from improvements in operational efficiency.) 

 

Figure 76 – Airlines’ Fuel Cost per ASK assuming Demand is Unaffected 

(ULTIMATE technologies providing 15% fuel savings to 90% of the fleet by 2075) 
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operating costs. The assumption here is that inflation rates for aviation services 

will remain low with respect to the US dollar.  Over the last 35 years the general 

inflation rate in the USA has typically fluctuated between 2% and 5%. It is 

currently nearer to 2%, which is a figure that may be considered a reasonable 

target for the foreseeable future. However, air transport costs have not risen at 

this rate. For example, in the first decade of the 21st century, well after 

deregulation in the USA, US domestic air fares were still reducing. Even 

between 2001 and 2017 average US air fares only increased by 8.4% from 

$320.62 to $347.63, according to the US Bureau of Transportation Statistics. 

(See: https://www.transtats.bts.gov/AverageFare/) 

The slow increase in revenues reflects the increasing productivity of modern 

airline equipment and operations – trends that are expected to continue. They 

correspond to an average cost increase per ASK of 0.5% per annum, which is 

very close to the rate corresponding to the baseline scenario for oil price 

increases projected from 2030 to 2090. Provided these trends continue, then in 

the baseline case it may be assumed that total airline costs including 

acquisition, maintenance and operating costs, will rise by 0.5% per ASK per 

annum, roughly in proportion to the unit cost of fuel. However, in the baseline 

scenario the cost of fuel as a proportion of the overall cost is reducing as more 

efficient engines and aircraft have been introduced into the fleet. Thus ‘inflation 

adjusted’ costs will continue to reduce in real terms so that air travel will 

become increasingly affordable. This will help to sustain the increasing demand 

predicted for air travel with corresponding growth in RPK and ASK. 

9.5 Airline DOC Trends 

The derivation of a simple top-down model for airline fleet-average operating 

costs is described in section 3.6.2. This generated the results given in Table 44. 

The Cost per Available Seat Kilometre (CASK) in 2017 comes out at about 6 

US cents, For comparison, US network airlines had costs approaching 7 US 

cents/ASK, while low-cost operators had costs from 4 to 5 US cents/ASK, so 

the aggregate DOC figures therefore are only indicative of average airline costs. 

https://www.transtats.bts.gov/AverageFare/
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Table 44 – Global Fleet Top-down DOC Figures for 2017 

Parameter Units Value Remarks 

ASK in 2017  km/year 9.625 x 10
12

 From Table 44 

Fleet fuel burn per seat in 2017 g/km 18.79 As above 

FB factor for operations in 2017  – 1.1061 As above 

Fleet fuel consumption in 2017 M  tonnes 200.1 Excluding non-airline fuel use 

Average cost of oil in 2017 US$/barrel 55 From ULTIMATE D5.2 [106] 

Fuel cost in 2017 US$/kg 0.521 = 55 x 0.00947 

Fuel cost re. DOC in 2017 – 18.75% Estimate based on Table 16 

Global fuel bill in 2017 $ 104.2 x 10 
9
 For commercial airlines only 

Global overall DOC in 2017 $ 556 x 10 
9
 As above  

DOC per ASK (CASK) in 2017 US$/ASK 0.0577 As above 

Inflation rate assumed for all 

airline costs other than fuel 
p.a. 0.5% 

Note this is lower than the 

anticipated general inflation rate 

From the simple DOC model it is possible to see how variations in fuel price 

affect DOC. Figure 77 shows how the CASK figures for the airline industry 

might increase under different fuel-cost scenarios. As with Figure 75 and Figure 

76, this assumes that the baseline air traffic growth is unaffected by DOC 

changes, i.e. that the PED is zero. 

 

Figure 77 – Effect of Fuel Price on CASK assuming no change in Demand 

(ULTIMATE technologies providing 15% fuel savings to 90% of the fleet by 2075) 
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For engines incorporating ULTIMATE technologies it is further assumed that 

there is no additional increase in acquisition and maintenance costs, which is 

optimistic. Thus these plots may be taken to represent the upper bound of 

potential DOC savings for the baseline air traffic growth scenario. 

Alternatively, if it is assumed that PED is -0.5, as discussed in section 9.1, and 

that ticket prices follow DOC, and PLF remains at 80%, then the ASK (or RPK) 

should vary inversely as the square root of DOC. The effect is shown in Figure 

78, which implies that the high fuel-cost scenario could hold back air-traffic 

growth by two years or more, whereas the low fuel-cost scenario could advance 

it by about a year. These changes are potentially very significant to the airlines 

and to the aircraft and engine manufacturers. (The potential benefits of 

ULTIMATE technologies on market growth are smaller in comparison.) 

 

Figure 78 – Effect of Fuel Price and Technology on ASK Growth 

(assuming PED is -0.5 and ULTIMATE technologies provide  

15% fuel savings to 90% of the airline fleet by 2075) 
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out the variations. Initially they can do this by hedging the fuel costs and taking 

larger or smaller profit margins according to the market conditions. Airlines can 

also match ASK to the RPK demand by retaining older aircraft for longer or by 

retiring them earlier (either permanently or just temporarily). 

The previous figures are for airlines as a whole, but the fuel costs would be 

significantly lower for an airline operating only the latest aircraft and engines. 

The fuel costs would vary as shown in Figure 79, and supposing there would be 

no change in the non-fuel costs, the CASK would vary as shown in Figure 80. 

 

Figure 79 – Cost of Fuel for Airlines only operating the Latest Equipment 

(ULTIMATE technologies making 15% fuel savings to 90% of its fleet from 2050) 

 

Figure 80 – CASK for an Airline only operating the Latest Equipment 

(ULTIMATE technologies making 15% fuel savings to 90% of its fleet from 2050)  
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It is clear that the economic benefit of having more-advanced and fuel-efficient 

aircraft and engines increases with a higher fuel cost. Relative to the baseline 

scenario, a sustained higher fuel cost should accelerate research into more-

energy-efficient solutions. Conversely, sustained lower fuel costs are likely to 

delay the development and introduction of new designs.  

For an airline choosing whether in year 2050 to acquire new aircraft with 

ULTIMATE technology engines, or perhaps less-expensive aircraft with year-

2050 reference engines, the improvement in fuel burn must be balanced against 

increases in acquisition and maintenance costs. Considering the cost 

breakdown in Table 16, after extracting 18.75% for fuel, then acquisition 

accounts for 6.6% of the remaining costs, and maintenance accounts for 12.6%. 

Together these make up 19.2% of the non-fuel costs. 

Supposing the 15% reduction in fuel burn might be associated with a 7.5% 

increase in maintenance and acquisition costs; then much of the cost benefit 

would be eroded. Figure 81 shows how the overall benefit from ULTIMATE 

technology would then depend on the fuel price, assuming 90% of the new fleet 

could use the technology. In this case the overall cost saving is greatly reduced 

for the baseline fuel cost, is non-existent in the low fuel-cost case, but still 

significant for the high fuel cost scenario. 

 

Figure 81 – Effect of a 7.5% increase in Acquisition and Maintenance Costs 

for acquiring ULTIMATE technologies from year 2050 onwards 
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9.6 Implications of the Scenario Studies 

These studies have attempted to quantify likely future fleet-wide energy and 

CO2 savings achievable with and without the benefits of the novel technologies 

and new engine design concepts researched to TRL 2 in the ULTIMATE 

project. The future air-traffic growth scenarios from ULTIMATE deliverable D5.2  

[106] and deliverable D5.5 [105] account for changes in external forces such as 

fuel price and environmental regulations. They can be used to predict how the 

introduction of ULTIMATE technologies could affect the growth in air traffic, the 

civil air transport fleet’s energy needs, and the resultant environmental impact. 

Based on these forecasts it is seen that total mission-level CO2 emissions from 

the global civil-aviation fleet will probably continue to grow up until the end of 

this century and, with or without ULTIMATE technology, will only start to level-

off in the case of the scenario with the lowest rates of air-traffic growth. 

Nevertheless ULTIMATE technologies can produce significant reductions in 

CO2 emissions. The target of a 15% reduction in fuel burn from engines and 

aircraft incorporating these technologies seems achievable provided that more 

than one loss source is targeted and synergistic combinations of technologies 

are integrated into future engines and powerplant installations.  

The ATAG target of stabilising aviation CO2 emissions by 2020 and of halving 

them by 2050 can only be met by offsetting in the short to medium term. The 

predicted quantities needing to be sequestered or otherwise offset in 2050 and 

2075 depend on the air-traffic growth scenarios and the whether the CO2 target 

for 2075 is the same as for 2050 or zero as shown in Table 45. This table 

assumes that the target 15% fuel-burn reduction from ULTIMATE technologies 

is achievable and is implemented across 90% of the civil aviation fleet by 

energy use. Note these figures make no allowance for the CO2 generated in the 

production and distribution of fuel to airports, or for the introduction of biofuels 

or synthetic fuels to reduce CO2 emissions. 

A recent report by the US National Academies of Sciences, Engineering and 

Medicine [147] has identified the least-costly options for sequestering CO2. It 
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concluded that there are near-term options that can be implemented at costs 

ranging from around $20 to $100 per tonne. However, the potential capacity of 

these low-cost options is limited. 

Table 45 – Predicted Requirements for the Sequestration of CO2 Emissions 

(billions of tonnes p.a.) 

Reduction target year \ Scenario  High Growth Baseline Low Growth 

2050, to 50% of year 2020 emissions 1.74 1.20 0.80 

2075, to 50% (or to zero, without ULTIMATE) 3.37 (3.78) 1.82 (2.23) 0.90 (1.31) 

2075, to 50% (or to zero, with ULTIMATE) 2.86 (3.27) 1.52 (1.93) 0.72 (1.13) 

2075 potential ULTIMATE technology savings 0.51 0.30 0.18 

Aviation is not the only industry that will need to offset its CO2 emissions. 

(Cement production presents similar problems on an even larger scale.) So, as 

the quantity of CO2 to be offset from all industries grows, and the cost of 

genuinely offsetting these emissions increases, other long-term solutions will be 

needed. These are likely to require engines to use biofuels or synthetic fuels, 

since only very-short-range or ‘personal-mobility’ aircraft will be able to be fully-

powered by stored electrical energy that could ultimately be provided by 

renewable or nuclear energy sources. 

Decarbonisation of the aviation industry itself will require the development of 

new fuels, either biofuels (the production of which still generates some CO2 

emissions) or synthetic fuels. The simplest synthetic fuel is hydrogen, which can 

be produced by electrolysis of water, but hydrocarbon fuels can also be 

synthesised from the hydrogen and carbon dioxide extracted from the air or 

from sea water. This is a very costly way of providing fuel today, but even if the 

costs come down with the development of renewable energy sources, the 

proposed advanced-cycle engine technologies would still reduce aircraft energy 

requirements and have a significant role to play in minimising energy costs and 

their associated environmental impacts.  
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10 CONCLUSIONS AND RECOMMENDATIONS 

The research objectives outlined in section 1.1.1 included: 

 Determining the pros and cons of the novel technologies and combinations 

of technologies that could improve the thermal efficiency of future engines, 

 Identifying a realistic large commercial turbofan engine performance cycle 

and architecture with potential for a 15% step-change reduction in fuel-burn 

together with reduced NOx emissions,  

 Creating a concept design for a nutating-disc topping-cycle module and 

assessing its performance and mechanical limitations,  

 Quantifying the incremental benefits from potential technologies including 

intercooling, secondary combustion and topping and bottoming cycles, 

 Selecting a method for predicting the NOx emissions of future-engine lean-

burn combustion systems, 

 Estimating the likely impact of technology improvements on civil-aviation 

CO2 emissions for a number of different scenarios up to 2075 and beyond, 

 Comparing predicted year-2050 engine emissions with industry targets.  

These objectives have almost all been achieved, except that not all the variant 

cycles of interest have been modelled and quantitative predictions of NOx 

emissions have not been made for engines including topping cycles. It had also 

been hoped that the review of recent NASA research on LDI combustors would 

have enabled an improved method for future LDI combustor NOx emissions 

estimation to be recommended in preference to Equation 21, but it was not 

possible to justify a new correlation to supersede it. 

10.1 Summary 

The potential for year 2050 aero engines combining multiple novel technologies 

to achieve very high thermal efficiency and very low SFC has been addressed 

in these studies. It is concluded that a geared turbofan engine cycle that would 

combine intercooling, topping and bottoming cycles, and secondary combustion 
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is capable of meeting the ULTIMATE 15% fuel-burn reduction target and merits 

further study. The logic for combining these four technologies is as follows:   

 Topping cycle machines that can also generate power offer the biggest 

single improvements in thermal efficiency by reducing the exergy losses 

incurred in combustion,  

 Intercooling reduces compression work, increases core specific power, 

saves weight (in combination with a topping cycle) and can help to limit 

peak cycle temperatures, thereby reducing NOx emissions,   

 Secondary combustion boosts power output to meet take-off and climb 

thrust requirements without increasing the peak cycle temperatures and 

potentially without increasing NOx emissions,   

 Finally the bottoming cycle extracts additional power from residual heat 

in the core exhaust.   

A geared fan engine architecture that integrates these technologies has been 

selected and is shown schematically in Figure 26. It has a reverse-flow-core 

arrangement to avoid compromising the design of the core turbomachinery and 

it uses an open ‘air-cycle’ bottoming cycle (ABC) to avoid the need for a pre-

cooler. Topping cycle modules are arranged around the core and the intercooler 

is located at the aft-end of the engine so that the spent cooling air can be 

exhausted through an efficient centre-line variable-area plug-nozzle. Topping-

cycle modules using pairs of nutating discs have been studied, but alternative 

rotary or piston engine designs might be substituted.  

Some simplification of this architecture now seems possible without detriment to 

SFC or fuel-burn by eliminating the optional HP compressor and relocating the 

ABC heat exchanger aft of all the core turbine stages. 

The methodology and spreadsheet for quantitative performance assessment of 

potential year-2050 turbofan engines has been described. A conventional 

Brayton-cycle engine for 2050 EIS has been taken as a starting reference and 

scaled to the thrust requirements of an advanced year-2050 long-range study 

aircraft provided by ULTIMATE project partner BHL.  
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The contribution of each of the four new technologies has been assessed by 

adding each one in turn. Cycle temperatures have been limited to enable lean 

combustion systems to achieve low NOx emissions, but emissions from engines 

including a topping cycle or secondary combustion have not been quantified.   

The weights of the study engines have been assessed in order to estimate the 

fuel-burn benefits when the engines are installed on year-2050 ‘advanced tube 

and wing’ aircraft. The fuel-burn exchange rates were provided by BHL. The 

aircraft with more-efficient or lighter engines have thrust requirements that are 

further reduced for a given mission, compounding their fuel-burn and CO2 

emissions reductions.  

Before the year-2050 aircraft thrust requirements and fuel-burn exchange-rates 

were available, the study engines were sized for year-2000 technology aircraft. 

Initial engine assessments were made at fixed thrusts and with a mid-cruise 

specific thrust of 72 m/s. In the later stages of the study the engines were re-

sized to match the year-2050 reference aircraft with the year-2050 reference 

‘TF2050’ engines. These had approximately 25% lower thrust requirements. 

The later study engines also had slightly higher specific thrusts, shown by other 

studies in the ULTIMATE project to give lower fuel burn when weight and 

nacelle drag were taken into account.  

Although predicted to have higher fuel burn, engines having lower specific 

thrust generally give lower noise and lower LTO NOx emissions. Conversely, 

engines having higher specific thrust than the fuel-burn optimum may have 

better overall economics. Therefore further trade-studies might be considered. 

The advanced-cycle engines promise significant performance improvements 

with respect to the reference turbofan, but further research and innovative 

component design is needed to underwrite the predicted SFC improvements 

and the associated engine weight and fuel-burn assessments. 
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10.2 Main Outcomes 

Design-point trade studies have indicated that the scaled-down conventional 

reference turbofan engine cycle for 2050 entry into service is close to optimum 

for long-range aircraft missions. The take-off temperature limits assumed should 

enable low NOx emissions to be achieved with lean combustion.   

Scaling-down is shown to have significant effects on engine component 

efficiencies and on turbine cooling-air requirements. To model the major effects 

on core performance, the HP compressor and turbine efficiencies were adjusted 

for variations in HP compressor last-stage blade-height. The cooled cooling air 

mass flows were varied with core mass flow and TET. The non-intercooled 

study engines were limited on HP compressor delivery temperature, so as 

efficiencies reduced in scaled-down engines, the OPR also reduced.  

In an extreme case of scaling-down to 25% of the original thrust and half the 

original fan diameter, the OPR for a given HP compressor delivery temperature 

could reduce by about 13%, increasing SFC by about 7% and reducing thermal 

efficiency by 6.5%. Intercooling in the larger engines could reduce mid-cruise 

SFC by about 3% and max climb SFC by nearly 4%, giving 4–5% fuel-burn 

reduction, but for the smaller engines, the SFC reductions are nearer to 2% 

because they suffer disproportionately from the scaling-down of their cores.   

Axi-centrifugal HP compressors might be substituted for all-axial compressors 

to improve component efficiency in the smallest cores, but this option has not 

been modelled in the current study.  

Cycles with the lowest mid-cruise SFC may not be the overall optimum cycles, 

because geared fan engines with slightly lower OPR and smaller core mass 

flows will tend to be lighter. Practical considerations mean that the fuel burn 

optimum and economic optimum designs are likely to back-off from cycles with 

the highest OPR and lowest SFC, made possible by having cooled cooling air 

and/or intercooling. This applies particularly to smaller thrust-scale engines. 
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Very high OPR cycles pose particular design challenges including, more highly 

loaded bearings, compressors and turbines needing extra stages, and more 

variable stages on each compressor. Without further research and innovative 

design these challenges could prevent the ambitious 2050 SFC targets being 

achieved. However intercooling and cooled cooling air technologies provide the 

core turbomachinery with more benign thermal environments that should help 

with other issues including component life, heat to oil, and tip clearance control.  

10.2.1 SFC, Fuel Burn and CO2 Reductions 

The selected cycle combining intercooling, topping and bottoming cycles, and 

secondary combustion has been modelled as providing almost 15% lower SFC 

than the reference year-2050 turbofan at mid-cruise and top of climb conditions. 

This performance was achieved despite limiting the overall pressure ratio to the 

nutating-disc accumulators to 80 at top of climb and the pressure to about 70 

bar at take-off. Higher pressures could have given better performance, but 

would have made the nutating-disc bearing loads even higher. The proposed 

pressures still present the design of the bearings and seals with significant 

challenges. Alternative topping-cycle technologies, e.g. free-piston core engine 

modules, might overcome the pressure limitation on performance improvement. 

Table 46 shows how the CO2 savings of the modelled engine designs compare 

with the SRIA CO2 emissions target corresponding to a 68% fuel-burn 

reduction, not allowing for ATC and airline operations improvements.  

Table 46 – SFC and Fuel Burn for Selected Engine Cycles  

Parameter\Engine Cycle TF2050 #01 #02 #03 #06 #18 

Thrust (kN) 49.99 49.99 49.99 49.99 49.99 49.99 

Mid-Cruise SFC (g/kN.s) 12.62 12.63 12.24 11.65 10.76 12.61 

  Relative SFC (%) -0.1 datum -3.1% -8.2% -14.8 -0.2 

Overall Cruise Efficiency (%) 43.15 43.19 44.57 47.05 50.69 43.26 

Fuel Burn (kg) - 47056 45472 42655 38353 47117 

  Relative Fuel Burn - datum -3.4% -9.4% -18.5% +0.1% 

CO2 saving re. year 2000 (%) - 45.5 47.4 50.6 55.6 45.5 
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A year-2000 baseline-aircraft fuel burn of 86390 kg is implied by [11] so the 

target of 27645 kg is not yet met. The fuel-burn benefit for the turbofan with the 

supercritical CO2 bottoming cycle (cycle#16) modelled by Jacob [62] [9], is 

similar to that of the year-2050 high-OPR intercooled turbofan engine cycle#02. 

10.2.2 Predicting Future Engine NOx Emissions 

Lean Direct Injection (LDI) primary combustion systems are proposed for the 

year-2050 reference engines and all variants without topping cycles. This study 

has reviewed a wide range of options for estimating LDI combustor exhaust 

emissions. The NOx emissions targets are particularly challenging because 

they are to a large extent driven by the minimum residence-time needed to 

achieve altitude relight, though it is also possible to trade-off NOx emissions 

against soot, CO and UHC emissions to some extent.  

Different approaches to formulating correlations have been investigated and 

various previously-published and potential new correlations compared and 

analysed in detail in Appendix B. The conclusions are summarised in the next 

section. For various reasons, none was found to be entirely satisfactory. A 

relatively simple and robust NOx emissions correlation was considered most 

appropriate for the study, so it was decided to continue using an established 

NASA correlation, Equation 21. This correlation for advanced lean combustors 

has already been used in previous EU research programmes. This equation is 

taken to include the benefits of anticipated combustor design improvements 

minimising hot-spots and reducing the amount of combustor wall-cooling and 

dilution-air required. The latter would be enabled by using improved combustor 

materials, such as ceramic matrix composites. Other improvements anticipated 

for year-2050 include improved fuel injector detail design and sophisticated fuel-

scheduling or fuel-staging between multiple fuel injector nozzles. 

It is noted that Lean Premixed Prevaporized (LPP) combustion systems, could 

have combustion temperatures Tc that are more uniform than LDI combustors 

and potentially produce lower NOx emissions. However these combustors are 

not proposed for the year-2050 reference engines in this study. This is because 
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the year-2050 engine cycles have very high combustor inlet temperatures that 

would present a serious risk of premature ignition and flash-back. 

Figure 82 shows how the LTO-cycle Dp/Foo NOx emissions predicted for the 

ULTIMATE year-2050 short-range (GOR2050) and long-range (TF2050) 

reference engines compare with the ICAO emissions database figures for two 

representative year-2000 in-service aircraft engines. 

 

Figure 82 – ULTIMATE Reference Engine NOx Emissions Predictions 

(Compared with Year-2000 Engines) 

10.2.3 Assessment of methods for NOx Emissions Prediction 

Alternative methods are reviewed in detail in Appendix B, but the conclusions 

from the study are summarised here. Given the uncertainty regarding future 

designs, it was deemed inappropriate to undertake detailed modelling of LDI 

combustors, so a review of different methods of predicting emissions, and 

particularly NOx emissions, was made. 

 For the currently-in-service rich/quench/lean (RQL) types of combustor, the 

P3T3 method is recommended for the emissions estimates, where relevant 

ICAO reference data are available.  

 For NOx emissions the ambient humidity is an important factor, but often 

overlooked when comparing test results obtained at ground level. This 

omission might be excused when just making comparisons of Dp/Foo 
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figures for ISA-day sea-level conditions, provided it is assumed they are all 

for typical days with, for example, consistent 60% relative humidity.  

 When considering emissions at high altitudes or for hot or cold days at 

ground level, humidity corrections for NOx estimates should not be ignored.  

 Many of the previously published NOx emissions correlations have been 

shown to give unrealistic or illogical results when extrapolated beyond 

limited ranges of operating conditions, so extreme caution is needed if they 

are to be applied to new engine designs or over wider ranges of conditions. 

 Correlations having larger numbers of input parameters are often shown to 

give a better fit to test data, but this does not mean that their predictions will 

be any more accurate, since any additional parameters will improve the fit to 

a finite dataset while tending to make any extrapolation from those results 

more divergent (Runge’s phenomenon).   

 The potential to provide a new improved correlation for LDI NOx emissions 

has been reviewed, but the formulation of any such correlation is greatly 

complicated by the need to consider: fuel-staging between pilot and main 

injector nozzles, the multitude of NOx formation mechanisms that are 

significant at lean-burn combustion temperatures (in contrast to the ‘thermal 

NOx’ which predominates at stoichiometric temperatures), the considerable 

uncertainty regarding time-delays due to fuel droplet evaporation, and 

uncertainties in the effective NOx formation and combustion residence times 

in future combustor designs. 

 To provide consistent and comparable estimates over a wide range of flight 

conditions, an existing relatively-simple and often previously used NASA 

correlation (Equation 21) is recommended for NOx emissions calculations 

for LDI combustors for the study engines for year 2050, though it may tend 

to underestimate NOx emissions at idle ratings. 

 Previous research in NEWAC suggests LDI combustor designs will be able 

to meet existing CO and UHC emissions limits with good margins and that 

visible smoke, CO and UHC emissions can be traded-off against NOx 

emissions by varying residence time, provided relight requirements are met. 



 

263 

 

 LDI combustor tests by NASA provide some correlations for CO, but these 

are very specific to the tested injectors and fuel-staging strategies, and they 

do not account for optimising combustor residence times. 

 No universal correlations can be recommended for CO, UHC or smoke 

emissions for 2050.  

 Fine particulate emissions present a more intractable problem as they relate 

to the detail composition of the fuel, not least its sulphur content, and so may 

need to be addressed by tighter limits on fuel specifications, and/or by the 

introduction of synthetic fuels and/or biofuels in the longer term. 

10.3 Recommendations for Further Research and Development 

A number of actions are proposed to close-out the reported studies and prepare 

material for a journal paper to follow-on from [77] by presenting the results from 

the advanced cycle studies. These include: 

 Modelling the mixed-exhaust arrangement and eliminating the minor heat 

balance errors in the spreadsheet model. 

 Modelling cycles #05, #14 and #15 to quantify the benefits of the ABC, 

intercooling and secondary combustion to cycle#06 that includes all three 

of these technologies together with the topping cycle. 

 Making further parametric studies about cycles #03 and #06 to see if 

improved matching is possible, including better use of the variable-area 

nozzles.   

 Making more detailed scaled engine and installation layouts for the 

different cycles to enable comparative assessments of nacelle and 

afterbody drags to refine the SFC and fuel-burn assessments. 

 Investigation of alternative ABC turbine arrangements for integration into 

a turbofan engine, recognising that the ABC heat exchanger is probably 

better located downstream of the last core turbine stage. 

Further Sankey diagrams could also be constructed to help compare energy 

flows in the different cycles. These can highlight the features that generate the 

most entropy and show where this emerges as ‘waste heat’. 
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In the slightly longer term, a variant of cycle#06 using air-riding free pistons for 

the topping cycle should be worked-up to see if this would improve on the 

performance of cycle#06 modelled using nutating-disc modules. 

Methods should be developed to estimate NOx emissions from topping cycles 

and secondary combustion. 

The SRIA Flightpath 2050 targets as listed in Table 2 will be very challenging 

for the aircraft and engine manufacturers to meet. However, more radical 

airframe designs and improved engine–airframe integration could help. These 

technologies and should be investigated in future studies. 

It would also be interesting to model some of the cycles using liquid methane or 

hydrogen as fuel. 

10.3.1 Routes to Market 

Technologies need to be demonstrated to TRL 6 before engine and airframe 

manufacturers will commit to including them in new products. The necessary 

steps for maturing the technologies may be summarised as follows: 

 TRL 2: potential technology application validated 

 TRL 3: design, analysis and experiments for proof of concept 

 TRL 4: prototype in lab environment (and route to TRL 6 identified) 

 TRL 5: prototype of technology in relevant environment 

 TRL 6: validation in a core-engine ‘demonstrator’ that uses the technology 

The main analysis elements, prototypes and tests to prepare for a TRL 6 

demonstrator programme need to be worked-out by industry partners in 

collaboration with universities, research institutes, EU and national research-

funding bodies.  

Despite the promise of double-digit SFC and fuel-burn improvements from 

nutating-disc technology, the author cannot recommend that this technology be 

given precedence over alternative pressure-rise combustion technologies that 

are likely to be developed to similar levels of performance at lower risk. The 
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wear of unlubricated seals at high temperatures is a particular concern. 

Opposed-piston and/or free-piston technology seems very promising, and more 

conventional piston engine technology should not be dismissed. Wave rotor 

pressure-rise combustion technology also seems worth further consideration.  

10.3.2 Potential Benefits from Cryogenic Fuels 

The availability of a cryogenic fuel such as liquid hydrogen or liquid methane 

opens-up new possibilities with regard to intercooling and engine cooling 

generally. One option could be to use the fuel to help improve the performance 

of the closed-circuit bottoming cycle as discussed in section 6.4. 

Switching from kerosene to liquid methane fuel would produce an immediate 

reduction in CO2 emissions that would make the SRIA target of a 68% reduction 

with year-2050 technology credible, but switching to liquid hydrogen fuel in the 

longer term would almost-totally eliminate mission-level CO2 emissions. 

10.4 Final Discussion 

The engine fuel-burn-reduction target of 15% by year 2050 relative to designs 

that just develop existing technologies seems to be achievable by combining 

pressure-rise-combustion topping cycles synergistically with other advanced 

technologies including intercooling. Intercooling will also help to minimise NOx 

emissions. Building on other anticipated operational and technological efficiency 

improvements, and given the baseline scenario for air-traffic growth, the new 

technologies have the potential to save about 300 million tonnes of CO2 

emissions in operation per annum, when fully realized by 2075. If introduced 

across all new production aircraft in 2050, these technologies, combined with 

other improvements are predicted to reduce CO2 emissions per passenger 

kilometre by about 59% on average, relative to year-2000 production aircraft 

and engines, even without improvements in operations. This compares with the 

SRIA Flightpath 2050 target of 68% reduction from engine and aircraft 

technologies alone and 75% reduction overall. Further new technologies not 
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addressed in this study, such as unconventional airframes and distributed 

propulsion, might help to close the gap to the 68% target. 

The ATAG target of stabilising aviation CO2 emissions by 2020 and halving 

them by 2050 can only be met in the short to medium term by offsetting, or 

‘market-based measures’. Since the quantity of CO2 to be offset is predicted to 

continue to grow, and the cost of offsetting the CO2 is almost certain to 

increase, other longer-term solutions will be needed. These solutions are likely 

to involve the use of biofuels or synthetic fuels, since realistically only very-

short-range aircraft can be powered by stored electrical energy and recharged 

by electricity from renewable or nuclear energy sources. 

The author has made a detailed feasibility study of an advanced-cycle year-

2050 engine concept down-selected from 47 possible new technologies and 

combinations of technologies. The technologies have been assessed for a 

geared turbofan engine for an intercontinental aircraft. The configuration studied 

in detail combines intercooling and secondary combustion with an Air Bottoming 

Cycle and a nutating-disc-technology topping cycle, though alternative topping-

cycle technologies may ultimately be preferred and simpler variants have also 

been assessed. To realize the nutating-disc concept, significant advances in 

sealing, bearing and materials technologies have needed to be assumed. 

Nutating disc machines have been shown to have some useful potential 

benefits relative to alternative topping-cycle technologies, but they also have 

very severe challenges to meet regarding reliability, durability, seal leakage and 

the control of ignition and emissions when implemented in very high OPR 

compound-cycle engines. Fuel injection and spark ignition have been assumed, 

as the author was not convinced that compression ignition would be viable in 

the machine when using aviation kerosene as fuel. This was on account of the 

low Cetane number of Jet-A1, the high rotational speed of the engine giving 

short residence times for combustion, the modest peak pressures due to 

bearing constraints in the nutating disc modules, and the complex shape of the 

pre-combustor and associated expander geometry.   
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Two different approaches have also been considered in the design of bottoming 

cycles to extract more power from the core exhaust heat to improve overall 

thermal efficiency. Supercritical carbon dioxide was studied by Florian Jacob for 

a closed-circuit option [16], whereas compressed air was used in the alternative 

open-circuit cycle studied by the author. A closed-circuit design requires two 

heat exchangers, whereas the open-circuit design only needs one, making it 

easier to avoid space-constraints when combining a bottoming cycle with 

intercooling. Though the closed-circuit option has a theoretical performance 

advantage, in practice this did not seem to translate into better SFC or fuel-

burn, despite using compact and light weight supercritical-CO2 turbomachinery. 

Relative to the reference year-2050 turbofan, the closed-circuit bottoming cycle 

design offered improvements of just a few per cent in SFC and fuel burn, even 

when inter-turbine reheat was added to raise the exhaust gas temperature and 

reduce the core mass flow needed for the engine.  

To integrate the combination of nutating-disc topping cycle modules with 

intercooling, secondary combustion and an open-circuit bottoming cycle, the 

turbofan has been proposed with reverse-flow turbines and a mixed exhaust 

arrangement. This complex engine concept seems to offer the greatest 

improvements in SFC and fuel-burn in comparison with simpler variants and it is 

assessed as meeting the 15% CO2 reduction targeted by ULTIMATE.   

The new technologies have demonstrated potential for engine performance 

improvement, but it is the author’s opinion that the technical challenges posed 

by nutating-disc machinery make it very likely that alternative topping-cycle 

technologies, such as advanced piston engines or wave-rotors, will offer more 

attractive long-term design solutions. 
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Appendix A THE IMPACT OF AERO ENGINE EXHAUST 

EMISSIONS 

These studies were originally documented in the confidential ULTIMATE project 

deliverable D2.3 [108]. The deliverable also included a review of engine exhaust 

emissions prediction methods for ULTIMATE year-2050 reference engines and 

other engines including the two representative ULTIMATE baseline year-2000 

turbofan engine models. Emissions were estimated at design and off-design 

conditions and for the International Civil Aviation Organisation (ICAO) engine 

exhaust emissions certification conditions. Assessment methods are described 

in section 3.7 and section 3.8 and further details are given in Appendix B, where 

alternative methods are discussed. The nature and effects of aero engine 

exhaust emissions are reviewed in the following sections. 

A.1 Engine Exhaust Pollutants  

There are many reasons for wanting to limit both the mission-level emissions 

from aircraft and the life-cycle emissions from aviation. These include their 

direct impact on human health, their contribution to climate change and their 

impact on the ozone layer [10].  

Initial emissions legislation was prompted by the large amounts of smoke 

emitted by early turbojet engines. Improvements to combustor designs quickly 

reduced the levels of visible smoke, carbon monoxide (CO) and unburned 

hydrocarbons (HC) in engine exhausts, but reducing the emissions of oxides of 

nitrogen (NOx) and fine particulates has proven to be more intractable. 

Existing legislation has been framed by the ICAO Committee on Aviation 

Engine Emissions (CAEP) specifically to restrict the aero engine pollutant 

emissions around airports. Emission Indices (EI) relate the mass of each 

pollutant generated to the mass of fuel consumed. EICO, EIHC and EINOx 

relate to the levels of CO, HC and NOx respectively. However, permitted levels 

of pollutant generation are defined relative to the maximum rated sea-level 

static thrust (Foo) for each engine. Emissions test measurements on new 



 

290 

 

engines are summed over a standard Landing and Take-Off (LTO) cycle (as 

described in section 2.11) and these totals must meet certain limits for the 

engines to be certificated. Following the introduction of emissions regulations in 

1986, progressively tighter limits on NOx emissions have been agreed at the 

ICAO committee meetings designated CAEP/2, CAEP/4, CAEP/6 and CAEP/8. 

At the time of writing, the CAEP/8 standard is applied to new engines. 

Most aero engine pollutants result from the products of combustion of the fuel, 

but some also come from engine oil. Oil consumption has been reduced over 

the last half-century by the introduction of improved sealing arrangements 

including the use of carbon seals for bearing chambers. This trend should 

continue, but the prospect of completely oil-free engines still seems very remote 

and the anticipated wider-adoption of geared fans and open rotors for more 

efficient and lower specific thrust engines will increase the demands placed on 

engine oil systems. While exhaust emissions resulting from oil consumption 

have been researched for diesel engines, they have not been considered 

significant for aero engines and are not addressed here. Combustor emissions 

are the main concern and these are addressed in detail.   

The emissions of particulate matter (PM), mainly smoke or soot, have hitherto 

been limited by reference to the smoke number (SN) measured by filter papers 

sampling the engine exhaust. However, a new system for the measurement of 

non-volatile particulate matter (nvPM) is being introduced by CAEP/10 and will 

be mandatory from the start of 2020. The aim is to replace smoke filter paper 

standards with mass and number standards. In anticipation of this, new 

emissions measurement equipment is being commissioned [11]. 

Historically carbon dioxide (CO2), water, water vapour and ice crystals have not 

been categorised as pollutants, so they have not been addressed in the 

certification rules for aircraft emissions.  However, there have been attempts in 

the USA to classify carbon dioxide as a pollutant and there is growing concern 

over the radiative forcing from persistent contrails and contrail-induced-cirrus 

cloudiness. Carbon dioxide and water vapour emitted by aero engines are 
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significant greenhouse gases that, together with contrails, contribute to global 

warming. Consequently the CAEP/10 meeting in 2016 made recommendations 

for a new standard for CO2 emissions to be applicable to new aircraft designs 

from 2020 and to earlier designs remaining in production in 2023. The impact of 

emissions at high altitudes is also now under review [12].  

Currently no restrictions apply to the en-route emissions from aircraft, though 

following CAEP/10; some are likely to be introduced in the near future. Stringent 

targets for the total emissions of CO2 and NOx are included in the ACARE 

Flightpath 2050 targets. It can be assumed therefore that global legislation to 

limit en-route emissions will be introduced by 2050. Exactly what impact this will 

have on overall engine design is unclear. Some intercooled cycles and 

intercooled and recuperated cycles propose improving cruise SFC by raising 

the peak cycle temperatures at cruise, which would tend to increase en-route 

NOx emissions, so the trade-off between CO2 and NOx will need to be revisited. 

Emissions of oxides of sulphur (SOx) are not monitored since the sulphur 

content of aviation fuel is very low and quite variable. Sutkus et al. [13] note that 

jet fuel specifications limit the sulphur content to 0.3%, but that it is generally 

well below 0.1%. Nevertheless, even trace amounts of sulphur in particulate 

emissions and aerosols can have a significant effect on atmospheric chemistry 

and contrail formation, and significant uncertainty remains regarding their 

indirect effects on climate [14].  

A.2 Oxides of Nitrogen (NOx) 

The full atmospheric chemistry and photochemistry of the oxides of nitrogen 

and their reactions with ozone (O3) and other naturally-occurring and synthetic 

chemical species are extremely complex and well beyond the scope of this 

study. However, a wide range of publications from the International Panel on 

Climate Change (IPPC) have examined atmospheric chemistry in detail [15].  

The main species found in the engine exhausts are NO (nitric oxide) and NO2 

(nitrogen dioxide) that collectively comprise NOx. N2O (nitrous oxide) and other 
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nitrogen oxides are generally present in smaller quantities in engine exhausts 

(typically less than 5 ppm) because they decompose rapidly at high flame 

temperatures [16]. However, the gas N2O is persistent at ambient temperatures 

in the atmosphere and is probably the fourth most significant greenhouse gas 

after water vapour (H2O), carbon dioxide (CO2) and methane (CH4), with a 

lifetime (τL) of 114 years and a Global Warming Potential in the 100-year 

timeframe (GWP100) 298 times that of CO2 is quoted [17]. However, these 

figures are subject to continuing amendment because background CO2 levels 

are increasing [18].  

Nitrous oxide is also claimed to be responsible for much of the observed ozone 

depletion in the stratosphere [19], caused when it eventually decomposes to 

give nitric oxide. Nevertheless, the majority of global N2O emissions come from 

nitrifying bacteria and the majority of anthropogenic N2O comes from agriculture 

and particularly from the use of fertilizers, and only a small proportion comes 

from biomass burning and other forms of combustion. N2O abundance in the 

atmosphere was 328.9 ppb in 2016, estimated to be a 22% increase since 

1750, whereas CO2 and CH4 levels are estimated to have increased by 45% 

and 157% respectively over the same period [20].  

Nitric oxide and nitrogen dioxide in the atmosphere are shorter-lived species 

than nitrous oxide and more easily converted from one to another. At lower 

ambient temperatures NO2 can also convert to N2O4 (dinitrogen tetroxide). 

While the combined NO and NO2 emissions are referred to as NOx (oxides of 

nitrogen), the sum of all the many possible oxides and acids containing Nitrogen 

and Oxygen is referred to as NOy. The global warming, or cooling, potential 

from NOx is hard to define because these gasses are not well-mixed in the 

atmosphere and they interact with aerosols, ozone and other chemicals. There 

remains considerable uncertainty, but unlike N2O, the shorter-lived NOx 

components found at low altitudes are generally attributed with negative 

Radiative Forcing (RF) at the global scale, and so are not traditionally labelled 

as ‘Greenhouse Gasses’ [18]. However, it seems that NOx emitted at very high 

altitudes by aero engines does contribute to positive RF. 
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Nitric oxide is the most reactive species and is mostly oxidised to nitrogen 

dioxide in engine exhausts and fully oxidised for assay purposes during engine 

emissions measurements.  

In the presence of sunlight, NO2 is photolysed to produce NO and monatomic 

oxygen. The latter can then react with oxygen molecules to form ozone and this 

is believed to be the main source of ozone in the troposphere. Conversely, in 

the stratosphere, the reaction of NO with O3 produces NO2 and O2, which 

removes some ozone from the ‘ozone layer’ that otherwise provides useful 

protection from damaging ultra-violet solar radiation. Increased global NOx 

levels therefore present a potential health hazard from radiation-induced skin 

cancers. On the other hand, NOx also helps to remove chlorofluorocarbons 

(CFC) from the atmosphere and these chemicals are even more damaging to 

the ozone layer. 

Atmospheric nitrogen dioxide is a major constituent of photochemical smog and, 

together with fine particulates, is the pollutant believed to have the greatest 

impact on human health. However, these oxides do not persist for very long in 

the atmosphere and are washed-out by rain. High local concentrations of NOx 

and/or SOx can result in ‘acid rain’ which can kill-off plants and aquatic life in 

lakes and rivers. Typically, it is the slower growing plants that are at risk from 

excess nitrogen deposition, but nitrogen oxides also have a major role in the 

Nitrogen Cycle, which is essential for fertilizing soils and maintaining yields from 

faster-growing food crops. Globally, most of the oxides are generated naturally, 

not least by lightning in thunderstorms. Nevertheless, background levels of NOx 

are believed to be increasing globally, as well as locally around cities and 

industrial plants. 

Flightpath 2050 goals include total mission-level NOx emissions limits as well 

as limits on NOx emissions produced during the LTO cycle.  

During combustion, the equilibrium level of NOx is a function of the pressure, 

temperature, humidity, fuel chemistry and fuel/air ratio or oxygen concentration. 

It increases rapidly at temperatures above 2000 K. Equilibrium levels are 
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however rarely achieved because reaction rates are relatively slow, so the 

residence time at high temperature can be a more significant factor. Then once 

the hot gasses have been quenched to lower temperatures by dilution, or by 

expansion through the turbines, the NOx concentration is effectively fixed or 

‘frozen’ by very slow reaction rates, and can only be reduced to lower levels in 

the engine exhausts by exposure to catalysts and/or reaction with ammonia. 

(The latter technology is widely used to reduce diesel engine emissions, where 

the ammonia needed for road vehicles is generally produced by the thermal 

decomposition of urea.) 

At high combustion temperatures, most NOx is generated as ‘thermal’ NOx via 

the Zeldovich mechanism, whereby monatomic oxygen O reacts with molecular 

nitrogen N2 to produce NO plus monatomic nitrogen N, and then the N reacts 

with O2 to give more NO and O. The ‘Extended Zeldovich Mechanism’ includes 

reactions with the hydroxyl radical OH. The reaction rates are governed by the 

Arrhenius law and increase rapidly with increasing temperature. Real NOx 

emissions may peak at slightly below the stoichiometric fuel/air ratio (FAR), 

while peak temperatures occur at slightly above the stoichiometric FAR due to 

dissociation, which is more significant at lower absolute pressures. Dissociation 

effects are fairly limited in high overall pressure ratio (OPR) gas-turbine-engine 

primary combustors at sea level.  

At relatively-low flame temperatures, other production channels such as 

‘prompt’ NOx and reactions involving N2O, are relatively more significant [22] 

[23]. A fourth potential route from ‘fuel-bound nitrogen’ (FBN) is not significant 

when the fuel is kerosene. Discussion of all the possible NOx generation routes 

is beyond the scope of this study, but Nicol et al. compare the main ones [24].  

A review of aircraft emissions in the USA and Canada has estimated that their 

aircraft LTO-cycle NOx emissions were about 73,152 tonnes in 2005, equivalent 

to just 0.8% of their total anthropogenic NOx emissions in 2002 [25]. However, 

the proportion is likely to have increased since that study. 
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A.3 Carbon monoxide (CO) and carbon dioxide (CO2)  

Mission-level carbon dioxide emissions are proportional to fuel burn and 

contribute to anthropogenic greenhouse-gas emissions that are considered 

largely responsible for global warming.  

Carbon monoxide (CO) results from incomplete combustion. It is an inevitable 

consequence of the rich-burn combustion of hydrocarbon fuels, but it can also 

be found where combustion is quenched too quickly, as for example in proximity 

to a cold wall (which is more typically an issue for piston engines). Significant 

carbon monoxide emissions in modern aero engines are generally associated 

with incomplete combustion at low-power or idle conditions and with poor 

atomisation of the liquid fuel. Real CO emissions are at a minimum when 

somewhat below the stoichiometric fuel/air ratio. 

Through a series of chemical reactions involving the hydroxyl radical (OH-), 

nitric oxide and sunlight, carbon monoxide contributes to the formation of ozone 

and photochemical smog. Through the removal of hydroxyl radicals, carbon 

monoxide increases the residence time of methane in the atmosphere, so it 

makes an indirect contribution to global warming, though CO itself is only a very 

weak greenhouse gas [26]. While carbon monoxide is toxic, the emissions from 

aircraft engines are not considered to be a significant health hazard. There are 

greater concerns over the more localised CO emissions from ground vehicles, 

including those operating in and around busy airports. 

While the global concentrations of carbon dioxide in the atmosphere are now 

very well understood, there is greater uncertainty over global levels of carbon 

monoxide and the overall rates at which the molecules transfer between their 

various sources and sinks, hence the large uncertainties in the lifetimes of these 

gasses in the atmosphere. Nevertheless, the rate at which CO2 is removed (the 

CO2 response function) is commonly taken from the ‘Revised Bern Carbon 

Cycle Model’ [29] using Equation 23 [30]. This equation predicts an atmospheric 

CO2 half-life t1/2 of approximately 30.3 years, using coefficients given in Table 

47, where RCO2 is the fraction remaining after the time t (years) 
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𝑅𝐶𝑂2 =  𝑎0  +  ∑ 𝑎𝑖

𝑖=3

𝑖=1

. 𝑒−𝑡/𝜏𝑖 Equation 23 

Table 47 – Coefficients for Equation 23 

Coefficient a0 a01 a02 a03 τ01 (years) τ02 (years) τ03 (years) 

Value 0.217 0.259 0.338 0.186 172.9 18.51 1.186 

The mean lifetime τm is the average length of time that a molecule of the gas 

remains in the atmosphere. This is longer than the half-life which is the time 

taken for half of the molecules to be absorbed into a sink. Assuming exponential 

decay for the number of molecules, then the relationship between τm and t1/2 is 

given by Equation 24 and therefore τm would be about 43.7 years. 

𝑡1 2⁄ =  𝜏𝑚. ln(2) =  0.69315. 𝜏𝑚 Equation 24 

However, as CO2 levels are rising, the system is not in equilibrium. The rate of 

removal is not constant and is not increasing pro rata with the rising 

concentration of CO2. Thus the long-term ‘effective residence times’ τL for the 

additional anthropogenic CO2 , inferred by Lam from Nordhaus’s model and 

from more recent climate models [148], are significantly longer than the mean  

lifetime τm. 

A.4 Unburned Hydrocarbons (UHC) 

Unburned hydrocarbon (UHC or HC) emissions originate from incomplete 

combustion of the fuel, so the level of emissions is closely related to combustion 

efficiency and to carbon monoxide emissions. Engine oil consumption also 

contributes to UHC emissions. These emissions are partly responsible for the 

odour from gas turbine exhausts. UHC emissions include gases from volatile 

organic compounds (VOC), and both liquid and solid aerosols. 
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A.5 Particulate Emissions  

Soot and smoke result from the incomplete combustion of hydrocarbon fuels 

and the pyrolysis of the larger (and hence more persistent) fuel droplets. 

Particulate emissions tend to increase with combustion at higher pressures, but 

to a lesser extent where airblast atomisers/airspray burners are used [86]. 

Currently the only regulation placed on aero-engine particulate emissions is the 

LTO cycle measurement of visible smoke, recorded as a ‘smoke number’ (SN).  

However, concern is growing over the emission of fine particles under 10 

micrometres in diameter (PM2.5–PM10) that are too small to be visible. These 

particles seem to be associated with a wide range of human health issues.  

A new system for the measurement of non-volatile particulate matter (nvPM) 

has been proposed by CAEP/10 to become mandatory from 2020 onwards, 

once approved by the ICAO Council [149]. Initially at least, the new limit was 

expected to be set at a level where all currently certificated engines would 

remain compliant [81], but discussions at the CAEP/11 Working Group 3 (WG3) 

Combustor Technologies meeting in April 2017 were not immediately reported, 

so the policy remained unclear. When the new test measurements are 

completed, the results should enable the total LTO nvPM emissions at 

individual airports to be estimated based on airport operations. Note 

EUROCONTROL has worked on modelling tools such as the Airport Local Air 

Quality Studies (ALAQS) model and the more recent Open-ALAQS plug-in to 

the open-source geographic information system (QGIS) to help facilitate such 

studies [150] and supplement the guidance provided by ICAO [151]. 

The composition and size of the particulates is dependent on the detail 

composition of the fuel and the effectiveness of atomisation by the fuel injectors. 

A synthetic jet fuel without cyclic aromatic hydrocarbons and sulphur 

compounds would produce fewer particulate emissions, but might not be a 

‘drop-in’ replacement fuel because those components are believed to be 

necessary to keep the elastomeric seal materials used in existing aircraft fuel 

systems ‘soft’ or ‘swollen-up’. Some research has been undertaken into 
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alternative solvents that could be added to synthetic fuels to keep O-ring seals 

manufactured in fluorocarbon, flurosilicone and nitrile polymers sufficiently 

plasticised [152].  

It is likely that more stringent nvPM emissions legislation will be introduced by 

2050, but apart from ongoing efforts to reduce visible smoke there are no 

obvious strategies proposed for tackling the emissions of finer particles by aero 

engines. Particulate traps are now widely used in diesel engine exhaust 

systems and greatly reduce their emissions, at least for larger particles. In 

principle, filters and electrostatic precipitators might be used to extract fine 

particles from aero engine exhausts, though this would come with significant 

performance, weight and maintenance cost penalties. 
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Appendix B  ALTERNATIVE NOx EMISSIONS 

PREDICTION METHODS 

This appendix provides a detailed review of alternative NOx emissions 

estimation methods and correlations.8 A summary has already been given in 

Chapter 3. The final recommendation was that the older NASA correlation 

expressed as Equation 21 should continue to be used for year-2050 LDI 

combustor NOx emissions estimates. This conclusion was only reached after 

considering various alternatives.  

Assessment methods are described in sections 3.7 and 3.8. Section 3.8 is 

expanded here, providing details of the alternative correlations that were 

reviewed, including recent correlations based on LDI combustor rig testing, and 

potential new formulations. 

Year-2000 baseline mission-level flight-cycle emissions can be estimated based 

on the declared Landing and Take-off (LTO) cycle emissions for existing 

engines. For these baseline mission-level rich-quench-lean (RQL) combustor 

emissions, the ‘P3T3’ method described in section 3.8.5 was recommended.  

After reviewing alternative methodologies for estimating combustor emissions 

the author concluded that, in the absence of detail combustor design data, 

correlations using cycle pressures and temperatures, or related parameters 

such as fuel/air ratio (FAR) or equivalence ratio Φ, should be able to provide 

consistent emissions estimates for future designs. Therefore recent research 

and existing published correlations for lean combustor NOx emissions were 

reviewed and alternative correlations considered for a range of potential 

combustor designs. However, no existing correlations were found to be entirely 

satisfactory for predicting NOx emissions for future lean direct injection (LDI) 

combustors. 

                                            
8
 Most of the material in this appendix was also a part of the author’s contribution to the 

ULTIMATE project deliverable D2.3 [106]. 
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Emissions correlations are desired to be robust for lean and staged combustion 

over a wide range of conditions in both conventional and intercooled engine 

cycles. For NOx emissions, the correlation should properly separate pressure, 

temperature and ambient humidity effects in order to be usable throughout the 

flight envelope. It should also be able to account for advances in technology, 

such as improved fuel atomisation and the use of new combustor-liner materials 

that will, by year-2050, require less wall-cooling air. Therefore alternative 

formulations have been investigated for NOx emissions correlations potentially 

applicable to future LDI combustors with staged-fuel injection. Suggested new 

approaches include having separate terms for ‘prompt’ NOx and ‘thermal’ NOx, 

and accounting for the progress made towards equilibrium NOx levels before 

those reactions are quenched. Research into these options provides additional 

insight into combustion processes, but the resulting new correlations discussed 

here still present difficulties. Insufficient data are currently available to validate 

them over the full range of engine operating conditions, so they cannot be 

advocated as superior to the existing published NASA correlations for lean 

combustors and for specific LDI fuel injector designs.  

The results of the different correlations applied to the ULTIMATE year-2050 

reference engine cycles are presented in section 8.6. 

B.1 NASA Emissions Correlations based on LDI Combustor 

Research  

The difficulty in developing definitive NOx assessment methods for staged LDI 

combustors is demonstrated with reference to recent research and emissions 

correlations from NASA Glenn. For example, a recent study by Li et al. [153] 

has worked-up a preliminary design methodology based on the LDI combustor 

segment tested by NASA and reported by Tacina et al. in 2014 [93]. The fuel 

injectors or ‘burners’ each have an array of 13 nozzles in contrast to the injector 

array with 9 nozzles shown in Figure 14. The methodology considers: air 

distribution, combustor sizing, and designs for the diffuser, the dilution holes 

and the swirlers. The LDI combustor NOx emissions are predicted using a 
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correlation from the NASA studies reported in [93] and reproduced as Equation 

25, where 𝛷𝑝𝑖𝑙𝑜𝑡, 𝛷𝑚1  and 𝛷𝑚2,3 are respectively the equivalence ratios for the 

pilot, first main set, and second and third main sets of LDI fuel injector nozzles. 

In this case P3 is in kPa. The factor of 100 in the (100∆P/P3)
-0.6 term has been 

inserted because a percentage figure was used for the pressure loss in the 

original equation. 

𝑬𝑰𝑵𝑶𝒙 =  𝑷𝟑
𝟎.𝟓( 𝒆(𝑻𝟑/𝟐𝟑𝟎)) (

𝟏𝟎𝟎𝚫𝑷

𝑷𝟑
)

−𝟎.𝟔

(𝟎. 𝟎𝟎𝟖𝟏𝚽𝒑𝒊𝒍𝒐𝒕
𝟎.𝟐𝟗 + 𝟎. 𝟑𝟓𝚽𝒎𝟏

𝟕.𝟏𝟓 + 𝟎. 𝟑𝟔𝟗𝚽𝒎𝟐,𝟑
𝟕.𝟑𝟕 ) 

 Equation 25 

Note the equivalence ratio for the combustion of kerosene can be calculated 

from the local FAR at the fuel injector divided by the stoichiometric FAR. Taking 

kerosene to have the nominal composition C12.5H24.4 then the ratio of carbon 

(atomic mass 12.011) to hydrogen (atomic mass 1.008) by mass (the CH ratio) is 

6.1043 and the stoichiometric FAR (FARST) is given by Equation 26, adapted 

from formula F5.7.6 in [99], and is found to be 0.06789. 

𝐹𝐴𝑅𝑆𝑇 = 0.087002(𝐶𝐻𝑟𝑎𝑡𝑖𝑜 + 1 )/( 𝐶𝐻𝑟𝑎𝑡𝑖𝑜 + 3) Equation 26 

But there is a big problem with using Equation 25 to predict NOx emissions. 

Unlike some earlier NASA flametube tests that used a moveable cooled 

sampling-probe to maintain a constant residence time [124], it seems that the 

correlation given in Equation 25, and those derived from more recent NASA 

studies, were obtained from rig tests with fixed combustor geometry and probe 

location. Thus the residence time and non-dimensional flow must have varied 

with the combustor percentage pressure loss and the selected swirler angles. 

Increasing the pressure loss across the swirlers helps atomise the fuel and mix 

it more quickly with the air, but given a fixed combustor volume, it also reduces 

the residence time roughly in inverse proportion to the square root of ∆P/P3.  

This seems to be the explanation for the magnitude of the pressure ratio 

coefficients observed in [91] and [93]. The Equation 25 with an R2 value of 0.95 

was derived after simpler equations failed to collapse the experimental data to 
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give R2 values any higher than 0.77, but by adding four more coefficients, while 

analysing a relatively small dataset, it is to be expected that the R2 figure would 

improve (just from ‘overfitting’ of the data, an effect not unrelated to Runge’s 

phenomenon). This means that the relatively-more-complex correlation in 

Equation 25 might in practice be little or no better at making predictions than 

one of the simpler correlations that it superseded, like Equation 27 from [93] for 

example, where Tad is the equilibrium adiabatic flame temperature. In this 

equation the units are Pa for P3 and K for T3 and Tad. 

𝐸𝐼𝑁𝑂𝑥 =  0.0008𝑃3
0.46( 𝑒(𝑇3/757))( 𝑒(𝑇𝑎𝑑/355))  (

100Δ𝑃

𝑃3
)

−0.647

 Equation 27 

Extrapolating from existing data to higher FAR, P3 or Tad is risky, but necessary 

where test rigs are unable to simulate the higher-power engine conditions. 

From Equation 17 and Figure 22, it is seen that, in rich-quench-lean (RQL) 

combustors, the NOx emissions are roughly proportional to the formation time 

spent at peak NOx production. In LDI lean modules the NOx formation times 

may be longer, since peak temperatures are generally lower and quenching is 

less-rapid, but the reaction rates should also be slower. Equation 25 predicts 

27.5% more NOx if the design has 2% pressure loss rather than 3% (implying a 

22.5% longer residence time) and 15.9% less NOx if it has 4% pressure loss 

(implying a 13.4% shorter residence time). For a family of combustor designs 

having the same residence times, but different swirler areas and pressure 

losses, the (100∆P/P3)
-0.6 term in Equation 25 might be replaced by a constant, 

introduced to align the NOx emissions predictions at a typical swirler pressure 

loss, ∆P/P3 of 3% say. This would result in Equation 28. This might be 

reasonably valid for the given percentage pressure loss and residence time, but 

the latter is not known since residence times are not calculated in [93].  

 

𝐸𝐼𝑁𝑂𝑥 =  𝑃3
0.5( 𝑒(𝑇3/230))(0.0157Φ𝑝𝑖𝑙𝑜𝑡

0.29 + 0.677Φ𝑚1
7.15 + 0.713Φ𝑚2,3

7.37 ) Equation 28 
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Also it is not obvious that Equation 28 can still be used when there are large 

changes in fuel flow distribution and when some sets of injectors are not fuelled. 

At an equivalence ratio, the figures calculated for the first set of main injectors 

only differs by a few percentage points from those calculated for the second and 

third sets. Plotting their contributions to EINOx against equivalence ratio as in 

Figure 83 shows the pilot and main injectors’ contributions have very different 

profiles. The three curves intersect at around 0.58 equivalence ratio where each 

set of injectors makes the same contribution to EINOx (despite having different 

fuel and air mass flows). 

 

Figure 83 – Contributions of Injectors to EINOx according to Equation 28 

given P3=3810 kPa, T3=870 K 

Equation 25 and Equation 28 do not explicitly account for changes in fuel flows 

between the three streams. For example, if the FAR in the pilot stream is held 

constant while the main fuel flows are switched on and off, then increasing the 

total fuel flow can only increase EINOx according to these equations, whereas 

firing-up the lean modules would be expected to reduce it, since the overall fuel 

mass flow has increased and the lean injectors add relatively little NOx.  
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It is perhaps too simplistic to assume that the NOx generated in each stream is 

totally independent of the FAR in the adjacent streams, but it would seem more 

logical to multiply each of the three terms in an equation like Equation 28 by the 

proportion of the total fuel allocated to each stream. In this way the contribution 

to the overall emissions index from the pilot stream would reduce when the fuel 

flows allocated to the main injector nozzles increased, and vice versa. However, 

implementing this requires even more design parameters to be estimated for a 

hypothetical future combustor, making this approach too complicated for current 

purposes. The conclusion drawn is that Equation 26 and Equation 28 may only 

be valid over a limited range of equivalence ratios, and only for cases where all 

of the injectors are fuelled.  

For high power conditions where fuel is flowing in all the injectors, Li et al. [153] 

suggest using another NASA study correlation from the earlier Advanced 

Subsonic Combustion Rig (ASCR) programme using the 9-nozzle array shown 

in Figure 14. This correlation was published in 2007 by Lee et al. [154] and 

again in 2008 by Tacina et al. [92], and it is rearranged here as Equation 29. 

The units for temperature are K and the units for pressure are kPa. 

𝐸𝐼𝑁𝑂𝑥 =  1.359𝑃3
0.595(𝑒(𝑇3/194)) (

100Δ𝑃

𝑃3
)

−0.565

(𝐹𝐴𝑅1.69) Equation 29 

It is assumed the FAR is not that at combustor exit, but the FAR before the wall 

cooling or dilution air has been added. Exactly how FAR should be calculated is 

not explained in [153], but in [93] it is stated that 20% of the incoming air could 

be used for wall cooling. (The percentage is expected to reduce in future 

designs when a CMC material with higher temperature capability is introduced, 

making lower NOx emissions achievable.) Lee et al. claim that this correlation 

fitted both high-pressure and medium-pressure data quite well, though  

Equation 30 gave a better fit to their more recent high-temperature AST test 

results [154]. The units are as for Equation 29. 
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𝐸𝐼𝑁𝑂𝑥 =  0.104𝑃3
0.68(𝑒(𝑇3/185)) (

100Δ𝑃

𝑃3
)

−0.36

(𝐹𝐴𝑅1.32) Equation 30 

As in the earlier example, the pressure-ratio term may be replaced by a 

constant factor for a given combustor design, assuming a constant combustor 

pressure loss (which is a reasonable assumption for normal steady-state 

operation where the downstream nozzles are choked). 

For the LTO-cycle emissions estimation, an equation like Equation 28 might be 

used, with assumed FAR values for each set of fuel injectors. For example, at 

idle it could be assumed that all the fuel goes to the pilot injector nozzles, so the 

FAR values for the main injectors are zero. Equation 28 would reduce to an 

equation like Equation 31, though, as previously discussed, the coefficients 

should probably be different when only the pilot injectors are fuelled. 

𝐸𝐼𝑁𝑂𝑥 =  𝑃3
0.5( 𝑒(𝑇3/230)) (

Δ𝑃

𝑃3
)

−0.1

(0.0157𝛷𝑝𝑖𝑙𝑜𝑡
0.29 ) Equation 31 

The next step would be to use the overall combustor FAR and the assumed 

airflow distribution between the different swirlers to estimate 𝛷𝑝𝑖𝑙𝑜𝑡 . Taking 

TF2050 LTO-cycle idle performance as an example, then the emission indexes 

calculated according to Equation 31 with pilot fuel only would be as in Table 48. 

Table 48 – LDI NOx Emissions Estimates at TF2050 LTO-cycle Idle Case 

Emissions Units Example 1 Example 2 Example 3 

T3 K 596 596 596 

P3 Pa 854135 854135 854135 

FAR overall – 0.00994 0.00994 0.00994 

Airflow to pilot injector 

 

– 10% 15% 20% 

FAR local – 0.0994 0.0663 0.0497 

Φ𝑝𝑖𝑙𝑜𝑡 – 1.464 0.976 0.732 

EINOx g/kg 1.83 1.62 1.49 
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EINOx is predicted to increase as the primary zone around the pilot burner 

becomes more fuel-rich. It should peak at some equivalence ratio, but 

according to Equation 31, it never does. Such a correlation might still be valid 

for a limited range of equivalence ratios, but as discussed below, the EINOx 

figures in Table 48 are considered optimistic, so this is really the ‘negative proof’ 

that Equation 31 should not be used.  

The most recent correlations from NASA Glenn are for the NOx emissions from 

a third-generation swirl-venturi LDI injector as reported in [155]. In this case the 

flow area to the pilot burners is quoted as 12% of the total swirler area, though 

Tacina et al. argue that it probably should have been increased (and as 

discussed in their paper, perhaps it actually was higher at the end of the test).  

The ‘Fit 2’ correlation in that paper is reproduced as Equation 32, where Tad,p is 

the primary injector adiabatic flame temperature, and Tad,mi is the ‘i th’ main 

injector-set’s adiabatic flame temperature. The coefficients dp, dm, ep and em are 

listed in Table 49. The equation and its coefficients are specific to the particular 

design with three sets of main swirlers. Like the earlier equations, it does not 

explicitly account for the distribution of fuel flow between the different fuel 

injector elements. 

𝐸𝐼𝑁𝑂𝑥 =  𝑃3
0.931( 𝑒(𝑇3/234)) (

100Δ𝑃

𝑃3
)

−0.829

[𝑑𝑝𝑒𝑇𝑎𝑑,𝑝 𝑒𝑝⁄   + ∑ 𝑑𝑚𝑒𝑇𝑎𝑑,𝑚𝑖 𝑒𝑚⁄  

𝑚3

𝑚1

] 

 Equation 32 

Table 49 – Coefficients for the Correlation given by Equation 32 

Coefficient dp ep dm em 

Fit 2 4.97x10-6 246 7.36x10-7 187 
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B.1.1 Applying and comparing NASA’s LDI NOx correlations 

Despite the significant reservations noted above, predictions from several of the 

NASA correlations for EINOx have been compared, at high-power conditions 

and also at low-power conditions where some or all of the main injectors would 

not be fuelled.  

In [155] Tacina et al. apply the Equation 32 correlation to the Advanced Air 

Transport Technology (AATT) ‘N+3 Technology Reference Propulsion System’ 

(TRPS) which is the projected future turbofan with CFM56 thrust levels and a 

geared fan giving very low specific-thrust, as discussed in section 2.4. Helpfully 

the authors provided a table of some key performance parameters for this 

engine at climb, cruise and take-off, and at the four LTO-cycle performance 

points. They also referenced the paper by Jones et al. [45] which provides 

further details of the climb, cruise and take-off performance, tabulating data 

from the NPSS performance model. The latter tabulations do not however 

include the ISA-day SLS LTO-cycle cases, so the fuel flows, needed to 

calculate Dp/Foo figures have had to be estimated for those cases. Also, it was 

noted that the adiabatic flame temperature and the combustor exit and 

‘adiabatic’ equivalence ratios quoted in [155] for the top-of-climb (TOC) case 

seem to be in error, whereas the TOC P3 figure is in rough agreement with [45]. 

The data are reproduced in Table 50 with corrections from [45] to the TOC 

equivalence ratios, and an estimate of the correct Tad figure for the TOC case.  

The engine’s combustor is assumed to use 20% of the inlet air for combustor 

liner wall cooling, increasing the engine combustion-zone FAR and equivalence 

ratio 𝛷𝑎𝑑 by 25% relative to combustor exit. In subsequent calculations for the 

100% and 85% thrust cases, the combustion zones behind each type of fuel 

injector are assumed to have equal FAR, equivalence ratio and adiabatic flame 

temperature, with the injectors fuelled pro rata. However, for the 30% and 7% 

thrust cases the figures in Table 50 are the average values and cannot be used 

directly in the NOx emissions correlation. 
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Table 50 – NASA N+3 TRPS Turbofan LTO-cycle Performance 

Condition FN  

kN 

FF  

kg/s 

T3  

K 

P3  

bar 

T4  

K 

Tad  

K 

Φ4 Φad FAR ad 

LTO cycle 100% 127.3 0.607 
2 870 38.1 1650 

2 1832 0.354 0.442 0.030

0 
LTO cycle 85% 108.2 0.494 

2 835 

661 

32.8 1558 
2 1727 0.325 0.402 

4 0.027

3 
LTO cycle 30% 38.2 0.143 

2 661 14.1 1123 
2 1231 0.186 0.233 0.015

8 
LTO cycle 7% 8.9 0.047 

2 553 7.1 826 
2 890 0.103 0.128 0.008

7 
EOR take-off ISA+15 K 101.4 0.8304 957 44.3 1889 2107 0.446 0.558 0.037

9 
TOC 35,000 ft, ISA 27.0 0.3548 851

3 

19.4 1750 
3 1958

3 0.417
3 0.521

3 0.035

4 

 

 

Cruise 35,000 ft, ISA
1 24.3 0.3198 827 18.3 1686 1887 0.392 0.490 0.033

3 
     

1
   Note the net thrust FN at cruise is 90% of TOC thrust, i.e. it is ‘max cruise’, not ‘typical cruise’. 

     
2
   These figures are estimated since they are not quoted in either [155] or [45]. 

     
3
   These figures have been derived from [45], since the figures tabulated in [155] are inconsistent. 

     
4
   Possibly this figure should have been 0.406, since 0.402 is inconsistent with the Φ4 figure of 0.325. 

Note the thrust for the 100% SLS take-off case is calculated from the 0.25 Mach 

number ISA+15 K end of runway (EOR) net thrust by multiplying the latter by a 

Boeing Equivalent Thrust (BET) factor of 1.2553, as stated in [45]. It is then 

assumed the 100% SLS ISA-day thrust is equal to the ISA+15 K SLS thrust. 

However the ISA+15 K OPR is 36.63, while the ISA day OPR is quoted as 38.1 

in [155]. This suggests the latter study may have assumed a slightly higher SLS 

thrust. 

Different engines with the same BET will have the same EOR thrust and thus 

have comparable take-off performance. The BET is often quoted in preference 

to a manufacturer’s nominal static thrust figure when wanting to compare the 

take-off performance of different engines. The inverse of the BET factor gives a 

typical historical reduction in rated thrust with increased forward speed at EOR. 

The BET factor has not normally been used to define an actual static take-off 

thrust rating. While modern aircraft almost invariably start the take-off roll before 

the engines have reached full thrust, the full static take-off thrust rating is 

generally set such that, for a given day temperature, a stabilised HP TET is held 
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roughly constant while the aircraft accelerates along the runway. In quoting a 

100% SLS thrust for ICAO emissions tests, the maximum certificated take-off 

thrust at this ISA-day EOR TET would normally be quoted.  

Note some engines with a common bill of materials are supplied with several 

different take-off thrust ratings, each with its own declared set of characteristic 

emissions figures. Typically these lower thrust ratings match aircraft variants 

certificated with lower maximum take-off weights. For NOx emissions, the lower 

thrusts consistently provide lower dP/Foo figures and larger margins relative to 

the CAEP/2 limit. However, the limits for CAEP/4, CAEP/6 and CAEP/8 are 

constructed such that the Dp/Foo margins are more-nearly constant when the 

‘100%’ SLS thrust rating is varied and the OPR and TET change. Relative to 

current NOx limits, there seems little benefit to be gained from reducing the 

declared static take-off thrust, unless taxation were to be based on the Dp 

figure. It is possible though that the development of lower-specific-thrust 

engines will bring about changes to current practice, in order to avoid 

unrepresentatively high static thrusts being used in future Dp/Foo assessments. 

The LTO-cycle 30% and 7% thrust conditions for the N+3 TRPS-cycle 

combustor were reproduced directly in the NASA rig tests, resulting in EINOx 

figures of 6.25 and 4.3 g/kg respectively. For the 85% and 100% thrust 

conditions the full operating pressures could not be reproduced on the rig, so it 

was necessary to apply a pressure correction to the measured results.  

Table 51 shows the LTO-cycle NOx re-calculated using Equation 32 for the 

high-power conditions and taking data from Table 50 and the measured EINOx 

figures for the low-power cases. The 85% and 100% thrust NOx emissions 

indexes calculated here agree with those in [155] to within 1%. The dP/Foo 

figure is 16.3% of the CAEP/6 limit, compared with the NASA N+3 target of 

20%. However, these calculations do not substantiate the 85-89% NOx 

reduction relative to CAEP/6 claimed in the paper. Tacina et al. noted that the 

air mass flow through the pilot-burner swirler varied during testing, due to the 

opening-up of a crack, which explained a progressive reduction observed in the 
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pilot-only NOx emissions measured over several days of testing. They took the 

lowest figures from the last day of testing and argued that, for the 7% thrust 

case, the NOx emissions could have been further reduced if the mass flow of air 

to the pilot burner had (by design) been further increased. (The cracking was 

attributed to not having selected the best material for the rig-test component.) 

Table 51 – LTO-cycle NOx measured and correlated for the N+3 TRPS 

(20% wall-cooling, 4% ∆P/P) 

Condition FN  

kN 

OPR EINOx  

g/kg 

Time  

s 

Dp NOx 

g 

Dp/Foo 

g/kN 

LTO cycle 100% 127.3 38.1 18.65 42 475 12.1 

overall 
LTO cycle 85% – – 8.17 132 533 – 

LTO cycle 30% – – 6.25 240 215 – 

LTO cycle 7% – – 4.30 1560 315 – 

Since the engine combustor design was assumed to reserve 20% of the inlet air 

for the combustor liner’s wall cooling, the local FAR figures are increased by 

25% relative to combustor exit. (The test rig, though, had uncooled ceramic 

walls.) However, the 20% figure seems an over-estimate by Tacina et al. of the 

cooling requirement for future combustors. A study by Mazzola has shown that 

increasing wall cooling flows beyond a critical level is counter-productive, not 

only for NOx emissions, but also for cooling, since the increase in flame 

temperature with increasing equivalence ratio at a TET greatly increases the 

radiative heat transfer to the liner wall [156]. In that Cranfield University study 

the critical wall-cooling flow was shown to be less than 20%.  

Table 51 lists the measured NOx emissions at the 7% and 30% thrust 

conditions instead of applying the correlation given by Equation 32 for these 

cases. For these cases the assumption of equal FAR, equivalence ratio and Tad 

for the pilot injector and all of the main injectors cannot be used, but it is still 

possible to use the correlation if estimated local flame temperatures are 

substituted. 
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For the N+3 TRPS, only the pilot injector is lit at 7% thrust, and [155] states that 

it receives 12% of the swirler air flow. Thus the local equivalence ratio is 

increased from the overall figure of 0.128 to 1.067 and the local FAR is 0.0724. 

Given T3 is 553 K, the temperature rise is estimated to be 1881 K, making the 

local flame temperature (Tad,l ) 2434 K. The resulting EINOx value calculated 

from Equation 32 is 2.06 g/kg when the contribution from the main injectors is 

set to zero. This is significantly lower than the reported measured emissions 

index values determined by gas analysis, but is not unexpected given that, as 

discussed above, the correlation should not be accurate at both high-power and 

low-power conditions. Other possible factors are that the ‘adiabatic’ flame 

temperatures used to create the correlation did not account for dissociation, or 

were affected by varying ambient humidity. It is worth noting that, during testing, 

some discrepancies were observed between the equivalence ratios determined 

by the fuel and air flow measurements and those determined by gas analysis. 

These discrepancies were particularly large for measurements relating to the 

30% thrust conditions. 

At 30% thrust, the best test results were obtained with only the pilot injector and 

one of the three sets of main injectors lit, but Tacina et al. commented that it 

was ‘hard to find a “good” fuel staging’. If it is assumed that the lit injectors 

receive 41.4% of the swirler air flow, and their equivalence ratios are equal, 

then these local equivalence ratios are increased from the overall figure of 

0.233 to 0.563 and the local FAR is 0.0382. Given that T3 is 661 K, then the 

local temperature rise is estimated to be 1233 K, making Tad,l 1894 K. The 

resulting EINOx value predicted by Equation 32 is 1.84 g/kg when the 

contribution from two-thirds of the main injectors is set to zero. This figure is 

also significantly lower than the directly measured emissions at conditions 

corresponding to the 30% thrust case. 

Table 52 modifies Table 51 using the new figures for the 30% and 7% thrust 

cases and predicts a new figure of 9.6 g/kg for Dp/Foo (NOx). This new figure is 

13% of the CAEP/6 limit, corresponding to an 87% reduction, which is in the 

middle of the 85%–89% range of reductions claimed in [155].  
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Table 52 – Equation 32 LTO-cycle NOx calculations for N+3 TRPS 

(20% wall-cooling, 4% dP/P)  

Condition FN  

kN 

Φad,l Tad,l  

K 

EINOx 

g/kg 

Time  

s 

Dp NOx  

g 

Dp/Foo  

g/kN 

LTO cycle 100% 127.3 0.442 1833 18.65 42 478 9.8 overall 

LTO cycle 85% – 0.402 1737 8.25 132 561 – 

LTO cycle 30% – 0.563 1894 1.84 240 261 – 

LTO cycle 7% – 1.067 2432 2.04 1560 449 – 

The assumption that only the pilot injectors are fuelled for the 7% thrust case, 

and that the pilot and one-third of the main injectors are fuelled in the 30% 

thrust case, seems applicable to most engines. However, the ULTIMATE year-

2050 Geared Open Rotor combustor temperature-rise and its overall fuel/air 

ratios are unusually high, so a different fuel staging will be assumed for this 

engine. In applying Equation 32 it is assumed that the FAR, equivalence ratio 

and flame temperature behind each lit injector are equal, whereas in practice 

the pilot injector might well be expected to run richer.  

Various different methods have been tried to estimate combustion temperatures 

with liquid kerosene fuel. Walsh and Fletcher [99], for example, provide 

equations relating FAR to T3, T4, fuel heating value (LHV) and combustion 

efficiency, but for higher temperatures, other methods might be used to take 

account of the effects of pressure on dissociation. To compare the method from 

Gani in [157] used to estimate Tad,l in Table 52 for the 7% and 30% thrust 

cases, with the unspecified method used in [155], the N+3 TRPS cruise and 

EOR Tad,l temperatures were recalculated from the quoted T3 and Φad,l. figures. 

The cruise temperature was found to be 1889 K, or 2 K hotter than quoted in 

[155] and Table 50, which is within the range of rounding errors, but the 

recalculated EOR temperature was 2129 K, a 22 K, or 2%, higher combustor 

temperature rise. This would increase EINOx by 16% according to Equation 32. 

At these temperatures the pressure effects on temperature rise are still modest, 



 

313 

 

so it is possible the different calculation methods would diverge by even more at 

higher temperatures, though in LDI combustors these temperatures should only 

be found behind the pilot injectors. A discrepancy in Tad,l is just one of several 

potential uncertainties discussed further in section B.6. The method of [157] that 

accounts for pressure might provide more conservative emissions estimates 

when applied to other engines. 

The NASA correlation for advanced lean-burn combustors given by Equation 21 

just using P3, T3 and T4, is much simpler, making its application much less 

ambiguous than Equation 32. Although it was not originally formulated for LDI 

combustors, Equation 21 provides an alternative assessment for the overall 

NASA N+3 TRPS NOx emissions. Table 53 shows that Equation 21 yields a 

fairly similar dP/Foo (NOx) figure of 11.7 g/kN vs 9.8 g/kN from Equation 32 in  

Table 52. 

Table 53 – Equation 21 LTO-cycle NOx calculations for the N+3 TRPS 

Condition FN  

kN 

P3  

kPa 

T3  

K 

T4  

K 

EINOx  

g/kg 

FF  

kg/s 

Dp NOx 

g 

Dp/Foo  

g/kN 

LTO cycle 100% 127.3 3810 870 1833 17.86 0.607 455 11.7 overall 

LTO cycle 85% – 3280 835 1737 13.29 

2.83 

0.494 867 – 

LTO cycle 30% – 1410 661 1894 2.83 0.143 97 – 

LTO cycle 7% – 710 553 2432 0.92 0.047 67 – 

It seems that, given suitable guidelines, Equation 32 might be used to predict at 

least the high-power EINOx figures for year-2050 engines with advanced LDI 

combustors. (The under-prediction of EINOx at low-power conditions would not 

have a big effect on overall Dp/Foo.) However, it must be assumed the 

residence times that future combustors will need to meet altitude relight 

requirements are consistent with the correlation and with its assumed swirler 

pressure loss. The overall combustor pressure loss quoted for the N+3 TRPS 

engine is 4%, but if the swirler pressure loss is taken to be 3% (allowing 1% for 

loss in the preceding diffuser), then all the NOx emissions predicted by 
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Equation 32 would increase by 27%. This is partly due to increased residence 

time in the flame-tube and partly due to less-vigorous mixing and fuel 

atomisation. The more appropriate figure is not obvious. 

Even with very-advanced CMC liner materials, it seems unlikely that combustor 

walls would be completely uncooled. Some air is also likely to be needed for 

pre-filming the HP NGV inner and outer platforms and to control the outlet radial 

traverse of the combustor. However the figure of 20% wall cooling air seems 

unduly pessimistic for future CMC combustor liners. Table 54 shows the effect 

of reducing the cooling air flows to a more realistic 10% of combustor inlet flow 

for a year-2050 design, with NOx emissions calculated using Equation 32.  

The reduction in Dp/Foo to 6.5 g/kN or 9% of the CAEP/6 limit is quite 

significant. However, reducing swirler pressure loss to 3% would raise Dp/Foo 

(NOx) to 8.2 g/kN (11% of the CAEP/6 limit). 

Table 54 – Equation 32 LTO-cycle NOx calculations for N+3 TRPS 

(10% wall-cooling, 4% dP/P) 

Condition FN  

kN 

Φad,l Tad  

K 

EINOx  

g/kg 

Time  

s 

Dp NOx  

g 

Dp/Foo  

g/kN 

LTO cycle 100% 127.3 0.393 1740 11.65 42 297 6.5 overall 

LTO cycle 85% – 0.361 1649 5.49 132 358 – 

LTO cycle 30% – 0.500 1779 1.06 240 36 – 

LTO cycle 7% – 0.948 2402 1.81 1560 132 – 

When Equation 32 is applied to the TF2050, the results are less impressive, 

predicting a Dp/Foo NOx figure of 44.4 g/kN when assessed with 4% swirler 

pressure loss and 10% wall cooling air. These results are shown in Table 55. 

The margin with respect to CAEP/6 is reduced, but not pro rata, because the 

OPR of the TF2050 engine at 100% SLS thrust is 60.5 and this increases the 

CAEP/6 regulatory limit to 119.96 g/kN. The predicted Dp/Foo for the TF2050 is 

thus 37% of the CAEP/6 limit, a 63% margin, not even close to the 80% margin 

targeted by NASA. Relative to CAEP/8, the predicted margin is 60%. 
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Given that the TF2050 cycle has higher combustor temperatures and FAR than 

the N+3 TRPS engine, it is possible that two-thirds of the main burners could 

remain lit at the 30% thrust case to reduce NOx levels at that condition. The 

proportion of air provided to the pilot burner might also be increased to minimise 

smoke at 7% of thrust. However, these changes will make little difference to the 

NOx Dp/Foo assessment, since 95% of the NOx is predicted to be produced at 

the 85% and 100% thrust conditions. It seems that, as performance cycles 

become more aggressive, the proportion of NOx generated at the high-power 

conditions becomes more significant, suggesting that a simpler correlation 

focussing on those conditions might provide sufficiently accurate Dp/Foo 

predictions. 

Table 55 – Equation 32 LTO-cycle NOx calculations for TF2050 

(10% wall-cooling, 4% dP/P) 

Condition FN  

kN 

Φad,l Tad  

K 

EINOx  

g/kg 

Time  

s 

Dp NOx  

g 

Dp/Foo  

g/kN 

LTO cycle 100% 236.2 0.429 1915 78.8 42 4785 44.4 overall 

LTO cycle 85% – 0.380 1778 27.2 132 4185 – 

LTO cycle 30% – 0.648 2113 12.3 240 93.6 – 

LTO cycle 7% – 1.500 2254 1.7 1560 357 – 

The Dp/Foo NOx assessment for the TF2050 in Table 55 is higher than that 

predicted in Table 56 using the earlier NASA correlation Equation 21, and 

higher also than the estimate from Rolls-Royce for the comparable LEMCOTEC 

LTF study engine [96]. 

The same two NASA correlations have also been applied to the GOR2050 

engine performance and the results are given in Table 57 for Equation 32 and in 

Table 58 for Equation 21. In the former case the swirler pressure loss was taken 

as 4% and the wall-cooling flow was taken to be 10% of combustor entry, 

consistent with the previously assumed year-2050 technology level. 
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Table 56 – Equation 21 LTO-cycle NOx calculations for the TF2050 

Condition FN  

kN 

P3  

kPa 

T3  

K 

T4  

K 

EINOx  

g/kg 

FF  

kg/s 

Dp NOx  

g 

Dp/Foo  

g/kN 

LTO cycle 100% 236.2 6129 1004 1839 47.86 1.446 2906 36.7 overall 

LTO cycle 85% – 5353 949 1704 31.66 

2.83 

1.165 4871 – 

LTO cycle 30% – 2211 753 1327 6.39 0.390 599 – 

LTO cycle 7% – 678 577 1127 1.39 0.131 285 – 

 

Table 57 – Equation 32 LTO-cycle NOx calculations for GOR2050 

(10% wall-cooling, 4% dP/P). 

Condition FN  

kN 

Φad,l Tad  

K 

EINOx  

g/kg 

Time  

s 

Dp NOx  

g 

Dp/Foo  

g/kN 

LTO cycle 100% 104.8 0.563 2024 39.7 42 811 20.3 overall 

LTO cycle 85% – 0.532 1952 21.8 132 1171 – 

LTO cycle 30% – 0.944 1 1592 2.06 240 77 – 

LTO cycle 7% – 0.419 2 1189 0.97 1560 74 – 

1
   To avoid an equivalence ratio approaching unity, which would produce high NOx levels, it is assumed 

     that two sets of main injectors as well as the pilot injector would continue to be fuelled at this approach 

     rating. 

2
   To avoid an equivalence ratio in excess of two, which would generate lots of smoke, it is assumed that 

     one set of main injectors would also continue to be fuelled at this idle thrust rating. Alternatively, the  

     burner might be redesigned so the proportion of combustor inlet air provided to the pilot injector would  

     be increased. 
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Table 58 – Equation 21 LTO-cycle NOx calculations for the GOR2050 

Condition FN  

kN 

P3  

kPa 

T3  

K 

T4  

K 

EINOx  

g/kg 

FF  

kg/s 

Dp NOx  

g 

Dp/Foo  

g/kN 

LTO cycle 100% 104.8 3411 839 1928 17.08 0.486 349 12.9 overall 

LTO cycle 85% – 2964 817 1858 13.90 0.407 747 – 

LTO cycle 30% – 1378 690 1502 4.36 0.156 163 – 

LTO cycle 7% – 593 550 1127 1.16 0.049 88 – 

In comparison to the TF2050 and GOR2050, the smaller NASA N+3 TRPS has 

a less aggressive cycle. It also benefits from an unrealistically-low specific 

thrust and being assessed with a reduced TET for the ‘100%’ static thrust case, 

relative to the genuine EOR take-off rating TET. The GOR2050 also benefits 

from its very low specific thrust, which helps to reduce Dp/Foo relative to EINOx. 

Figure 84 compares various aero engine Dp/Foo NOx predictions, including 

those using Equation 21 (labelled as NASA T4) and Equation 32 (labelled as 

NASA LDI), with NASA and LEMCOTEC targets.  

 

Figure 84 – Average Dp/Foo NOx Predictions from NASA Correlations 

 vs ANTLE and LEMCOTEC assessments and typical year-2000  

in-service engine ICAO database figures 
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All the assessments made using Equation 32 assume 4% combustor pressure 

loss. The percentage wall-cooling air assumed is as indicated in the legend. 

Given the N+3 TRPS engine cycle, the LDI combustor concept described in 

[155] appears to meet the NASA N+3 NOx target of an 80% reduction relative 

to CAEP/6. However, the technology appears incapable of meeting the NASA 

target in engines with more-realistic year-2050 performance cycles. 

All these assessments of the recent study engines meet the LEMCOTEC LDI 

target of ‘CAEP/2 -65%’.  

B.2 Analysis of Existing NOx Correlations 

Despite tending to produce broadly similar predictions, none of the foregoing 

correlations seems entirely satisfactory for predicting the NOx emissions of the 

year-2050 ULTIMATE reference engines having LDI combustors. Humidity is 

not taken into account and the equations do not address staged combustion in 

a logical way. Equation 25, Equation 28 and Equation 32 can account for 

different equivalence ratios for each set of injectors, but they still do not seem to 

correctly account for staging. These equations add extra complexity considering 

the original requirement to be able to make simple and consistent estimates of 

year-2050 reference engine combustor emissions. The most recent NASA 

correlation Equation 32, as interpreted here, underestimates NOx emissions at 

the low power conditions and gives higher emissions estimates for the more 

aggressive cycles in comparison with the NASA ‘T4 correlation’ Equation 21, 

though the latter was probably intended for pre-mixed pre-vaporised double-

annular combustor designs. Double-annular designs are now less-favoured, 

and pre-mixed designs are unlikely to be feasible in engines with very high 

compressor delivery temperatures.  

Another approach to emissions assessment might be to provide separate 

correlations, similar to Equation 27, Equation 29, Equation 30 or Equation 31 for 

each fuel-staging mode of the LDI combustor operation, though at part-power 

conditions, the fuel distribution between the injector nozzles might still be varied 

within a single mode of operation.  
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Alternatively a single correlation could ‘smear-out’ the fuel-staging changes. 

This has been attempted before by fitting a fifth-order order polynomial curve fit 

to experimental EINOx measurements plotted against a suitable function of 

pressure, temperature and FAR (or equivalence ratio), but the shape of this 

curve would still be specific to a particular strategy for fuel-staging in the 

combustor.  

The most powerful factors determining NOx emissions are pressure, residence 

time at temperature and local flame temperature, (or associated performance 

parameters such as T3 plus FAR), but other factors may also need to be 

considered. 

B.2.1 Equilibrium levels of NOx 

As a function of air/fuel ratio (AFR) at a T3, the levels of NOx (and CO and 

UHC) vary as shown schematically in Figure 85. Given sufficient residence 

time, the level of NOx will stabilise in a mixture of combustion products held at a 

fixed temperature and pressure. For a primary combustor this generally 

provides an upper limit on EINOx that is a function of the temperature, pressure 

and equivalence ratio of the gasses. The last factor is significant, because as 

the equivalence ratio approaches unity, the remaining oxygen is preferentially 

scavenged by the hydrogen and carbon from the fuel. However, NOx levels do 

not immediately fall to zero when the equivalence ratio exceeds one. 

 

Figure 85 – Effect of AFR on Emissions [158] 
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The equilibrium NOx levels are seen to peak just on the lean side of 

stoichiometric conditions, at an equivalence ratio less than one, though flame 

temperatures peak slightly on the rich side. At lower equivalence ratios, or at 

higher AFR, the equilibrium NOx levels are seen to reduce rapidly, but this is 

largely because the temperature of the combustion products reduces. 

Figure 85 does not mean that the rate of NOx generation necessarily peaks in 

lean mixtures. On the contrary, Miller and Bowman [159] show that for shorter 

time periods NO levels may peak at around 1.2 equivalence ratio as a result of 

prompt NOx reactions associated with HCN. They even show that under some 

conditions the amount of prompt NOx produced can exceed the equilibrium 

levels mediated by thermal NOx, so that extending the residence time might 

actually reduce NOx. Their charts demonstrate that NO is not in fact generated 

at a steady rate during combustion, as implied by Equation 17 and Figure 22, 

and that this assumption is only really applicable to generation of thermal NOx. 

B.2.2 Staged combustion 

Staging the fuel flow to different injector nozzles enables mostly-lean 

combustion at high overall FAR when all of the nozzles have fuel flowing, while 

avoiding lean extinction at lower overall FAR by concentrating the fuel in a sub-

set of potential combustion zones. It is generally reasonable to assume that 

only the pilot nozzles will be fuelled at idle and that all the injectors will be 

fuelled at take-off and climb conditions, but the optimum distribution of fuel flow 

at cruise and approach conditions is less obvious. Allegedly, some early double-

annular combustors just ran on their pilot injectors at cruise conditions at 

altitude, but future designs are likely to have at least some of the lean injector 

nozzles operating together with the pilot injector nozzles at cruise and approach 

conditions. Managing the transitions between the different operating modes, 

through various transient and steady-state conditions, presents a significant 

challenge to the fuel and control systems. The exact arrangements that would 

be used in future designs cannot be known, so simplifying assumptions must be 

made.  
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One possible assumption is that in the future, fuel flows will be optimized 

between the potential zones of combustion, so that once the overall fuel flow is 

adequate to support at least one or two lean-burn fuel nozzles, they would be 

individually switched-on. In a typical combustor with a dozen or more fuel-

injectors, the serial introduction of additional combustion zones could provide an 

almost seamless transition from pilot-only operation to the start of full-burner 

operation. The variation of the emissions index might therefore be represented 

reasonably well by a third-order polynomial correlation curve fit against overall 

FAR, with appropriate additional factors for inlet pressure and temperature.  

NASA LDI combustor studies have adopted various approaches to generating 

EINOx correlations and attempted to assess the NOx generated behind pilot 

and main injectors separately before summing them. Early NASA LDI pilot and 

LDI main injector designs were similar ‘simplex’ designs, though more recently 

‘filming’ or air-spray/air-blast atomisers have been used for the main injectors.  

It is important to properly separate the pressure and temperature effects before 

constructing any new correlations for year-2050 staged LDI combustors. This is 

because the correlations would be used in intercooled engine cycles as well as 

in conventional Brayton-cycle engines, and it should be applicable not only at 

SLS ISA conditions, but also throughout the full flight envelope as an alternative 

to the traditional P3T3 method. 

B.2.3 Pressure effects 

Pressure effects have been modelled variously in existing correlations. Some 

indices applied to the combustion chamber pressure are noted in Table 59.  

There are large variations in the indices on pressure, as noted by Lefebvre and 

Ballal [86]. Lefebvre’s index in Equation 16 is much higher than the others, and 

Risk & Mongia and Roffe & Venkataramani’s figures are lower, implying in the 

latter cases that that pressure has little or no effect on NOx emissions.  

The high index on pressure in Lefebvre’s Equation 16 can be explained when it 

is considered that EINOx is largely proportional to the residence time. Given that 
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the mean temperature in the combustor is proportional to Tst and Tpz, then the 

residence time is also proportional to 𝑉𝐶/(𝑃. 𝑚̇𝐴 ) or inversely proportional to P 

for a given 𝑉𝐶 and 𝑚̇𝐴  . Thus if the residence time is held constant, the power of 

P is effectively reduced from 1.25 to 0.25. Thus the index 1.25 is no longer to be 

considered anomalously high. 

Table 59 – Indexes for the variation of EINOx with Pressure (P3 or P31) 

Research Papers  Index Remarks 

Norman et al. [83] 0.3-0.5 Range observed in rig testing. For the P3T3 method 

0.34 An average exponent derived from engine testing 

0.50 Exponent ‘from NOx formation theory’ 

0.20 Possible exponent for low-NOx combustion, where the 

primary zone is weaker than stoichiometric at take-off 

Madden & Park [84] 0.40 For use in the absence of an engine-specific figure 

Lefebvre, quoted in [109] 1.25 Equation 16 with combustor volume and mass flow 

temperature Tc 
Odgers & Kretschmer [121] 0.66 Equation 17 

Risk & Mongia [122] -0.05 Equation 18 

Kyprianidis et al. [123] 0.40 Equation 19 for new RQL combustors 

Roffe & Venkataramani  [124] 0.00 Implied by Equation 20 (independent of pressure) 

Quoted by Antoine et al. [125] 0.37 Equation 21 

Tacina et al. [93] 0.50 Equation 25 and Equation 28 

Tacina et al. [92] 0.595 Equation 29 

Lee et al. [154] 0.68 Equation 30 

Tacina et al. [155] 0.931 Equation 32 

Increasing pressure is also associated with increased fuel flow, and because 

the fuel is an almost incompressible liquid, the fuel nozzle pressure increases 

faster than the air pressure. This affects fuel atomisation which also has an 

effect on emissions.  
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Rig-testing of the MLDI ‘flat dome’ 13-nozzle array at NASA Glenn showed 

clear trends of increasing NOx emissions with increasing pressure at constant 

T3, particularly when tested at 650 K and 860 K, but less so at intermediate 

temperatures [93]. In these high-Tad tests all the nozzles were fuelled and ran 

lean with similar FARs. The resulting P3 indexes were in the range 0.5 to 0.68. 

To understand the main effect of pressure, it should be understood that in the 

combustor both pressure and temperature affect the density of the air and 

combustion products and hence the mean free path length between the 

molecules. The frequency of collisions depends on the mean free path length 

and on the velocities of the molecules, which are proportional to the square root 

of temperature. Thus the frequency of collisions is roughly proportional to the 

static pressure and inversely proportional to the square root of the static 

temperature. 

Few collisions, even at high temperatures, have sufficient energy to generate 

the monatomic oxygen needed for the Zeldovich mechanism, so the rate of 

formation of thermal NOx is relatively slow. If the residence times would be long 

enough for the NOx levels to approach thermal equilibrium, then the index on 

pressure might approach zero (i.e. EINOx would be independent of pressure). 

However, when reaction rates are slower, and residence times relatively short, 

the thermal NOx does not reach equilibrium levels and the rate of NOx 

accumulation is almost linear, as implied by Figure 22. In this case the index on 

pressure for a given flame temperature and for a given residence time should 

be closer to one, in inverse proportion to the reduction in mean free path length 

between molecules.  

For a given T3 and FAR, the combustion temperatures are reduced by 

dissociation. Since increasing pressure suppresses dissociation, it favours 

conversion of NO to NO2 and CO to CO2, but it also raises the temperature of 

the combustion products, favouring NO formation. However, the monatomic 

oxygen needed for the Zeldovich mechanism is produced by dissociation, so its 

levels are reduced at higher pressures. (A denser gas also favours the reverse 
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reaction, by disproportionately increasing the number of 3-way collisions that 

can recombine the oxygen, or nitrogen, atoms). This may help to explain why 

the pressure indexes for NOx production are lower than unity, though it also 

seems possible that it is mostly because NOx levels were closer to equilibrium 

conditions during some of the testing. 

Peak flame temperatures are significantly reduced in lean combustors, 

particularly when operating at part-power, so the thermal NOx reactions 

proceed more slowly. Equilibrium levels are also reduced. On the other hand, 

more time is spent at or near the peak flame temperatures in a lean combustor. 

Below about 1850 K, more NOx is generated as ‘prompt’ NOx or as ‘N2O-

intermediated’ NOx rather than as thermal NOx, and this may also account for 

reduced dependency on pressure. Prompt NOx (or prompt NO) is generated by 

reactions occurring in parallel with the breakdown of hydrocarbon fuel 

molecules during combustion. The mechanisms are described by Miller and 

Bowman [159]. The higher the pressure, the faster the combustion reactions, so 

less time is available for prompt NOx to form. Increasing pressure might not 

increase the amount formed in this case and thermal NOx may build-up too 

slowly after combustion to be significant. So low indexes on pressure might also 

be consistent with low flame temperatures where thermal NOx is less 

significant. Thus it is far from obvious that a single index can adequately reflect 

the effects of pressure over a wide range of combustor operating conditions, 

including fuel-staging between pilot and main injectors [83]. 

B.2.4 Combustor pressure loss 

In the more recent NASA rig tests, the percentage pressure ratio across the 

swirlers has a big effect on EINOx, independent of the absolute pressure. 

Higher pressure ratio gives higher velocities, and for fixed combustor geometry, 

lower residence time, so for a linear rate of NOx generation EINOx might be 

expected to be inversely proportional to the square root of the pressure ratio 

(i.e. index -0.5). Conversely, if the NOx generation rate is slowing, then the 

index might be expected to be closer to zero. However, in these tests the 
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observed sensitivity to swirler pressure ratio typically gave indexes in the range 

of -0.56 to -0.695, suggesting that additional factors were in play [93] [155]. 

In real aero engine combustor designs the residence time is largely dictated by 

the fixed HP turbine nozzle capacity and by the combustor volume, which is 

largely determined by altitude relight requirements. Thus it seems preferable to 

exclude most rig-derived indexes for pressure ratio from correlations used for 

EINOx in new combustor designs.  

The minimum swirler pressure loss and the pressure differential across the 

combustor liner walls is commonly dictated by the need to have a pressure 

margin for film-cooling the leading edges of the HP turbine nozzle guide vanes, 

but by 2050 ceramic matrix composite materials may remove the requirement 

for film cooling. The minimum pressure differential might then depend more on 

being able to adequately atomise the fuel so that the droplets have a sufficiently 

small Sauter Mean Diameter (SMD) for successful relight. However the SMD 

also depends on surface tension and viscosity, and hence on the temperature 

of the fuel and on the design of the injectors (swirl-venturi or airblast/airspray). 

The literature suggests that relatively less NOx is generated behind airblast 

injectors when operating at higher pressures, since the fuel is transported by 

the air rather than by the ejected fuel-droplet momentum (which is rapidly 

counteracted by denser air). Assuming the minimum combustor pressure ratio 

requirements are met, then the resulting SMD and the time taken for fuel to be 

fully vaporized under normal operating conditions will have further effects on 

combustor emissions, but these are effects that defy simple analysis. 

B.2.5 Temperatures used in NOx correlations 

Traditionally, all NOx emissions correlations have used at least one 

temperature, but there are many different approaches to using temperatures, 

and, as for P3, many different indexes have been proposed. The combustor 

entry temperature T3 has been considered particularly useful, as to a first 

approximation it correlates with the stoichiometric flame temperature (with 

pressure only having a second-order effect). For RQL combustors and other 
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designs with rich primary zones, most of the NOx is generated at close to 

stoichiometric conditions. However, in LDI combustors this only applies to 

combustion occurring behind the pilot fuel injectors and theoretically in a 100% 

pre-mixed combustion system it does not apply at all. Thus it is at first sight 

surprising that T3 appears in Equation 21 for lean-burn combustion systems, 

given that Equation 21 also includes T4. The inclusion of T3 may be justified 

however, because practical combustors include pilot fuel injectors that run rich. 

Ideally, an emissions correlation would use the actual flame or combustion 

temperatures combined with NOx formation times and static pressure, but apart 

from the stoichiometric flame temperature Tst these temperatures can be difficult 

to assess and can vary widely, both spatially and temporally throughout the 

combustor. The combustor exit temperature T4 is not by itself an adequate 

indicator of an actual lean-combustor flame temperature, because the latter 

depends on the distribution of the fuel and the amount of wall-cooling and 

dilution air that the combustor uses. Equation 21 does not include any handle to 

account for changes in these secondary air flows resulting from new materials 

and wall-cooling technology.  

For a given technology level, increasing T3 should require more cooling air to be 

used, but for a given T4 and an amount of wall-cooling air, increasing T3 would 

reduce the mean FAR inside the combustor. When CMC materials are 

introduced, therefore, the tendency of increasing T3 to increase NOx production 

for a given T4 in a lean combustion zone should reduce, or even tend to zero. 

This is counter to the effect of T3 in Equation 21, where it is still very powerful. 

B.3 Potential New Correlations for LDI Combustor NOx 

Emissions in 2050 

Existing correlations generally include P3, a temperature and either a second 

temperature, a FAR or an equivalence ratio. For a given fuel, either FAR or 

equivalence ratio can be used, but the combustion temperature depends on the 

level of dissociation and is therefore also pressure dependent. Provided the fuel 

remains kerosene, this argues in favour of using FAR or equivalence ratio, 



 

327 

 

since simple performance models frequently neglect the effects of dissociation 

on combustion temperatures.  

The FAR can be estimated in the zone where most NOx is produced, so 

account can be taken of the amount of cooling and/or dilution air that bypasses 

the combustion zone. Then as combustor liner material technology improves, 

and less wall-cooling air is needed, lower levels of NOx should be produced. 

However, for the assumed proportions of cooling air, the combustor exit or 

turbine entry FAR can be factored-up appropriately. 

In these studies, new formulations for correlations were investigated in order to 

try to make the EINOx assessments less specific to particular combustor 

geometries and applicable to a wider range of engine performance cycles. Two 

approaches are explored in the following sections, though it is argued that both 

need to be combined in order to reflect the underlying physics and chemistry 

regarding the formation of both prompt NOx and thermal NOx. At high 

combustion temperatures thermal NOx predominates and NOx levels increase 

almost pro rata with formation time, but at lower temperatures most NOx is 

prompt NOx and longer formation times only provide a relatively small increase 

in final NOx levels [160].   

However, while new equations give some interesting insights into LDI NOx 

emissions, their use cannot yet be recommended, because the data needed to 

validate them are contradictory. 

B.3.1 A focus on NOx Formation Mechanisms 

In a staged LDI combustor there is a particular problem of estimating NOx 

emissions at intermediate and low power settings, where prompt NOx and N2O-

intermediated NOx become more significant.  

Equation 28 has separate terms for each set of injectors, but an alternative 

approach would be to have separate terms for different NOx formation 

mechanisms, assuming that equilibrium will not be reached. The idea is to 

extend the range of combustion temperatures over which the correlation is 
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valid. This might perhaps be realized by an equation like Equation 33, where 

the constants and indexes a, b, c, d, g and h would need to be determined: 

𝐸𝐼𝑁𝑂𝑥 =  𝑃3
𝑎( 𝑒(𝑇3/𝑏))(𝑐. 𝐹𝐴𝑅𝑍𝑒𝑙𝑑𝑜𝑣𝑖𝑐ℎ

𝑑 + 𝑔. 𝐹𝐴𝑅𝑃𝑟𝑜𝑚𝑝𝑡+𝑁2𝑂
ℎ ) Equation 33 

Unlike Equation 28, the FAR figures in Equation 33 might both refer to the 

overall FAR, or FAR prior to the addition of wall-cooling air, rather than the FAR 

in specific combustion zones. The two different indexes applied to FAR would 

account for the high temperature (Zeldovich) and low temperature (prompt and 

N2O-intermediated) NOx formation mechanisms. Both FAR terms are multiplied 

by the same pressure and temperature terms in this equation, though it could 

be argued that the different NOx formation mechanisms should have different 

pressure and temperature dependencies. A humidity correction should probably 

also be added to this equation, but for simplicity it has been omitted.  

Comparison with previous correlations places probable upper and lower bounds 

on the indexes, as shown in Table 60. If the proposed values of the indexes in 

Table 60 would be accepted, based on previous correlations, then the 

remaining constants c and g could be chosen to match the anticipated NOx 

emissions from an advanced year-2050 LDI combustor, based on recent 

emissions testing. 

However this proposed new correlation is still open to criticism on account of 

relying on selecting six constants or indexes, while being validated against a 

limited set of relevant measurements.  

Table 60 – Possible indexes for the variation of EINOx  

with pressure, temperature and FAR 

Index Upper bound Lower bound Proposed value 

a 0.6 (from Table 59) 0.2 (from Table 59) 0.25 

b 757 (from Equation 27) 122 (from Eq.5-7) 250 

d 7.4 (from Equation 30) 1.7 (from Equation 29) 5 

e – – 2.71828 

h 1.7 (from Equation 29) 0.3 (from Equation 30) 0.5 
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A more definitive assessment of the constants and indices in Equation 33 was 

therefore abandoned in favour of the option described in the next section. 

B.3.2 A focus on NOx Formation Rates and Times 

This second approach focusses on the formation of NOx, particularly at the 

relatively high-power conditions in a LDI design. It is argued that the level of 

NOx depends firstly on the equilibrium level of NOx (that for lean mixtures is 

primarily a function of the peak temperature), and secondly on the progress 

made towards that equilibrium level, which is a function of the residence or 

formation time and the reaction rates. This is the approach taken by Odgers and 

Kretschmer that resulted in Equation 17 [121], though as already noted, that 

should only really be applicable to thermal NOx. Thermal NOx is still assumed 

to be significant at 85% SLS thrust on an ISA day, though the combustion 

temperatures are quite modest in the lean modules of the LDI combustor, so the 

validity of this assumption needs to be tested and the contribution of N2O-

intermediated and prompt NOx still needs to be addressed. 

Equation 17, introduced a time-constant of 250 Hz, which means that it would 

take 4 ms to reach equilibrium if the initial rate of NO formation held steady. 

However the time-constant for thermal NOx should really be a function of 

temperature, pressure and equivalence ratio. Recognising this, Odgers and 

Kretschmer proposed a second equation (18) in [121] for partially-premixed 

prevaporized combustors, with a variable time-constant as seen in Equation 34. 

This correlation exhibited lower ‘root mean square’ (rms) deviation from its 

experimental dataset than Equation 17, but that was to be expected as it used 

more input parameters. Also the vaporisation and mixing time-delay problem is 

absent in such systems. The stated units are K for T3 and the combustion 

temperature Tc , Pa for P3, and s for the time 𝜏 and Pa for P3 (though as is 

discussed later, the stated units for P3 might possibly be in error). It is assumed 

EINOx is in g/kg, while the equivalence ratio 𝛷𝑐, at the combustion temperature, 

is dimensionless. The constants and indices derived by Odgers and Kretschmer 

are listed in Table 61. 
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𝐸𝐼𝑁𝑂𝑥 = (𝑒(𝐴−𝐵 𝑇𝑐)⁄ ). 𝑡𝑎𝑛ℎ(𝐶. 𝑃3
𝐷 . 𝑇3

𝐸 . 𝛷𝑐
𝐹 . 𝜏) )        Equation 34 

Table 61 – Constants and Indices proposed for use in Equation 34 [121] 

A B C D E F 

10.5 17752 K 9.081x10-14 0.8687 3.96 -0.7038 

The first term in Equation 34 is interpreted as providing the equilibrium 

emissions index for NOx, while the second ‘tanh’ term quantifies the proportion 

of the equilibrium level generated in time 𝜏.  

The second term recognises that the thermal NOx production rate and 

equilibrium NOx concentration are functions of the pressure, equivalence ratio, 

Φ, and temperature. Compressor delivery temperature T3 is the chosen 

temperature, but combined with the equivalence ratio it also implies a 

combustion temperature. Note the maximum value of the ‘tanh’ function is unity, 

implying that the forward and reverse reactions have reached equilibrium.  

Figure 86 compares the function (1-e-x) used in Equation 17 with the new 

function tanh(x) used in Equation 34.  

 

Figure 86 – Comparison of Functions representing Progress  

towards Complete Reaction 
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For small values of x the gradients approximate to unity and the differences are 

negligible, but then they reduce and for values of x between about 0.5 and 1.5, 

the tanh(x) gradient remains significantly steeper. Considering both the forward 

and reverse reaction rates, then the tanh(x) function (where x represents the 

elapsed time since the reaction started divided by the initial reaction rate) 

seems to provide a more typical representation of the accumulation of reaction 

products over time than the (1 − 𝑒𝑥) function. However, since the real chemical 

reactions are more complicated than N2+O2=2NO, the tanh function can still 

only be considered an approximation. 

The frequency of molecular collisions at a temperature is proportional to 

pressure, but increasing the pressure will tend to reduce the abundance of the 

free O and N atoms that facilitate the Zeldovich mechanism, so it seems 

reasonable to suppose that the initial rate of reaction will be proportional to 

pressure raised to a power of slightly less than one. Assuming pressure has 

little effect on the equilibrium level of NOx (since NO is diatomic) then the power 

of 0.8687 specified in Table 61 would seem to be reasonable. For comparison, 

the P3 index for overall EINOx is 0.931, according to the ‘fit 2’ correlation of 

Tacina et al. in the recent NASA study [155].  

The equivalence ratio 𝛷 is expected to have significant effects on the 

equilibrium NOx concentration and on the rate of formation of NO. In rich 

mixtures the CO will be competing with N2 for any available oxygen atoms and 

will be winning-out, since the carbon-oxygen bonds are stronger, but in lean 

mixtures this competition is less significant and other reactions may 

predominate once levels of the intermediate products that support prompt NOx 

have reduced. According to Table 61, 𝛷 is raised to the power of -0.7038 in the 

second term of Equation 34. Figure 87 compares the shape of that function with 

the function (1-tanh(𝛷)), normalising the former to give the same value at 𝛷 = 1 

or at  𝛷 = 0.5.  

The relative slopes of the two curves are seen to be very similar at around 0.5 

equivalence ratio, but over the wider range, the (1-tanh(𝛷)) function provides a 
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more credible representation of the likely effect of the decreasing atomic oxygen 

concentration on the rate of formation of thermal NOx by the Zeldovich 

mechanism. The effect of equivalence ratio on the equilibrium concentration of 

NOx is likely to be similar to its effect on the rate of formation. However, Odgers 

and Kretschmer neglected the effect of equivalence ratio on the equilibrium 

level of NOx in the first term of Equation 34. Perhaps that was not unreasonable 

for the low equivalence ratios typically found in pre-mixed combustion systems, 

given that 𝛷 already appeared in the second term, but it can be argued that the 

(1-tanh(𝛷)) function would be better applied to the first term instead. However, 

another potential reason for including 𝛷 in the second term of Equation 34 

would be to make it sensitive to the combustion temperature, because T3 is the 

only temperature currently input to the second term. T3 seems a poor proxy for 

Tc when considering thermal NOx , but the preference for T3 in the second term 

might perhaps be justified when considering the ignition delay and prompt NOx 

formation. 

 

Figure 87 – Comparison of Functions representing Equivalence Ratio  

Effects on the NOx Formation Rate 
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formation times of 1 to 3 ms and covered a wide range of conditions with P3 

from 5 to 30 atmospheres, T3 from 800 to 1000 K, flame temperatures from 

1620 to 2395 K, and equivalence ratios from 0.34 to 0.86. They gave EINOx 

figures up to 56.5 g/kg.  

The equilibrium EINOx figure should be a function of the equivalence ratio as 

well as the temperature, but the first term in Equation 34 predicts the equilibrium 

level of thermal NOx just as a function of the combustion temperature. This 

function is plotted out in Figure 88, using both linear and log scales for EINOx.  

  

Figure 88 – Equilibrium Level of EINOx from Equation 34  

compared with Typical Emissions (dotted lines) 

The dotted lines on the latter plot indicate an actual range of pre-mixed 

combustor EINOx values obtained from various pre-mixed combustion systems, 

with and without water or steam injection. The lines come from an earlier paper 

by Kretschmer and Odgers who reproduced them in their figure 1 in [121]. 

Odgers and Kretschmer did not, however, state how parameters other than the 

combustion temperature Tc were assumed to vary as Tc varied. 

By comparing the solid and dotted lines in Figure 88, it would appear that in 

practice 100% progress towards equilibrium is only achieved when the 

combustion temperature approaches 2500–2600 K, while at temperatures 

around 2200 K only about 7–17% of the equilibrium level of NOx is generated. 

Below 1850 K the solid and dotted lines start to converge again. This could be 

explained by the thermal NOx mechanism no-longer being the predominant 
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source of NOx at lower temperatures. There is no logic, however, for the solid 

and dotted lines crossing-over at the highest temperatures. Differently shaped 

curves that merged at the highest temperatures would be more credible. Since 

the correlation was based on data that only extended up to 2375 K, the solid line 

may be unrepresentative in this region, but it also seems likely that the 

gradients of the dotted lines should stop accelerating when equilibrium 

conditions are approached. 

B.3.3 Problems with conflicting data 

Unfortunately, when the correlation in Equation 34 was applied to engine cycles 

previously analysed in this study, it gave results that were not credible, with the 

second term predicting virtually 100% progress towards equilibrium in every 

case where a sensible NOx formation time was assumed. For example, the 

85% SLS ISA condition for the NASA N+3 TRPS has modest temperatures  

(Tc = 1727 K), but in order to get the tanh term below 99%, NOx formation times 

of less than 0.1 ms had to be specified. This strongly suggested an error in the 

second term of the equation as published in [121] or in its assessed constants 

reproduced in Table 61, or in the specified units.   

Figure 89 suggests that more credible results might be achieved if the units for 

pressure P3 would have been specified as kPa, rather than Pa.  

This possible revision has been investigated, but in other cases, where T3 is 

lower, the revision implies that there would be negligible progress towards 

equilibrium in any credible NOx formation time. A more likely explanation for the 

anomalies is that the index of 3.96 applied to the T3  term in Equation 34 is too 

high; resulting in unrealistic predictions of progress towards equilibrium when 

applied outside of a narrow band of T3 values. 

Given the uncertainty regarding the validity of both terms in Equation 34, some 

comparisons have been made with other sources of information regarding 

equilibrium levels of NOx and NOx formation rates. 
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Figure 89 – Progress towards Equilibrium NOx  

(for NASA N+3 TRPS at SLS ISA, after 3 ms, according to  

Equation 34, but depending on the units assumed for P3) 

Figure 90 taken from [86] shows NOx formation rates and equilibrium levels, 

however it has no provenance, and must be treated with extreme caution.  

 

Figure 90 – NOx formation Rates at 10 bar, from Figure 9.6 in [86]. 

Figure 90 claims to be for an equivalence ratio of one, but the inlet air 

temperature for the 2200 K line would need to be around 200 K and that for the 

2100 K line would need to be colder still, so it appears that this last curve, at 

least, has been extrapolated. Most probably only a small region of this chart is 

reasonably accurate. 
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Since Figure 90 covers temperatures above 2100 K, and relatively long 

formation times, it seems reasonable to assume that it applies to thermal NOx. 

It is seen that rate of NO formation increases by roughly an order of magnitude 

for a 160 K increase in flame temperature at constant pressure. However, this 

does not mean that the rate of progress towards complete reaction increases at 

this rate, since the final concentration of NO also increases with temperature. 

The time taken to approach equilibrium only reduces by an order of magnitude 

for about a 250 K increase in temperature.  

These reaction rates seem slow, with only about 15% of the equilibrium NOx 

generated at around 2200 K after 30 ms. At 1800 K the reaction rates would be 

expected to be slower still. However, the thermal NOx formation rates would be 

relatively slow at an equivalence ratio of one, due to fewer oxygen atoms being 

available for the Zeldovich mechanism. The pressure of 10 bar is also relatively 

low for a gas turbine combustor at sea level and this will also tend to slow-down 

the reactions. It is also possible that Figure 90 was for the combustion of 

methane or propane rather than kerosene. 

Equation 17 has a time-constant of 250 Hz or 4 ms. At first sight Figure 90 

suggests that this reaction rate requires a NOx formation temperature of over 

2500 K. However, for the reasons given above, a 4 ms time-constant might be 

achieved at a significantly lower temperature when the combustor inlet pressure 

and temperature are increased. 

Nevertheless the strong temperature dependence of the NO formation rate in 

Figure 90 does confirm that time-constants should be a function of combustion 

temperature, pressure and equivalence ratio, at least for thermal NOx 

generation. In practice, the time-constant in Equation 17 was likely to have been 

a compromise, determined not only by typical thermal NOx formation rates, but 

also for the faster formation rates for prompt NOx, and possibly also N2O-

intermediated NOx.  

The NOx formation times in LDI combustors are expected to be longer and the 

combustion temperatures lower than in RQL combustors. For example the 
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recent LDI combustor design study by Li et al. [153] found a residence time of  

12 ms at design-point appropriate to meet altitude relight requirements. At 

design-point the NOx formation time should be similar to the residence time for 

lean combustion. 

Taking it at face value, Figure 90 can provide data regarding the equilibrium 

levels of NOx, as well as reaction rates. In order to make a comparison with 

other predictions, it is necessary to convert the NO concentrations of Figure 90 

to EINOx values. The first step is to factor-up the NO figures by 46/30 (the ratio 

of the molecular weights of NO2 and NO). This conversion is necessary since 

NO is assayed as NO2 in emissions testing and also when quoting NOx figures. 

The second step requires the FAR to be known at each temperature. It is stated 

that Figure 90 is plotted for an equivalence ratio of one, so the FAR is about 

0.06789 for kerosene. Table 62 lists the data digitized from Figure 90 and 

converts the results to EINOx values.  

Table 62 – Selected Data and EINOx Estimates obtained from Figure 90 

Tc 

K 

𝝉  

ms 

NO   

(mass fraction) 

Equivalent NO2  

(mass fraction) 

FAR EINOx  

g/kg 

2500 ∞ 0.417% 0.639% 0.06789 94.1 

2400 ∞ 0.290% 0.445% 0.06789 65.5 

2300 ∞ 0.194% 0.297% 0.06789 43.7 

2200 ∞ 0.130% 0.199% 0.06789 29.3 

2100 ∞ 0.081% 0.124% 0.06789 18.3 

These equilibrium EINOx values for stoichiometric combustion are indeed lower 

at a combustion temperature Tc  than those obtained from lean pre-mixed pre-

vaporised combustion systems, but they are actually higher than the equilibrium 

values obtained from Equation 34 and plotted in Figure 88 and Figure 91. 

Figure 91 compares the predicted equilibrium NOx concentrations obtained 

from Equation 17, Equation 34 and Figure 90 (Table 62). The equilibrium 

concentration term in Equation 17 includes a strong pressure dependency, so it 



 

338 

 

is plotted for both 10 bar and 40 bar. The trends observed with Equation 17 

match the trend obtained with the data from Figure 90, but the NOx predictions 

of Equation 17 at 10 bar are only about half of those shown in Figure 90.  

 

Figure 91 – Comparison of Equations for Equilibrium EINOx Predictions 

In Figure 91 the Equation 34 line and the 10 bar line from Equation 17 intersect 

at around 2000 K. A significant difference between these two equations is that 

Equation 17 accounts for the pressure dependency in the equilibrium term, 

while Equation 34 accounts for it in the formation-time-dependent term. 

Arguably the pressure dependency should apply to both terms, but in the 

author’s opinion it should have a bigger impact on the NOx formation rate. This 

might also help to explain why different researchers have derived such widely-

different indexes to be applied to P3. 

Figure 91 also includes an extra point corresponding to the NASA N+3 TRPS 

100% SLS ISA take-off case, previously assessed in section B.2.2 using 

Equation 32 derived from the latest NASA testing on the triple-cup LDI 

combustor injector array. The engine operates at 38 bar, but its NOx emissions 

are predicted well above all of the ‘equilibrium NOx’ curves. Furthermore it 
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seems unlikely the NOx formation time in the TRPS LDI combustor would be 

long enough to closely approach equilibrium.  

These higher EINOx figures might be explained by the lower equivalence ratio 

having increased the equilibrium NOx concentration, or by the temperature Tad 

derived from the FARad in applying Equation 32 not being representative of 

local-peak flame-front temperatures. It seems very likely that inhomogeneity in 

the local equivalence ratios in the LDI combustor (in comparison to those in a 

well-premixed prevaporized system) would contribute to higher emissions. 

While generally providing an improvement over RQL designs, it seems 

unrealistic to expect a LDI combustor to match the very low NOx of a pre-mixed 

pre-vaporised system at the same average NOx formation temperature.  

Regarding Equation 17, the rate should be roughly proportional to pressure, 

since this reduces the free-path length and the time between molecular 

collisions. Pressure and temperature effects were not taken into account by 

Odgers and Kretschmer when validating their original 250 Hz time-constant. 

Their 59 collated experimental data points covered the range of inlet 

temperatures from 600 to 1000 K, flame temperatures from 1825 to 2375 K, 

pressures from 5 to 20 atmospheres and residence times of 1 to 3 ms [121]. 

Typical conditions may therefore be taken to be: P3 = 1000 kPa, T3 = 800 K, Tc = 

2100 K and FARc = 0.0196. The 250 Hz time-constant ‘B’ was noted by Odgers 

and Kretschmer to be most accurate at the mid-temperature condition. 

To attempt to ‘correct’ B for other conditions, Equation 35 is proposed (P3 in 

kPa, Tc in K, B in Hz). It assumes the rate of progress towards equilibrium is 

proportional to pressure and has the same sensitivity to temperature as 

displayed in Figure 90. 

𝐵 = 0.25. 𝑃3. 10𝑇𝑐/250 108.4⁄     Equation 35 

For P3 = 1000 kPa and Tc = 2100 K, B = 250 Hz, as originally proposed in 

Equation 17, and Figure 83 showed that for 0.8 ms residence time, 18.13% of 
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the equilibrium NOx should be generated. However, for the LDI combustor the 

NOx formation times are much longer when the main injectors are all lit.  

In Figure 92 the time-constant for different NOx formation correlations, and from 

Figure 90, are plotted against the combustion temperature. It corresponds to the 

time it would take to reach equilibrium if the initial formation rate were to be held 

constant. As the differences are large, it is necessary to plot the results on a log 

scale. 

 

Figure 92 – Comparison of Initial Rates of Progress to Equilibrium NOx 

 v. Temperature Tc 

It is clear that there are very large differences in the time-constants obtained 

from these different equations and from Figure 22. Part of the difference could 

be accounted for by different equivalence ratios. Equation 34 features T3 and 𝛷 

in the progress term, which would tend to reduce the rate of increase in its time-

constant plotted in Figure 92 as Tc reduces, bringing the gradients for the 

Equation 34 curves more into line with the others, but that still leaves big 

discrepancies with up to two orders of magnitude difference in time-constants 

between Equation 34 and Figure 22 on the one hand, and Equation 35 on the 

other.  
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Where 𝛷 = 1, as in Figure 90, the inlet temperature T3 reduces rapidly as Tc 

reduces, but in most situations in a real engine, T3 would vary more closely to 

pro rata with Tc , and in lean combustors 𝛷 would also reduce. Because 

pressure and dissociation effects on temperature-rise are significant at very 

high temperatures, the method of [157] has been used to calculate the T3 

figures to go with Tc , in cases where an equivalence ratio of one has been 

specified. 

B.3.4 Possible modifications to formation-rate correlations  

As previously noted, NOx formation times and overall residence times in a 

combustor do not remain constant off-design. The overall residence time 

reduces at high temperature conditions since the velocity of the gas is 

proportional to the speed of sound, which is proportional to the square root of a 

representative temperature. If the total residence time is specified for the 

reference design-point temperature, this could be factored by √( 𝑇3,𝑟𝑒𝑓 𝑇3⁄ ), for 

example, for other conditions, but the actual NOx formation time may not scale 

in the same way, on account of changes to fuel atomisation and the associated 

time delay before combustion starts. However, for simplicity, the NOx formation 

time 𝜏 may, to a first approximation, be considered a constant for the advanced 

LDI combustor designs at all conditions. 

Substituting the Equation 35 for the time-constant B into Equation 17 gives 

Equation 36 (with P3 in kPa, Tc in K, 𝜏 in s). 

𝑬𝑰𝑵𝑶𝒙 =  𝟐𝟗𝒆(−𝟐𝟏𝟔𝟕𝟎/𝑻𝒄). (𝟏𝟎𝟎𝟎. 𝑷𝟑)𝟎.𝟔𝟔 . (𝟏 − 𝒆−( 𝟎.𝟐𝟓.𝑷𝟑.𝝉(𝟏𝟎𝑻𝒄/𝟐𝟓𝟎 𝟏𝟎𝟖.𝟒⁄  )) 

 Equation 36 

Equation 36 generates some interesting results. For P3 = 1000 kPa and Tc = 

2100 K, then B = 250 Hz, as originally proposed, and Figure 22 showed that for 

0.8 ms residence time, 18.13% of the equilibrium NOx should be generated. For 

T = 1900 K only 2% is generated, but if P3 increases to 60 bar, 70% is 
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generated. At 2300 K almost 100% of the equilibrium NOx is produced. While 

the increases in reaction rates seem credible, the author had not thought that 

NOx levels so close to equilibrium would be achieved at these pressures and 

temperatures.  

It seems that the first pressure term in Equation 36 may be too strong now that 

pressure is also included in the last term in the expression for the time-constant. 

Where slow rates of reaction are limiting NOx production, the effect pressure 

has on speeding-up reaction rates will predominate, whereas when NOx levels 

are approaching equilibrium they will be less sensitive to pressure. Since NO 

has the same number of atoms as N2 or O2, it might be expected that its 

concentration would be largely insensitive to pressure. However the level of NO 

is sensitive to the equivalence ratio (and hence to the FAR) as illustrated in 

Figure 85.    

As noted in section 3.8.6, NOx formation times and overall residence times in a 

combustor are not constant. The overall residence time reduces at high 

temperature conditions since the velocity of the gas is proportional to the speed 

of sound, which is proportional to the square root of a representative 

temperature. If the total residence time is specified for the reference design-

point temperature, this could be factored by √( 𝑇3,𝑟𝑒𝑓 𝑇3⁄ ), for example, for other 

conditions, but the actual NOx formation time may not scale in the same way. 

This is on account of changes to fuel atomisation and the associated time-delay 

before combustion really starts. For simplicity however, the NOx formation time 

𝜏 may be considered to be constant for all advanced LDI combustor designs at 

all conditions. 

For Equation 34, Odgers and Kretschmer stated that 𝜏 should be interpreted as 

a total residence time for the combustor, rather than a NOx formation time. The 

latter is shorter, because it takes some time for the liquid fuel to vaporise and 

for the combustion process to reach its final temperature. This is part of their 

justification for raising T3 to the high power of 3.96 in the second term of the 

equation, since a low T3 will delay vaporisation of the fuel. However, it seems 
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hard to justify giving such high prominence to T3 in this equation, since doubling 

T3 from 450 K to 900 K, for example, will increase its effect over fifteenfold, 

whereas dropping the equivalence ratio from 0.85 to 0.55, to give much the 

same Tc, only reduces the rate by 27%. It would seem better to specify Tc or T4 

directly in the second term, together with the equivalence ratio. Any two of T3, 

𝛷𝑐 and Tc will enable the third to be calculated at modest temperatures where 

little dissociation occurs. Also 𝛷𝑐 can be obtained from 𝛷4 by Equation 37, 

where q is the proportion of combustor inlet air used for wall-cooling.  

𝛷𝑐   =    𝛷4/(1 − 𝑞)      Equation 37 

The further addition of P3 will enable the third parameter to be calculated at the 

highest temperatures. However, it seems desirable to retain 𝛷𝑐, as one of the 

parameters, since there are potentially two solutions if only T3 and Tc are 

specified. Strictly therefore, it should only be necessary to input three 

parameters to the correlation, though using four may result in a simpler 

expression.  

The wide range of NOx formation rates predicted by these different methods 

makes it difficult to select one for the LDI combustor. Not only are the 

equilibrium NOx emissions under-predicted for typical LDI combustors, but the 

above methods, apart from Equation 17, would also seem to predict that only a 

very small proportion of the equilibrium NOx would be generated in any credible 

formation time at combustion temperatures below 2500 K. It is clearly correct 

that the thermal NOx formation rate should decrease as combustion 

temperatures reduce, but in any LDI combustor it seems that a proportion of the 

NOx formation must be assumed to occur at higher than the average 

temperatures post-combustion. However, those higher temperatures can only 

apply locally and for less than the average formation time. This presents 

difficulties in attempting to model NOx generation in terms of the proportion of 

the equilibrium level produced in a given formation time. If a single combustion 

temperature Tc is to be used then it seems this must be increased relative to the 

temperature corresponding to the average FAR, but the amount by which it 
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should be increased is not obvious. It is also not obvious how the equilibrium 

level of NOx varies with equivalence ratio. Figures quoted allegedly for the 

equivalence ratio 1.0 could be very misleading for lean combustion conditions.  

The predicted reaction rates are still very slow in comparison with those in 

Figure 89, whether the pressure in Equation 34 is specified in Pa or in kPa. It is 

suggested therefore that the (1-tanh(𝛷)) function would offer a potential 

improvement to the last term of Equation 36. 

B.3.5 A strategy for staged combustion 

At high power conditions, all the injector nozzles in the LDI combustor are 

fuelled and the fuel distribution aims to achieve uniform conditions across the 

combustor from the initial combustion to upstream of the addition of wall cooling 

air etc. Thus the average temperature in most of the combustor is relatively 

easily calculated from the average FAR and T3. This is in contrast to the 

conditions at 30% and 7% of static thrust, which are dependent on the detail 

design and fuel scheduling adopted for a future combustor, which are harder to 

predict with any certainty.  

Assuming rapid evaporation and mixing of the fuel at the high-power conditions, 

most of the combustion should be occurring at close to the computed 

combustion temperature, which should persist for a relatively long period in the 

absence of dilution air. A minimum residence time would be 3–4 ms, though in 

her study Li estimated that 12 ms was needed to meet some altitude relight 

requirements [153]. These times are in contrast to the 0.8 ms quoted for 

residence in the rich zone of a RQL combustor, where dilution starts much 

sooner.  

The following scenario is suggested for idealized year-2050 LDI combustors: 

 At high power conditions, all injectors are fuelled and run with similar 

FARc , 𝛷𝑐  , and Tc. 

 As power is reduced, all injectors remain fuelled until a critical Tc is 

reached 
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 As power is further reduced, fuel is sequentially switched-off for the 

multiple ‘main’ injectors so that Tc for the remaining operating fuel 

injectors is held nearly constant 

 At just above the SLS ISA day 7% idle thrust rating, only the pilot 

injectors remain fuelled 

 Below the point where only the pilot injectors are fuelled, Tc in the pilot 

zone is allowed to reduce below the previous minimum level 

Note that since T3 reduces as the power reduces, the FARc and 𝛷𝑐 of the 

remaining fuelled injectors will slightly increase. This should help to ensure a 

good margin against lean extinction. This scenario is a simplification of the 

probable fuel-staging strategy, but it has the merit that at any condition, only 

one value FARc, Tc or 𝛷𝑐 needs to be considered. Assuming 100% combustion 

efficiency, the values of FARc and 𝛷𝑐 can be determined if P3, T3  and T4 or 𝛷4 

are known, using relatively simple calculations. 

Under this scenario, prompt NOx is generated during the combustion process, 

but when combustion is substantially complete, thermal NOx continues to be 

produced. The amount of thermal NOx generated depends on the equilibrium 

level of NOx, which is primarily a function of Tc , 𝛷𝑐, and humidity h, and then 

also on the rate of NOx formation, which is a function of Tc , 𝛷𝑐  , P3 and h, and 

on the formation time 𝜏, which is a function of the design residence time 𝜏 design, 

T4 , T4, design and also T3. The last term should logically include T3 because low 

T3 will delay fuel vaporization, but this time-delay is likely to be quite small for 

high values of T3 , and prompt NOx will be more significant at low values of T3 , 

so to a first approximation the T3 effects might be ignored. 

Since prompt NOx will be more significant than thermal NOx at low 

temperatures, an additional term must be included in the correlation to account 

for this. For simplicity, it may be assumed that this contribution is independent 

of pressure and temperature. However, for RQL combustors, Kyprianidis et al. 

[123] concluded that a similar constant (a in Equation 19 and Table 18) should 
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be factored by the combustor pressure and temperature rise terms (as well as 

the humidity correction). 

B.3.6 A possible EINOx correlation for the LDI combustor 

Given the above arguments, the new correlation should take the form of 

Equation 38: 

𝐸𝐼𝑁𝑂𝑥 = (𝑎 + 𝑓1(𝑇𝑐, 𝛷𝑐). 𝑓2(𝜏, 𝛷𝑐, 𝑇𝑐, 𝑃3,)) . 𝑓3(ℎ) Equation 38 

The correct forms of the three functions (f1, f2 and f3) now need to be 

determined. There is general consensus that the function f3 of the humidity h or 

ω should be eH where H is the humidity correction factor calculated according  

to Equation 12 or Equation 13, but even the humidity function presents some 

difficulties when making and presenting EINOx assessments. Its application is 

further discussed in sections and B.4.2 and B.6. The equations for the other 

functions are more speculative. 

Figure 91 compared different equations for equilibrium NOx. Equation 34 only 

considered the combustion temperature, whereas Equation 17 identifies a 

significant sensitivity to pressure. While high pressure might be expected to 

favour the formation of NO2 and N2O, NO is the main product at high 

temperatures, and it is not obvious that increased pressure will favour its 

formation. Low levels of oxygen should however be expected to limit the 

equilibrium level of NO. Thus, Equation 39 is suggested, based on Equation 17, 

where k is a constant and Tc is in K.  

𝑓1 =   𝑘. 𝑒
(−

21670
𝑇𝐶

)
. (1 − tanh(𝛷𝑐)) (1 − tanh(1))⁄  

Equation 39 

Taking function f1 to match the EINOx from Equation 17 when Tc = 2700 K,  

P3 = 40 bar, 𝛷𝑐 = 1, 𝜏 = ∞, and EINOx = 167.9, then Equation 37 can be 

rewritten as Equation 40.  

𝑓1 =   2154540. 𝑒
(−

21670
𝑇𝐶

)
. (1 − tanh(𝛷𝑐)) 

Equation 40 
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Equation 41 is proposed for function f2 based on the reaction rates derived from 

Figure 22, where k is a constant, Tc is in K, P3 is in kPa and 𝜏 is in s. 

𝑓2 =   tanh (𝑘. 𝜏. (1 − tanh(𝛷𝑐)). (
𝑇𝑐

2600
)24.29. (

𝑃3

1000
)0.9 Equation 41 

Taking the function f2 to match the rate derived from Figure 22 when  

Tc = 2600 K, P3 = 1000 kPa, and 𝛷𝑐 = 1, then k is 1310. Finally it is necessary to 

define a in Equation 36. Based on the emissions figures quoted for various 

different engines at idle, a is taken to be 2.0. There seems no reason why LDI 

combustors should have worse idle emissions than existing engines. The 

complete expression for EINOx is therefore given by Equation 42. 

𝐸𝐼𝑁𝑂𝑥 = (2.0 + (2154540. 𝑒
(−

21670
𝑇𝐶

)
. (1 − tanh(𝛷𝑐)) ) . ( tanh (1310. 𝜏. (1 − tanh(𝛷𝑐)). (

𝑇𝑐

2600
)24.29. (

𝑃3

1000
)0.9 ) )) . 𝐻 

 Equation 42 

These equations might still be underestimating the effect of equivalence ratio on 

the equilibrium value of EINOx, particularly where it exceeds unity. One option 

would be to substitute 𝛷𝑐
𝑛 for 𝛷𝑐 in Equation 37, so that n would determine the 

sensitivity to 𝛷. Figure 93 shows the effect of varying the index n in the term 

(1 − tanh(𝛷𝑐
𝑛)). 

 

Figure 93 – The Effect of raising 𝚽 to the Power n 

for Equation 37 and Equation 40 
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For simplicity, however, it is proposed to keep the value of n as one. This 

seems consistent with the residual oxygen concentration being the significant 

factor affecting equilibrium NOx levels in lean mixtures. Conversely, higher 

values of n might be more appropriate where CO and UHC are competing for 

the available oxygen at equivalence ratios greater than one. 

To illustrate the results that can be obtained from Equation 42, Figure 94 plots 

typical EINOx predictions vs combustion temperature for different thermal NOx 

formation times from 1 to 125 ms. The estimates assume P3 is a constant 3810 

kPa, and that 𝛷𝑐 increases linearly from 0.442 at Tc = 1833 K, to 0.842 at  

Tc = 2633 K.  

 

Figure 94 – EINOx Estimates from Equation 42  

compared with the NASA estimate for the N+3 TRPS. 

For reference, the SLS ISA EINOx estimate by Tacina et al. for the NASA N+3 

TRPS is also shown. It is clear that Equation 42 cannot come close to matching 

the NASA assessment of its LDI combustor’s NOx emissions. There would 

seem to be several possible explanations: 

 Thermal NOx formation rates are underestimated for lean mixtures at 

moderate temperatures 

 Equilibrium NOx levels are underestimated for lean mixtures at moderate 

temperatures 
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 Formation routes other than thermal NOx are more significant than 

assumed in Equation 42  

 The average combustion temperatures and formation times are 

unrepresentative of the real conditions under which NOx forms in LDI 

combustors 

 Existing LDI combustor designs, such as those tested at NASA, have so 

far failed to demonstrate the full potential of the technology for reducing 

NOx emissions. 

Quite probably the first four explanations are all contributing to the 

underestimation of typical LDI combustor NOx emissions, but it seems most 

likely that the major factors are underestimation of the effective combustion 

temperatures and underestimation of the NOx formation rates in lean mixtures.  

Consideration was given to amending Equation 42 to try to account for the 

above factors, but, with little data available to substantiate such changes, it was 

concluded that this approach cannot be defended. It was therefore strongly 

recommended that the more traditionally-formulated NASA correlations and 

particularly Equation 21  should be used in the ULTIMATE project studies.   

Nevertheless this study has shed light on a range of factors that influence NOx 

formation and it may help to show the way towards the formulation of more-

physics-based correlations in future research. 

B.4 Applying the Emissions Correlations 

B.4.1 Estimating combustion temperatures 

For many of the foregoing correlations, temperatures need to be estimated in 

one or more combustor zones. Where some NASA reports refer to ‘adiabatic 

combustion temperatures’ Tad, these are interpreted in the same way as 

‘combustion temperatures’ Tc in other reports, and both are calculated based on 

T3 and the FAR or 𝛷 of the zone in question. They are theoretical adiabatic 

temperatures because they are calculated assuming 100% combustion 

efficiency and neglecting radiant heat loss etc. They are not quite the same as  
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‘stoichiometric flame temperatures’ Tst used in Equation 16 and Equation 18, 

though Tpz , the primary zone temperature, used in Equation 16, is interpreted in 

the same way as Tad , Tad,l and Tc. The calculated temperatures are all assumed 

to be computed for dry air. 

The first step is to calculate the FARc or FARad for the zone in question, using 

Equation 43 for example, where FAR4 is the FAR at combustor exit and q is the 

proportion of wall-cooling air for the combustor. Tad is obtained in the same 

manner as in section B.2.2. Thus the only user inputs needed for the correlation 

are P3, T3, FAR4 and q. For year-2050 combustor designs using CMC materials 

q may typically be taken to be 10%. 

𝐹𝐴𝑅𝑎𝑑 = 𝐹𝐴𝑅4/(1 − 𝑞)       Equation 43 

For typical lean combustor conditions encountered on an ISA day, the pressure 

corrections to the temperature rise are taken to be negligible (though this may 

not be true for hot-day take-off or for ‘type-test’ conditions). Thus the formulas 

‘F3.37-F3.40’ of Walsh and Fletcher [99], can be used to calculate T4 or Tad 

from FAR4 or FARad, but using these equations directly requires some iteration. 

The results are claimed to be accurate to within 0.25% for kerosene with LHV 

43124 kJ/kg, but above 0.07 FAR or 2100 K they are likely to be significantly 

less accurate: in part on account of the pressure-related dissociation effects. To 

avoid the need for iteration and to simplify the calculation while retaining 

acceptable accuracy in the range of interest, a second-order polynomial curve 

fit to the Walsh and Fletcher correlations may be used. This is provided by 

Equation 44, where the three coefficients a, b and c are given by Equation 45, 

Equation 46 and Equation 47 respectively  

𝑇𝑐 − 𝑇3 = 𝑎. 𝐹𝐴𝑅2 + 𝑏. 𝐹𝐴𝑅 + 𝑐 Equation 44 

𝑎 = 0.003178. 𝑇3
2 − 6.922. 𝑇3 − 187410 Equation 45 

𝑏 = −0.0002741. 𝑇3
2 − 7.063. 𝑇3 + 43598 Equation 46 



 

351 

 

𝑐 = 0.000004618. 𝑇3
2 − 0.006734. 𝑇3 + 7.1 Equation 47 

The method can be applied at any realistic combustion temperature Tc and at 

any FAR up to about 0.07. For higher FAR, another method should be used. 

(The temperatures predicted by these equations typically deviate by less than 

0.3 K from those derived iteratively from the Walsh and Fletcher equations.) 

B.4.2 Applying humidity corrections to EINOx  

Humidity corrections should, with few exceptions, be applied to all NOx 

emissions calculations using the factor e
H
 where H is defined by Equation 12 as 

described on Figure 20 in section 3.8.2. However, it has also been noted that 

humidity corrections have often been ignored by previous researchers. 

The corrections are necessary, in large part, because engine performance is 

commonly modelled assuming dry air, which tends to overestimate the highest 

engine gas temperatures (at a thrust) when compared with more accurate 

performance calculations taking humidity into account. Near the ground there is 

usually a significant amount of water vapour in the air and Equation 12 is 

formulated assuming a reference level of 60% relative humidity on an ISA day 

at sea level; equivalent to an absolute specific humidity of about 0.64%.  

In practice the specific humidity reduces rapidly with increasing altitude, so for 

on-route emissions assessments it is generally reasonable to assume that the 

air above 30,000 ft will effectively be dry and a factor of 1.125 can be applied as 

indicated on Figure 20. The LTO cycle only extends up to 3000 ft, however, so 

the humidity correction that should be applied on an ISA day would typically 

only increases the estimate by 1% and so may be considered negligible for 60% 

relative humidity.  

For hot-day or cold-day take-offs however, the levels of humidity assumed can 

make quite large differences to the predicted NOx emissions. 
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B.5 Combustion efficiency, CO and UHC  

Combustion efficiency generally improves with increasing pressure and 

temperature, but at the highest temperatures approaching stoichiometric 

combustion (in a pilot zone for example) the levels of CO increase, partly due to 

dissociation effects, but also with the increasing FAR as shown schematically in 

Figure 85. 

As the gasses exiting the combustor expand and cool through the turbines, the 

CO will continue to oxidise to CO2, so the final combustion efficiency will tend to 

be higher than that achieved in the combustor itself and may be higher than that 

measured in some combustor testing. This effect was noted at NASA Glenn by 

Tacina et al. in [155]. These researchers therefore generated ‘corrected CO 

emissions’ by subtracting the equilibrium CO from the measured CO in order to 

estimate the combustion efficiencies associated with their rig test 

measurements. However, it is not obvious that this correction is fully justified, or 

that any other research groups follow the same practice. 

In their reported flame-tube testing on a third-generation swirl-venturi LDI burner 

array, the UHC emissions were not measured. However, based on experience, 

Tacina et al. estimated the UHC emissions index would be less than 20% of the 

CO emissions index, and most probably less than 10% of the CO emissions 

index. 

B.6 Uncertainty in Emissions Predictions 

It is fairly obvious from all the foregoing discussions that emissions prediction 

for future combustor designs is not yet an exact science. Even for a fixed 

combustor design, it is well known that there will be measurement errors and 

actual variations from test to test, and from engine to engine, and this is 

reflected in the ICAO emissions assessments that require a margin between 

average measurements and characteristic levels declared on the basis of 

limited testing. Significant error bars should be, and commonly are, attached to 
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test results. Predicting the emissions performance of combustors thirty years 

into the future is even more uncertain. 

Very few test facilities have the capability to make tests at the full inlet 

pressures and temperatures achieved in high OPR engines at take-off. The 

ASCR at NASA Glenn is one such facility, with the capability to run at up to 60 

bar [92], but the more recently reported flame-tube tests from NASA Glenn have 

been restricted to 19 bar operation, so the results have needed to be 

extrapolated to higher pressures, introducing more uncertainty [155]. 

Furthermore, for NOx emissions, the uncertainty in how to correct for humidity, 

or even whether to correct for humidity, and even how to correctly calculate 

specific humidity, have compounded the uncertainty. The NASA Glenn papers 

do not report the ambient temperature and humidity during tests, or state 

whether the incoming air has been dried. Most probably the ambient relative 

humidity would have been about 60%, so that the NOx emissions correlations 

should be representative for LTO cycle assessments, but they should have a 

humidity correction applied for the altitude cases. Tacina et al. do estimate 

altitude NOx emissions in [155], but they still make no mention of humidity 

corrections. It seems possible that some of the day-to-day variation observed in 

their NOx measurements could be due to varying ambient humidity. 

Additional test-result variability might also be attributed to variable fuel 

composition.  

Some indication of the likely uncertainties is provided by comparing the 

predictions obtained by different methods. Results obtained from various 

methods have been compared and discussed in previous sections. 

B.7 Conclusions regarding emissions assessment methods 

The conclusions from this study are provided in section 10.2.3. 

Emissions assessments are given in section 8.6. 
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Appendix C  EXAMPLE ENGINE PERFORMANCE 

SPREADSHEET 

As examples: Figure 95 shows typical output data for the initial year-2050 

reference turbofan and Figure 96 shows how data are input and iteration is 

managed in the spreadsheet.  

 

Figure 95 – Excel Model showing Typical Detailed Output Data 

     

Station data FAR W T P WrtT/P H H*W Cp γ FT PR re. dS dS total Mn Q A (functional)

Blue figures are static cases lb/s K psi CHU/lb CHU CHU/lb.K CHU/lb.K 5.380 CHU/lb.K CHU/K imperial in^2

Ambient static 1555.58 228.8080 3.458 6804.59 155.54 241963.1 0.239325 1.4015 -0.34341 0.643 0.00000 0.000 - - -

Intake inlet 1555.58 259.6863 5.380 4659.61 162.94 253460.5 0.239421 1.4013 -0.31311 1.000 0.00000 0.000 - - -

Core inlet 72.60 259.69 5.364 218.14 162.94 11829.9 0.239421 1.4013 -0.31311 0.997 0.00021 0.015 - - -

LPC exit 72.60 365.84 15.984 86.88 188.42 13680.0 0.240990 1.3976 -0.23086 2.971 0.00760 0.551 - - -

IC inlet 72.60 365.84 15.984 86.88 188.42 13680.0 0.240990 1.3976 -0.23086 2.971 0.00760 0.551 - - -

IC exit = HPC inlet 72.60 365.84 15.557 89.27 188.42 13680.0 0.240990 1.3976 -0.23086 2.892 0.00945 0.686 - - -

HPC exit static * 71.12 982.37 386.723 5.57 345.93 24601.3 0.271750 1.3374 - 71.884 - - 0.24350 0.1574 35.37

HPC exit 66.76 992.18 402.276 5.23 348.60 23272.3 0.272203 1.3367 0.02162 74.775 0.03893 2.599 - - -

HX inlet 66.76 992.18 402.276 5.23 348.60 23272.3 0.272203 1.3367 0.02162 74.775 0.03893 2.599 - - -

HX exit 66.76 992.18 402.276 5.23 348.60 23272.3 0.272203 1.3367 0.02162 74.775 0.03893 2.599 - -

Combustor 1 in 66.76 992.18 402.276 5.23 348.60 23272.3 0.272203 1.3367 0.02162 74.775 0.03893 2.599 - - -

Combustor 1 exit 0.03094 68.83 1890.00 390.208 7.67 650.29 44756.6 0.315439 1.2777 0.24853 72.532 0.26792 18.440 - - -

HPT 1 NGV throat 0.03094 68.83 1890.00 390.208 7.67 650.29 44756.6 0.315439 1.2777 0.24853 72.532 0.26792 18.440 - - - SOT

HPT 1 NGV throat 0.03094 68.83 1659.56 214.532 7.67 569.41 39189.8 0.310364 1.2835 - 39.877 - - 1.00000 0.3845 19.94

HPT 1 in 0.03094 68.83 1890.00 390.208 7.67 650.29 44756.6 0.315439 1.2777 0.24853 72.532 0.26792 18.440 - - - RIT

HPT 1 exit 0.03094 68.83 1397.22 72.334 35.57 481.98 33172.1 0.302939 1.2925 0.15506 13.445 0.29001 19.960 - - -

Combustor 2 in 0.02904 73.18 1371.57 72.334 37.47 472.55 34582.2 0.301120 1.2948 0.14723 13.445 0.28217 20.650 - - -

Combustor 2 exit 0.02904 73.18 1371.57 72.334 37.47 472.55 34582.2 0.301120 1.2948 0.14723 13.445 0.28217 20.650 - - -

HPT 2 in 0.02904 73.18 1371.57 72.334 37.47 472.55 34582.2 0.301120 1.2948 0.14723 13.445 0.28217 20.650 - - -

HPT2 NGV throat 0.02904 73.18 1195.37 39.543 37.47 417.22 30532.8 0.294543 1.3034 - 7.350 - - 1.00000 0.3865 96.93

HPT 2 exit 0.02904 73.18 1371.57 72.334 37.47 472.55 34582.2 0.301120 1.2948 0.14723 13.445 0.28217 20.650 - - -

LPT 1 in 0.02875 73.91 1365.77 72.334 37.76 470.52 34775.3 0.300776 1.2952 0.14561 13.445 0.28055 20.735 - - -

LPT1 NGV throat 0.02875 73.91 1190.09 39.537 37.76 415.47 30706.6 0.294185 1.3039 - 7.349 - - 1.00000 0.3866 97.67

Spare

LPT 1 exit 0.02875 73.91 797.58 5.535 377.08 300.76 22228.5 0.273435 1.3346 -0.00896 1.029 0.30220 22.335 - - -

HX inlet 0.02875 73.91 797.58 5.535 377.08 300.76 22228.5 0.273435 1.3346 -0.00896 1.029 0.30220 22.335 - - -

HX exit 0.02875 73.91 797.58 5.535 377.08 300.76 22228.5 0.273435 1.3346 -0.00896 1.029 0.30220 22.335 - - -

LPT2 in 0.02875 73.91 797.58 5.5354 377.08 300.76 22228.5 0.273435 1.33465 -0.00896 1.029 0.30220 22.335 - - -

LPT2 NGV throat 0.02875 73.91 776.78 4.982 377.08 295.03 21805.0 0.272107 1.33683 - 0.926 - - 0.40000 0.2439 1545.80

LPT2 exit 0.02875 73.91 797.58 5.535 377.08 300.76 22228.5 0.273435 1.33465 -0.00896 1.029 0.30220 22.335 - - -

LPT OGV exit 0.02845 74.67 793.58 5.502 382.30 299.61 22372.2 0.273067 1.3352 -0.01062 1.023 0.30095 22.472 - - -

Core noz choked 0.02845 74.67 675.88 2.903 382.30 267.72 - 0.265410 1.3483 - 0.540 - - 1.00000 0.3911 977.54

Core exit static 0.02845 74.67 705.98 3.458 382.30 275.77 20591.4 0.267388 1.3448 -0.04222 0.643 0.30119 22.490 0.85863 0.3837 996.34

Fan bypass inlet 1482.98 259.69 5.364 4455.50 162.94 241630.6 0.239421 1.4013 -0.31311 0.997 0.00021 0.305 - - -

Fan tip exit 1482.98 289.64 7.647 3300.32 170.11 252271.2 0.239657 1.4007 -0.28696 1.421 0.00204 3.020 - - -

Bypass inlet 1481.67 289.64 7.647 3297.41 170.11 252048.9 0.239657 1.4007 -0.28696 1.421 0.00204 3.017 - - -

Bypass exit 1481.67 289.64 7.571 3330.72 170.11 252048.9 0.239657 1.4007 -0.28696 1.407 0.00273 4.038 - - -

Bypass noz choked 1481.67 241.22 3.994 3330.72 158.52 - 0.239348 1.4014 - 0.742 - - 1.00000 0.3964 8401.38

Bypass exit static 1481.67 231.43 3.458 3330.72 156.17 231396.1 0.239328 1.4015 -0.34069 0.643 0.00273 4.040 1.11977 0.3920 8495.90

IC cooling inlet 0.00 289.64 7.647 0.00 170.11 0.0 0.239657 1.4007 -0.28696 1.421 0.00204 0.000 - - -

IC cooling exit 0.00 289.64 7.647 0.00 170.11 0.0 0.239657 1.4007 -0.28696 1.421 0.00204 0.000 - - -

IC Cool noz choke 0.00 241.22 4.035 0.00 158.52 - 0.239348 1.4014 - 0.750 - - 1.00000 0.3964 0.00

IC Cool exit static 0.00 230.76 3.458 0.00 156.01 0.0 0.239328 1.4015 -0.34137 0.643 0.00204 0.000 1.12777 0.3915 0.00

CCACA port inlet 1.31 289.64 7.647 2.91 170.11 222.3 0.239657 1.4007 -0.28696 1.421 0.00204 0.003 - - -

CCACA port exit 1.31 627.58 7.265 4.51 252.82 330.4 0.252488 1.3728 -0.09836 1.350 0.19416 0.254 - - -

CCACA noz choke 1.31 526.49 3.805 7.88 227.57 - 0.247100 1.3840 - 0.707 - - 1.00000 0.3947 19.97

CCACA exit static 1.31 511.71 3.458 8.55 223.92 292.6 0.246386 1.3856 -0.14923 0.643 0.19418 0.254 1.09281 0.3921 21.80

HP bleed port 0.00 679.01 109.202 0.00 265.88 0.0 0.255427 1.3669 -0.07836 20.298 - - - - -

HP bleed noz choke 0.00 570.79 57.191 0.00 238.57 0.0 0.249370 1.3792 -0.12215 10.631 - - 1.00000 0.3942 0.00

HP bleed exit static 0.00 258.88 3.458 0.00 162.74 0.0 0.239417 1.4013 -0.31385 0.643 - - 2.89403 0.1000 0.00

LP bleed port 0.00 365.84 15.984 0.00 188.42 0.0 0.240990 1.3976 -0.23086 2.971 - - - - -

LP bleed noz choke 0.00 304.83 8.417 0.00 173.75 0.0 0.239836 1.4003 -0.27471 1.565 - - 1.00000 0.3963 0.00

LP bleed exit static 0.00 236.21 3.458 0.00 157.32 0.0 0.239336 1.4015 -0.33579 0.643 - - 1.65628 0.3054 0.00

* W includes bleeds not extracted before HPC exit, gamma based on T exit not t, to avoid need for iteration

Design Point Station Data (static stations in blue):

Example Component Data Tabulation:

Combustors Efficiency Guess FF WH FF from dT ref. FAR in W in H*W in H cooled H*W Tref dH*W FAR out W out H*W out H @ Tref H*W Tref

lb/s CHU DH lb/s K lb/s CHU to Tref cooling lb/s CHU

Combustor 1 1.0000 2.0653 21484.3 2.0653 897.82 0.00000 66.760 23272.3 172.151 11492.8 11779.6 0.03094 68.825 44756.6 172.406 11865.9

Combustor 2 1.0000 0.0000 0.0 0.0000 0.00 0.02904 73.181 34582.2 172.391 12615.8 21966.4 0.02904 73.181 34582.2 172.391 12615.8

Combined - 2.0653 21484.3 2.0653 897.82 - - - - - - - - - - -
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Figure 96 – Excel Model Typical Input Data and Iteration Control 

 

  

To iterate to a solution, copy values of bold blue cells below 

  into bold red cells and repeat (function F4) until converged,

   or create a macro to do the same

For non-zero parameters, do not start with very small or 

   "zero" guesses

Converged Models ?

Climb Cruise Takeoff

Overall YES YES YES

Tolerance on errors 0.0030% 0.0030% 0.0030%

Iteration errors 0.0000% 0.0000% 0.0000%

Mass flow error 0.00000 0.00000 0.00000 lb/s

Mass flow error 0.0000% 0.0000% 0.0000%

Heat balance error 0.338 0.000 0.301 CHU

Heat balance error 0.0016% 0.0000% 0.0006%

Mass flow error is re. total fan flow

Heat balance error is re. enthalpy in fuel

Climb Suggested 

Design Point Guesses Calculated Errors  First Guesses

γ fan mean 1.40102 1.40102 0.0000% 1.40

γ LPC mean 1.39984 1.39984 0.0000% 1.39

γ HPC mean 1.36628 1.36628 0.0000% 1.38

γ pre-comp mean 1.40141 1.40141 0.0000% 1.40

γ hot nozzle mean 1.33659 1.33659 0.0000% 1.36

γ cold nozzle mean 1.40120 1.40120 0.0000% 1.40

γ IC cool nozzle me' 1.40121 1.40121 0.0000% 1.40

γ CCACA nozzle me' 1.37923 1.37923 0.0000% 1.40

γ HP bleed mean 1.38753 1.38753 0.0000% 1.39

γ LP bleed mean 1.40011 1.40011 0.0000% 1.39

γ hot nozzle choked 1.34829 1.34829 0.0000% 1.36

γ cold nozzle choke' 1.40144 1.40144 0.0000% 1.40

γ IC cool nozzle ch' 1.40144 1.40144 0.0000% 1.40

γ CCACA nozzle ch' 1.38401 1.38401 0.0000% 1.40

γ HP bleed nozzle c' 1.37919 1.37919 0.0000% 1.39

γ LP bleed nozzle c' 1.40030 1.40030 0.0000% 1.39

dT HPT1 492.776 492.776 0.0000% 200

dT HPT2 0.000 0.000 0.0000% 0

dT LPT 1 568.194 568.194 0.0000% 400

dT LPT 2 0.000 0.000 0.0000% 0

dT c/a 0.0000 0.0000 0.0000% 0

dT c/a 0.0000 0.0000 0.0000% 0

dT c/a -25.6491 -25.6491 0.0000% -30

dT c/a -5.8034 -5.8034 0.0000% -4

dT c/a 0.0000 0.0000 0.0000% 0

dT c/a -3.9988 -3.9988 0.0000% -2

dT IC coolant 0.000 0.000 0.0000% 0

dT CCA coolant 337.940 337.940 0.0000% 50

dT HX 0.000 0.000 0.0000% 0

FF 1 2.0653 2.0653 0.0000% 1.45

FF 2 0.0000 0.0000 0.0000% 0.36

LPC dH*W 1850.08 1850.08 0.0000% 1452

HPC eta correction 0.0140 0.0140 0.0000% 0.00

CCA Flow 0.0600 0.0600 0.0000% 0.06

Sum of errors 0.0000%

Suggested 

Cruise CalculatedCalculated Errors  First Guesses

γ fan mean 1.40126 1.40126 0.0000% 1.40

γ LPC mean 1.40009 1.40009 0.0000% 1.39

γ HPC mean 1.37251 1.37251 0.0000% 1.38

γ pre-comp mean 1.40147 1.40147 0.0000% 1.40

γ hot nozzle mean 1.36446 1.36446 0.0000% 1.36

γ cold nozzle mean 1.40137 1.40137 0.0000% 1.40

γ IC cool nozzle me' 1.40138 1.40138 0.0000% 1.40

γ CCACA nozzle me' 1.40137 1.40137 0.0000% 1.40

γ HP bleed mean 1.39103 1.39103 0.0000% 1.39

γ LP bleed mean 1.40032 1.40032 0.0000% 1.39

γ hot nozzle choked 1.37150 1.37150 0.0000% 1.36

γ cold nozzle choke' 1.40150 1.40150 0.0000% 1.40

γ IC cool nozzle ch' 1.40150 1.40150 0.0000% 1.40

γ CCACA nozzle ch' 1.40150 1.40150 0.0000% 1.40

γ HP bleed nozzle c' 1.38468 1.38468 0.0000% 1.39

γ LP bleed nozzle c' 1.40044 1.40044 0.0000% 1.39

dT HPT1 449.483 449.483 0.0000% 200.00

dT HPT2 0.000 0.000 0.0000% 0.00

dT LPT 1 491.732 491.732 0.0000% 400.00

dT LPT 2 0.000 0.000 0.0000% 0.00

dT c/a 0.0000 0.0000 0.0000% 0.00

dT c/a 0.0000 0.0000 0.0000% 0.00

dT c/a -13.8702 -13.8702 0.0000% -30.00

dT c/a -4.4319 -4.4319 0.0000% -4.00

dT c/a 0.0000 0.0000 0.0000% 0.00

dT c/a -2.5450 -2.5450 0.0000% -2.10

dT IC coolant 0.000 0.000 0.0000% 0.00

dT CCA coolant 0.000 0.000 0.0000% 50

dT HX 0.000 0.000 0.0000% 0.00

FF 1 1.3917 1.3917 0.0000% 1.73

FF 2 0.0000 0.0000 0.0000% 0.35

LPC dH*W 1854.67 1854.67 0.0000% 1382.12

Core mass flow 69.11 69.11 0.0000% 72.61

Fan mass flow 1499.20 1499.20 0.0000% 1555.61

HPC pressure ratio 19.991 19.991 0.0000% 25.858

Fan pressure ratio 1.330 1.330 0.0000% 1.426

HPC exit Mn 0.2540 0.2540 0.0000% 0.25

Sum of errors 0.0000%

General Inputs Note user inputs have red text

Fuel Lower Heating Value CHU/lb 10222 MJ/kg 42.797

Ref Fuel Temperature K 298.15

Fuel CP CHU/lb.K 0.4777 kJ/kg.K 2.00

Datum HPC last blade height mm 13.00 for efficiency corrections

HPC exit hub/tip ratio 0.925 see actual blade height below

Cooled cooling air T3+ critical K 900 set high to switch CCA off

Index for scaling cooling air flow 0.65 set to 1, or to between 0.5

Number of HP1 turbine stages 2 and 0.8 for scaling

Cases Climb Cruise Takeoff Notes

Altitude  ft 35000 35000 0 Geopotential altitude

Mach 0.82 0.82 0.25

Dtamb  deg. C 10 0 15

Power offtake  kW 260 260 260 from HPT

User general inputs: Iteration monitoring:

Top of the list of case specific inputs:

Iteration variables for design point: Iteration variables for off-design case:
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Appendix D  THE TRUE MOTION OF A NUTATING DISC 

The exact motion of a nutating disc depends on the constraint applied to it to 

prevent it from rotating, so a model was created using the ‘Proper Euler Angles’ 

method to accurately compute the true motions of a disc. Figure 97 shows the 

correct motions of five representative points on the rim of a nutating disc plotted 

through a complete cycle of nutation. In this example, nutation of a disc with 

axis X is constrained from rotation by a pin sliding in a slot in the z=0 plane in 

the static frame of reference (x, y, z). The angle of nutation α between the axes 

x and X is 30° (which exaggerates the displacements relative to a more 

practical angle of around 20° for the proposed topping-cycle modules). 

  

  
 

Figure 97 – True Paths of Points on the Rim of a Nutating Disc 
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